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2  Minutes of the Meeting 
by F Lam, Canada 

 

CHAIRMAN'S INTRODUCTION  

P Dietsch welcomed the delegates to the 8th International Network of Timber 
Engineering Research (INTER) which was held as an on‐line meeting because of the 
Covid‐19 pandemic.  He thanked the participants of this meeting for participating in 
spite of time zone challenges.  In total 96 participants from 18 countries registered 
for this INTER meeting.  He also thanked Karlsruhe Institute of Technology KIT for 
hosting of this meeting. 

This is the 54th meeting of the group including the series of former CIB‐W18 
meetings.  By moving to an Online‐meeting, INTER could continue its tradition of 
yearly meetings to discuss research results related to timber structures with the aim 
of transferring them into practical applications.   

The chair introduced all the participants. 

Twenty‐three papers were accepted for this meeting with 38 submitted abstracts. 
This includes 7 accepted but withdrawn papers from last year’s meeting. 21 of the 
accepted papers will be presented as 2 papers were withdrawn.  The papers were 
selected based on a review process for the abstracts with 4 acceptance criteria (state 
of the art, originality, assumed content, and relation to standards or codes).  17 
members acted as reviewers and each abstract was reviewed by at least 8 reviewers.  
Full papers were requested to be submitted one month before the meeting to 
facilitate distribution to the participants prior to the meeting. The Chair thanked all 
authors of abstracts and papers as well as all reviewers for their work. 

The presentations were limited to 20 minutes each, allowing time for meaningful 
discussions after each presentation. The Chair asked the presenters to conclude the 
presentation with a general proposal or statements concerning impact of the 
research results on existing or future potential applications and development in 
codes and standards.  

The topics covered in this meeting were:  Timber Columns (1) Stress for Solid Timber 
(1) Timber Joints and Fasteners (10) Laminated Members (6) Structural Stability (1) 
Fire (2). Numbers in parentheses are the number of papers presented in each topic 
based on initial allocation. 

Notes were not presented in this meeting due to the time limitation of 4 hours 
meeting time each day, which was necessary to best accommodate for the time zone 
differences. 
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The Chair encouraged the tradition of active questions and discussion processes for 
our meeting and reviewed the rules and guidelines for web‐based participation for 
presentations and the question/discussion process. 

He invited all authors to amend their papers according to the comments and 
recommendations received before submit the final paper for the proceedings. 
Finalized papers must be sent to Rainer Görlacher at the latest end of September this 
year. 

Information from other organizations 

P Dietsch provided the following information on European standardization: 

CEN/TC 250/SC 5 Design of timber structures: The revision of Eurocode 5 is in full 
effect. Project Teams 4 “Fire” and 5 “Connections” have finalized their work, Project 
Team 6 “Bridges” is in its last weeks of finalization.  

Eurocode 5 part 1‐1 is in the process of being compiled and will go to informal 
enquiry in October/November this year. The same holds for Eurocode 5 part 1‐2 
“fire”. Eurocode 5 part 2 “bridges” will go into informal enquiry in April/May next 
year. Then a lot of administrative work at CEN starts, before the formal enquiries will 
happen in 2023, followed by formal vote in 2025.  

The Chairman of SC 5, S Winter, will provide (upon request) a copy of WCTE paper on 
the current status of Eurocode 5.  

CEN/TC 124 Timber structures: The European work on product standards in CEN/TC 
124 has slowed down quite a bit due to the unclear situation, namely that the 
European Commission has stopped citing new or revised hEN candidates in the 
Official Journal of the European Union. This situation will presumably persist for many 
years, until a new edition of the Construction Products Regulation (CPR) has been 
developed or the CPR‐Acquis (system of related legal documents) has been changed. 
The possible workaround to remove new product standards from the hEN‐list and 
publish without Annex ZA is questioned by producers. It is unclear if the signal to the 
European Commission, namely the possibility to install an alternative system for 
international approval, outweighs a possible tendency to renationalisation. 

M Fragiacomo provided updates on SC8 Earthquake resistance design of structures, 
as they are working towards provisions for new buildings, existing buildings and 
timber bridges. 
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TIMBER COLUMNS 

54 ‐ 2 ‐ 1  Buckling of Slender Timber Beam‐Columns under Combined Loading, 
Including Creep ‐ I K Abeysekera, I Feltham, A Lawrence 

Presented by I K Abeysekera 

 

H Blass asked about the possibility to check imperfections as there can be both 
material and geometric imperfections in a column.  I K Abeysekera said that as long 
as good grading practice is available material imperfection would average out.  H 
Blass commented that one would not know the ratio of the influence between the 
two types of imperfections and engineers on site will not be able to check the 
material imperfections as they are random.  H Blass further commented that this 
approach seems to be deterministic and this would be important especially for creep 
where low stress ratios would be typically encountered and their findings indicated 
that creep would not be a problem for slender columns.  I K Abeysekera agreed that 
the approach is deterministic. 

G Hochreiner stated that there is no validation in this paper which requires 
experimental data on creep curve.  I K Abeysekera said that the results were based on 
a logarithmic shaped creep curve as referenced in the STEP book.  G Hochreiner 
stated that this is not considered in Eurocode 5 and it is also referenced to strength 
and not displacement.  P Dietsch suggested further discussion on this topic in a 
breakout room. 

S Aicher said this approach is only valid for monotonically applied loads.  Varying 
vertical loads would result in deformation rebound and creep recovery is a 
complicated process and not considered in total.  IK Abeysekera said the current 
approach is conservative.  The consideration of varying load and creep recovery 
would be too complicated for code considerations. 

S Aicher commented that economic impact analysis on the approach is needed.  P 
Dietsch suggested adding such information as a short appendix for the paper. 

P Dietsch commented that stress utilization needs to reach a certain level before 
creep becomes important. This fact is implicitly covered in the German National 
Annex. I K Abeysekera agreed that this could be considered in the approach. 

M Fragiacomo commented that the limit of load level for creep for high strength 
engineered wood products might be an issue.  He received clarification that the quasi 
permanent load combination should be used.  

A Frangi said most of the loads on the column are non‐permanent and he was not 
sure whether a direct addition of the effects of the permanent and non‐permanent 
loads would be appropriate.  In addition he is not sure about the need to solve 
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differential equations.  IK Akeysekera said solutions to the differential equations are 
provided. 

U Kuhlmann commented that one of the outcome of their work on lateral torsional 
buckling is that creep does not affect stability.  A simple approach with a reduction 
factor to modify stiffness may be more practical and should be attempted.  I K 
Abeysekera agreed. 

 

STRESSES FOR SOLID TIMBER 

54 ‐ 6 ‐ 1  A New Probabilistic Approach to Model the Tensile Properties of Split 
Spruce Boards and its Application in Engineered Timber Products ‐  
R Sieder, R Brandner 

Presented by R Sieder 

 

H Blass commented that this approach considered resawn or split glulam and asked 
about application of the approach to consider CLT especially the consideration of 
finger joints.  R Sieder said that the influence of finger joint strength was modeled 
based on TKAR.  H Blass said that in CLT part of the board may have finger joint and 
part of the board may not have finger joint.  R Sieder responded that the model can 
consider such case. 

C Tapia asked what is the benefit of having an intermediate zone in the model.  R 
Sieder said that the influence with and without intermediate zone has not been 
studied and agreed the influence might be minor.  C Tapia said that TKAR values were 
used to represent finger joints but the actual tensile strength of finger joints are 
commonly measured.  He asked why not work directly with finger joint strength data.  
R Sieder said this may be done later. 

E Ussher asked about MOE values and the situation where reaction wood might be 
involved.  He also asked about the boundary conditions.  R Sieder said that MOE as 
influenced by the resawing process was considered minimal.  The timber considered 
may have reaction wood in it.  Also four‐point bending with simple supports was 
considered. 

R Brandner added that flat finger joints were considered in the study and discussed 
with C Tapia that variation of finger joint properties was already considered with the 
approach.    

A Frangi commented that in fire situation there might be an issue with the slender 
split beam exposed on three sides to fire load.  R Sieder stated that no special 
considerations would be needed. 

M Westermayer questioned about need of consideration of fiber deviation in the 
model.  R Sieder stated that fiber deviation was not explicitly considered in the model 
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and might consider this with additional strength reduction.  R Sieder clarified that 
clear zone length was randomly treated and not fixed at say 150 mm. 

P Dietsch suggested adding the table from last two slides to the paper.   

C Tapia asked what type of distribution of strength along the board was found.  R 
Sieder said not quite lognormal distribution as tail fittings were not perfect. 

 
TIMBER JOINTS AND FASTENERS 

54 ‐ 7 ‐ 1  Steel Properties of Self‐Tapping Screws ‐ C Sandhaas, H Blass 

Presented by C Sandhaas 

 

A Ringhofer agreed with the conclusions.  He commented that torsional moment 
capacity might be influenced by hardness distribution within the cross section.  He 
also noted that the approach is conservative and asked about allowing more 
flexibility to adopt higher values based on testing.  C Sandhaas agreed that this might 
be possible.  She also confirmed that the screws were produced by European 
companies but may be produced outside Europe.   

M Fragiacomo commented that design for seismic consideration might be 
problematic especially for over strength factor consideration in capacity based design 
as there was a large spread between the design values and the upper values.  H Blass 
commented that it would not be a good idea to use screws in dissipative zones for 
seismic design and agreed that larger over strength factors might be needed.  

I K Abeysekera asked about combined axial and bending action with reduced yield 
moment.  C Sandhaas said that this was investigated by H Blass in INTER 2017.  IK 
Abeysekera asked whether it would be possible for manufacturers to limit the COV of 
their products for seismic zones.  C Sandhaas and A Ringhofer responded that the 
COV for one screw type and one producer would be low.  R Brandner said that this 
would be true within one batch but there would be higher variation between 
batches.  C Sandhaas agreed and commented that this type of issue also exists for 
steel dowels for seismic design. 

 

54 ‐ 7 ‐ 2  Self‐tapping Timber Screws Subjected to Combined Axial and Lateral 
Loading ‐ A Ringhofer, M Burtscher, M Gstettner, R Sieder 

Presented by A Ringhofer 

 

H Blass commented that Bejtka in 2006 performed embedment tests with axial loads.  
A Ringhofer said the work was referenced in the paper but they could not explain the 
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difference in findings.  It could be due to the smaller size of specimens compared to 
those used in the current study. 

H Blass commented that the “pure” shear load would have axial load due to rope 
effect.  As such higher axial loads in the screw exist, he asked how would one 
consider this in design.  A Ringhofer agreed and stated that this has to be considered 
via M+V interaction.   

R Jockwer asked if one would apply both the axial load and the rope effect in design.  
A Ringhofer responded that the information as shown in the graphs in the paper is 
based on test results so both effects exist.  Modifying the Eurocode design model 
based on M+V interaction would solve the problem. 

P Dietsch commented that the printed version of the paper will be in B+W so 
coloured figures will not be available.  He noted that Kser values were low compared 
to Eurocode 5.  He asked if this is caused during the drilling, e.g. cutting of fibers, and 
that such large differences should be considered.  A Ringhofer stated that drilling 
effect should have increased the stiffness via densification of the wood by the screws.  
For example, with predrilling withdrawal stiffness would decrease compared to non‐
predrilled cases. 

S Shen asked whether these factors could be applied to non‐smooth shank nails.  A 
Ringhofer stated that in principle this analogy should be applicable. 

A Frangi asked about group effect and if the information would be applicable for 
groups of connectors.  A Ringhofer stated that a limited number of tests with one 
screw length was done showing similar trend. 

 

54 ‐ 7 ‐ 3  Rigid Glulam Joints with Glued‐in Rods Subjected to Axial and Lateral 
Force Action ‐ S Aicher, K Simon 

Presented by S Aicher 

 

P Dietsch commented that the shear force capacity for cases with loading close to the 
edge might be more a perpendicular to grain situation.  S Aicher agreed as one 
moved more away from the loaded edge one would get more load transfer via 
compression perpendicular to grain and conversely as one moved closer to the 
loaded edge one would get more load transfer via tension perpendicular to grain. 

R Jockwer stated that the lateral load carrying capacity in the Eurocode draft is 
supposed to refer to the fastener capacity and not related to timber splitting with the 
assumption of loading far away from the loaded edge.  S Aicher was not sure about 
the necessity to verify the tension strength perpendicular to grain capacity of the 
timber.  It is more important to make the process more transparent to designers.  S 
Aicher also agreed that one could overcome the problem via reinforcement.  
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However it is not intended for reinforcement to be used all the time especially if 
there are many joints for consideration.  One should understand how the joint works. 

R Jockwer asked about interaction.  He questioned whether one is sure about using 
the quadratic based interaction in the long term if cracks exists.  S Aicher said it is 
important that we find a good solution if we want to utilize most of the axial capacity 
and find an option to deal with the lateral force.  S Aicher said they do not yet have 
the final answer. 

T Tannert commented the reverse loading situation is important and asked if the 
results would be different under reverse loading.  S Aicher responded that the results 
for reverse loading were not provided in this paper because of limited length of 
paper.  He said that the same load in the opposite side could be achieved and the 
cracks do not harm the situation too much.  However reverse cyclic loading with 
increasing amplitude may be a problem under many cycles.  T Tannert asked whether 
work is available for screwing rods into side grain.  S Aicher responded that this was 
not planned as insertion into the end grain is more relevant. 

E Serrano commented about the test set up in terms of distance to the loaded edge 
via a point load.  E Serrano and S Aicher discussed about the influence of test method 
in relation to actual load application.  S Aicher further said looking at the stress plots 
they did not notice too much axial forces.   

P Dietsch commented that adding reinforcement in this setting can provide a robust 
solution. 

 

54 ‐ 7 ‐ 4  Slip Modulus Formulas for Timber‐to‐Timber Inclined Screw Connections 
– Comparison with other Simplified Models ‐ Y De Santis, M Fragiacomo 

Presented by Y De Santis 

 

R Brandner questioned the R2 value being negative and greater than one.  Y De Santis 
will provide definition of R2.  R Brandner later acknowledged in chat that R2 value 
outside the range of (0, 1) is possible without using real data. 

H Blass commented that the comparison with Eurocode 5 formulation for inclined 
screws is meaningless as it does not deal with inclined screws.  This should be 
removed from the paper. 

W Dong stated that in Girhammer’s work embedment test approach was considered 
to be similar to the compression test approach and deemed to be unsuitable for the 
model.  Y De Santis said that embedment test results provided local deformability 
information of the timber to allow avoiding the need to experimentally evaluate 
withdrawal stiffness. 
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W Dong commented that using the two springs approach for the parallel and 
perpendicular to grain directions may result in discrepancy in boundary cases of 
withdrawal test results perpendicular to grain and embedment test results.  Y De 
Santis agreed. 

R Tomasi agreed that there may be issues at the extreme say at 0 or 90 degree.  He 
asked about friction in the shear plane.  Y De Santis said that model is valid but has an 
issue with the 90 degree case which is not a realistic situation.  Friction was not 
considered in the model because they observed in some experimental sets say with 
cross configuration and in some inclined screw configurations, friction did not seem 
to be present.  R Tomasi and Y De Santis discussed the consideration of double 
stiffness model and single stiffness model for various cases. 

A Ringhofer received clarification that angle = 0 degree implies pure shear load.   

P Dietsch suggested possible amendments of the paper to be considered based on 
the comments and discussion. 

 

54 ‐ 7 ‐ 5  Connections with Inclined Screws and Increased Shear Plane Friction ‐ S 
Aurand, H J Blaß 

Presented by S Aurand 

 

R Jockwer asked about lower residual coefficient of friction after slip in the pyramid 
pattern and asked about ductility.  S Aurand said the behaviour is ductile in general.  
He did not observe failure of the pyramid pattern and did not observe any clear drop 
of friction forces. 

P Dietsch commented that the large pyramids might reduce risk of influence of large 
moisture changes.  He asked if there is interest to study influence of changing 
moisture content.  S Aurand replied that moisture issue is not part of the project and 
it may be considered in the future. 

P Dietsch asked which is the optimal solution based on production, performance and 
sustainability issues.  S Aurand replied that milled pyramids are work intensive to 
produce; nevertheless, replacing aluminium with a more environmentally friendly 
option is a good solution. 

I K Abeysekera and S Aurand discussed DVM availability in the market.  DVM is used 
in other industrial applications and can be milled. 

C Sigrist commented on the competitiveness of aluminium connections with respect 
to its advantages.  H Blass responded that the aluminium connections have 
disadvantages say with respect to mounting etc.  The system overcomes these issues. 
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A Frangi and P Palma commented that DVM and aluminium connections were 
considered from the fire performance perspective.  Replacing the aluminium 
connections with DVM is a good idea for fire performance.  S Aurand agreed. 

S Aicher commented that dovetail aluminium connectors allowed small uptake of 
normal forces and asked if such issues have been considered.  S Aurand stated during 
the development of prototypes, tests were done with other loading conditions.  For 
example, they did not observe any issue with moment but this paper only deals with 
friction. 

E Ussher asked about ductility as timber connections typically rely on the metal to 
provide ductility.  He asked whether shrinkage could be an issue.  A Aurand replied 
that wood also has ductility from the compression.  H Blass also replied that DVM do 
not shrink nor swell as they are saturated with resin. 

O Sisman asked about which failure modes are more ductile and asked about using 
this in vertical joint.  For CLT walls, S Aurand said the screw withdrawal and wood 
failure with perpendicular orientation seemed to be more ductile.  H Blass replied 
that his connector was not intended to provide ductility for seismic applications and 
load slip graphs are available in the paper. 

P Dietsch commented that page limit being exceeded in the paper. He would be open 
to discuss the current limit with INTER but a set limit  will be more strictly enforced in 
the future. 

 

54 ‐ 7 ‐ 6  Minimum Geometric and Execution Requirements for Axially Loaded 
Groups of Screws in Hardwood ‐ U Mahlknecht, R Brandner, A Ringhofer 

Presented by U Mahlknecht 

 

M Westermayr commented about neff of 1 with respect to screw failure.  As variation 
between manufacturers seemed too high, with some manufacturer having COV of 
5%, careful consideration of material used would be needed as knot and growth 
defect could have affected the results.  U Mahlknecht agreed in general.  The beech 
material is of high quality and the birch has bit more growth defects.  M Westermayr 
commented that his own work indicated material quality could affect the direction of 
the drilling. 

W Dong asked about the small spacing and what type of equipment was used to drill 
the holes with tight screw spacing that can avoid contact of the screws.  U 
Mahlknecht agreed that this could depend on the drilling equipment.  They did not 
encounter screw contact with 600 screws installed.  U Mahlknecht clarified that 
predrilling was done stepwise to the total insertion step.  70 mm was drilled first with 
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a fixed machine and the rest with a manual drill to allow more consistent angle at the 
beginning.  W Dong commented that on site installation might be an issue. 

G Ravenshorst asked if there is any relationship with density, e.g. how would this 
work with say high density material of say 1000 kg/m3.  U Mahlknecht responded that 
their dataset did not have a large density range. With the available screws of 8 mm at 
10d screw tensile failures were encountered for material at 550 kg/m3.  In higher 
density cases tensile capacity of the screws would govern. 

R Brandner commented that predrilling and not on‐site installation are advised.  R 
Brandner tested Eucalyptus LVL.  The results seemed to show more brittle behaviour 
with splitting failures.  The conclusions in this paper only relate to the products tested 
in the paper. 

I K Abeysekera asked about the distinction between ductile and brittle failure mode 
and why withdrawal failure was identified as ductile. U Mahlknecht responded that 
ductile in the sense of comparison to splitting failure and not in the sense of seismic 
applications.  Also there is a possibility of formation of plastic hinges with slender 
screws. 

 

54 ‐ 7 ‐ 7  Beam‐on‐Foundation Modelling as an Alternative Design Method for 
Timber Joints with Dowel‐Type Fasteners – Part 4: Joints Subjected to In‐
Plane Loading ‐ R Lemaître, J‐F Bocquet, M Schweigler, T K Bader 

Presented by R Lemaître 

This paper was already presented in 2020. By request of the authors it was not 
published in 2020. Discussion of 2020: 
P Quenneville asked why the evaluation of Kser started from origin and was not 
started from the post cyclic zone.  R Lemaître said that there was no initial 
gaps/clearance in the connection between the steel plate and timber. 

P Gronquist asked if the BoF approach was compared with other models and 
compared the difference between timber and steel.  R Lemaître said no this was not 
done. 

E Serrano asked about consideration of coupled and uncoupled springs to model 
connector behaviour.   R Lemaître responded that uncoupled springs were used 
because comparisons with test results showed good agreement for the embedment 
behaviour.  However the path of the dowel movements between simulations and test 
results were different.  Perhaps coupled springs should be considered. 

C Sigrist asked about the power function in the proposal and whether it was possible 
to determine the power from the model.  R Lemaître responded that it was possible 
by regression approach of the test data one could fit the BoF approach to get the 
power parameter. 
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C Sigrist commented that models that can consider axially loaded connectors and Ku 
would also be needed.  R Lemaître responded that past work on 2‐D BoF presented in 
INTER could deal with axially loaded connections.  Ku could be estimated from the 
current approach. 

G Hochreiner asked whether out‐of‐plane bending behaviour could be predicted.  R 
Lemaître responded that this BoF model could work in principle but more work 
would be needed as the coefficients of the stiffness matrix would need more 
consideration and input. 

in 2021 R Lemaître provided a rationale to accommodate a revision to the paper on a 
similar subject because coupled springs instead of two uncoupled springs are needed 
based on observed failure modes. 

 

54 ‐ 7 ‐ 8  Beam‐on‐Foundation Modeling as an Alternative Design Method for 
Timber Joints with Dowel‐Type Fasteners – Part 3: Second Order Theory 
Effects for Considering the Rope Effect ‐ M Schweigler, M Vedovelli, R 
Lemaître, J‐F Bocquet, C Sandhaas, T K Bader 

Presented by M Schweigler and M Vedovelli 

 

R Jockwer asked if the 0.25 factor to account for rope effect in the current Eurocode 
5 is correct.  M Schweigler responded that the 0.25 factor can account for the friction 
in shear mode; therefore, it is a good factor.  R Jockwer commented that maybe this 
factor accounted for more than just the friction. 

G Hochreiner asked what would be the plan to account for the gap and friction.  M 
Schweigler said one should not replace EYM.  But using this approach would require 
more parameters to be defined in the standard.  G Hochreiner also asked about the 
impact of elasticity perpendicular to grain, the size of side member, and the size of 
the washer.  M Schweigler said these issues should be investigated in future work. 

P Palma questioned on modelling with springs based on embedment tests and asked 
why not calibrate the model with single fastener tests.  M Schweigler said there are 
many parameters to be considered in a single fastener test which could mask the 
embedment properties. 

E Tuhkanen asked about the friction between the steel plate and timber member as 
in real connections movement might not be allowed.  M Schweigler said only one 
fastener was considered in this study.  With multiple fasteners the modelling 
approach of R Lemaître would be more realistic which would also work with slotted in 
steel plate. 
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S Aicher asked about the density and compressive stiffness of the side member 
required to activate the friction force.  M Schweigler agreed that modelling of spring 
stiffness k is a challenge. 

S Franke agreed with the findings of 20% value as proposed. 

 

54 ‐ 7 ‐ 9  Stiffness of Steel‐Timber Dowel Connections – Experimental and 
Numerical Research ‐ U Kuhlmann J Gauß 

Presented by J Gauß 

 

J M Cabrero asked about the details of the embedment test and received explanation 
of the position of the reinforcement. J Gauß said that small steel plates were used to 
load the specimen in tension.  J M Cabrero and J Gauß discussed the possible reasons 
of why lower stiffness was measured for some of the reinforced cases as close 
position of the reinforcements could have densified some wood material leading to 
lower stiffness.   

H Blass received clarification that with reinforcement stiffness decrease was 
observed but ultimate load was increased.  Also the stiffness was based on absolute 
not relative load.  

F Lam received clarification that full hole tests used in the embedment tests did not 
result in bending of the dowel. 

S Aicher and J Gauß discussed the range of the observed stiffness information in 
terms of fitting of the model curve to the data.  J Gauß said some values are 50% to 
100% higher than the lowest values.  The COV of the embedment test might be 
around 40% and the COV of the tensile test might be around 25%.  Also embedment 
test results with only the undisturbed specimens might be unrealistic. 

A Frangi commented that the reasoning behind group effect as explained was 
difficult to understand.  He suggested not to include group effect for Kser as only 
having a single connector would be unrealistic.  J Gauß said that the hole tolerance 
limit has large scatter and agreed it would be easier to provide an overall stiffness 
reduction.  A Frangi commented that d1.7 is in the Swiss code. 

T Tannert asked about the sensitivity of the data to the variability of steel.  J Gauß 
said steel variability did not affect Kser but affected load capacity.  T Tannert asked 
about extending the work to multiple steel plate connections.  J Gauß said the beam 
on foundation model should be applicable for multiple steel plate connections. 
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54 ‐ 7 ‐ 10  New Analytical Model for Plug Shear of Timber Connections with Small 
Diameter Dowel‐Type Fasteners in the Parallel‐to‐Grain Direction ‐  
M Yurrita, J M Cabrero 

Presented by M Yurrita 

 

H Blass said that over 600 tests from others were used for your model.  Other models 
typically only used their own test data for model calibration.  Was this model checked 
with its own data using a calibration set and a verification set?  M Yurrita responded 
that the modelling process did not involve calibration.  

C Sigrist questioned why thickness of steel plate was not considered.  M Yurrita said 
that in case of small diameter fasteners there was no difference between thick and 
thin steel plates (~3% difference only).  C Sigrist pondered whether one would get 
plug shear failure mode in timber to timber connections. 

H Hochreiner questioned what would happen for unsymmetrically loaded 
connections.  M Yurrita said that this could be studied in future.  H Hochreiner said 
one would also have moments in such cases. 

C Sandhaas asked about background of KT and Kv.  M Yurrita said these are similar 
factors in Eurocode 5 and they are calibration factors from former models. 

 

54 ‐ 7 ‐ 11  Connection of Timber Foundation Piles to Concrete Extension Piles ‐  
G Ravenshorst, J van Dalen, M Mirra, R Steiger, J‐W van de Kuilen 

Presented by G Ravenshorst 

 

H Blass commented that this is similar to the case of timber column clamped in 
concrete foundation where design rules are available and shear is a major design 
consideration.  G Ravenshorst replied that shear did not seem to govern in this case 
as it would depend on the length of the socket.  

U Khulmann commented that such stability cases are also important for steel 
structures where Eurocode 3 part 5 has a lot of information. 

E Ussher asked whether there was any influence on point of fixity of the pile and 
whether the soil parameters would be site specific.  G Ravenshorst replied at the final 
position of the pile, there would be no influence at point of fixity at the pile tip.  Also 
the soil parameters are depth dependent but in general applicable for Dutch 
conditions of peat and sandy soil. 

P Dietsch asked  about the background of the limit of 500 mm below water level and 
why was kdef=1 which would be ½ of the value for service class 3 in code.  G 
Ravenshorst replied that the limit of 500 mm was based on practical experience as a 
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safe limit.  kdef = 2 might be based on dry/wet cycle and in this study the piles would 
be under constant wet state.  P Dietsch further commented that the creep in the 
parallel to grain direction might be lower. 

 

 

LAMINATED MEMBERS 

 

54 ‐ 12 ‐ 1  Mechanical Properties of European Beech Glulam after 32 Years in a 
Service Class 2 Environment ‐ T Ehrhart, P Grönquist, S Schilling, R Steiger, 
A Frangi  

Presented by P Grönquist 

 

P Dietsch supported the shear test set up conclusions.  He did not agree with the 
proposal to split up service class into A and B as the newly proposed approach in 
Eurocode 5 implicitly also deals with the issue.  P Grönquist replied splitting up 
service class into A and B would be more appropriate for modifying the current 
standard. 

R Brandner asked about the distribution of compressive stress and received 
clarification that there was no reinforcement used in the support. He commented 
that the difference between edgewise and depth‐wise shear strength results might 
be due to annual ring orientation effect.  He asked whether there was any difference 
in G for these orientations.  P Grönquist replied that the G data was not included in 
the paper and would look into the issue. 

R Brandner commented that some of the mean strength values reported in the text 
and the table are different.  P Grönquist replied that he would look into the issue and 
the difference might be deal to reporting of maximum likelihood censored data. 

R Brandner asked why stop the tests in some cases. P Grönquist replied that probably 
results of few pretests without failure were reported.  They would still be okay 
because the actual strength would be higher and use of censored data is appropriate. 

T Ehrhart added that there was no reinforcement at the support but 8 mm screws 
were used to fix the support.  He agreed that difference in annual ring orientation 
between flatwise and depth‐wise orientation resulted in the difference in the shear 
strength.  The paper will be amended to consider the comment on service class. 

G Ravenshorst asked what was the moisture content of the member on site and why 
not conduct the test at this moisture content.  P Grönquist replied that moisture 
content of the member on site would be between 12 to 20% and the testing was 
done at 9% MC. 
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S Malek asked about the difference in shear failure pattern between the edgewise 
and flatwise orientation.  T Ehrhart replied the failures involved the gluelines but they 
were not clear glueline failures.  They could not do more checks as the specimens 
were accidentally disposed. 

S Aicher commented that it is well known that edgewise shear strength is higher than 
flatwise shear strength in softwood.  He doubted that the failures were caused by 
glueline failures.  This could have easily been checked if the specimens were still 
available.  He commented that statements such as “appears to have lower strength” 
should not be used in the paper.  P Grönquist agreed. 

 

54 ‐ 12 ‐ 2  Influence of the Moisture Content on the Compressive Strength and 
Modulus of Elasticity Parallel to the Grain of Engineered Hardwood 
Products ‐ T Ehrhart, R Steiger, A Frangi 

Presented by T Ehrhart 

 

P Dietsch agreed to differentiate Kmod between bending and compression from a 
scientific point of view but stressed that this issue should also be viewed from a 
design perspective point of view, think of e.g. members under combined loads.  He 
asked how to ensure not having moisture distribution within the cross section.  T 
Ehrhart said this was not checked but the specimens were conditioned in a constant 
climate chamber until weight change was acceptable.   

R Brandner agreed about differentiating Kmod. He commented that wood 
drying/wetting has hysteresis behaviour.  Since the study focused in the absorption 
phase there might be a 2 to 3% difference from the desorption phase.  T Ehrhart said 
the hardwood product was typically glued at 9% MC, the product would always start 
from the absorption phase and change in MC would be slow; therefore, desorption 
would be unlikely.  R Brandner said in bridges application absorption followed by 
desorption might happen.  All agreed that there is no solution now.   

T Reynolds and T Ehrhart discussed using oven dried method and climate chamber 
method to achieve target moisture. 

C Sigrist commented that there is a lot of work needed for EN408 with the 
introduction of these new products.  The third draft of the standard will be released 
soon and he encouraged comments and suggestions from the colleagues. 

S Aicher agreed different Kmod for SC1 and SC2.  He commented that there are some 
European technical documents on downgrading compression strength of hardwood 
(oak, chestnut etc.) with a single factor due to moisture effect.  T Ehrhart will look 
into these documents. 
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54 ‐ 12 ‐ 3  Imperfections of Slender Glulam Beams ‐ U Kuhlmann, J Töpler 

Presented by J Töpler 

 

P Dietsch commented that the differences to other studies on the topic could be due 
to the consideration of members in finished buildings (i.e. including dead weight).  He 
said imperfection depends on construction quality, which could vary due to different 
level of experience, and pondered whether and how to take this into account in 
future version EC5.  J Töpler agreed that the assembly process has the highest 
influence.  It would be an important topic for the next generation of EC5 to provide 
guidance. 

E Ussher asked whether the model was calibrated prior to application.  J Töpler said 
the model was calibrated and verified and the information was presented in WCTE 
2021. 

G Hochreiner stated that imperfections should be defined independent of the 
structural model.  J Töpler replied this is a topic for discussion in term of approaches.  
G Hochreiner received clarification that the stiffness of the brace elements was based 
on values from cited paper.  They discussed the influence of local and global effects 
where global effects might be more dominant. 

S Aicher also commented that imperfection also depended on the stiffness in the 
minor axis.  J Töpler said there did not seem to be a big difference in the horizontal 
axis and this might be the case for the unbraced system. 

H Danielsson received clarification on the numerical modeling of the compression 
behaviour as nonlinearly ideal elastoplastic. 

 

54 ‐ 12 ‐ 4  Probabilistic Description of the Mechanical Properties of Glued Laminated 
Timber Made from Softwood ‐ S Schilling, P Palma, R Steiger, A Frangi 

Presented by S Schilling 

 

C Tapia commented that he is not convinced with size effect consideration of 
parameters within the Weibull distribution.  Only the scale parameter could be 
modified and the shape parameter related to COV should not be modified.  C Tapia 
also noted that the power law is also related to the Weibull distribution.  S Schilling 
responded that for perfectly brittle material COV would be a material constant.  As 
wood is not a perfectly brittle material changing COV would be okay. 

C Tapia stated that modelling compressive strength with normal distribution might be 
more appropriate compared to lognormal distribution.  Also truncation can be used 
to avoid possible encountering of negative strengths.  S Schilling agreed. 
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R Brandner commented that lognormal distribution for compressive strength 
perpendicular to grain might be better.  Also power law in general can be used and it 
is not necessarily tied to Weibull theory.   

R Brandner asked about the possible physic of material properties with changes in 
length.  S Schilling said accumulation of weak zone might be the issue.  R Brandner 
said lognormal distributions fit better than Weibull distribution in many cases and 
assuming Weibull distribution might affect results of reliability analysis.  He also 
commented that parameter distribution model by size is messy. 

F Lam agreed with most of the comments of C Tapia and R Brandner.  He commented 
he is uncomfortable with having distribution parameters on distribution parameters 
especially for shape parameter when working with size dependent properties.  
Canadian test data on glulam beams showed that variability of bending strength did 
not seem to be size dependent.  He said estimation of reliability index (beta) is 
influenced by the choice of probability distribution but fitting to the lower tails of the 
strength properties distributions is most important.  Also Beta is a relative not 
absolute value and we just need to be consistent with the approach. 

 

54 ‐ 12 ‐ 5  Load‐bearing Capacity and Fracture Behaviour of Notched Cross 
Laminated Timber Plates ‐ A Malagic, M Augustin, G Silly, A Thiel,  
G Schickhofer 

Presented by M Malagic 

 

P Dietsch received clarification that in the paper it is possible to have a linear 
interpolation of the proposed Kmod as a function of m so that Kmod is not 
discontinuous.  The use of the term Kmod should be reconsidered to avoid 
misinterpretation. P Dietsch commented that tension strength perpendicular to grain 
and rolling shear strength seemed too high.  A Malagic responded that analysis 
assumed volume dependency of these strength properties hence higher values. 

H Blass asked about the use of notch beam support Kn= 4,5.  He said this value is for 
LVL beams loaded edgewise and asked for justification for their use for CLT as a plate.  
A Malagic said this is the state of the art in design consideration.  H Blass disagreed 
and commented that this factor cannot be used for CLT. 

E Serrano and A Malagic discussed the similarity of the semi rigid approach to a 
previous paper with different choice of coupling.  E Serrano received clarification that 
comparison of different capacity in units of kn was based on width of the member 
used in the experimental program of 600 mm.  E Serrano commented that assumed 
semi infinite length as being a possible severe assumption.  A Malagic responded that 
the transition zone was small and therefore not a limiting factor. 
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54 ‐ 12 ‐ 6  Characterization of Rolling and Longitudinal Shear Creep for Cross 
Laminated Timber Panels ‐ C Allemand, A Lebée, M Manthey, G Forêt 

Presented by C Allemand 

 

T Tannert commented that in a CLT the rolling shear having low stiffness would 
attract lower loads and questioned the level of load considered in the experiment.   
C Allemand responded that in the rolling shear direction similar load level was guided 
by the load level for the longitudinal shear direction which was around 40%, based on 
past research.  T Tannert said different load levels should be considered for rolling 
shear creep studies. 

M Schweigler asked about sealing the specimens and possible influence to deflection 
measurements.  C Allemand replied that sealing did not have any mechanical 
influence and did not affect the deflection measurements. 

P Dietsch asked if there were comparisons with known test configurations to check 
the proposed test setup.  C Allemand replied that other configurations were not 
tried.  P Dietsch said that test configuration in EN789 or EN408 could be tried.  

M Fragiacomo questioned about the environmental conditions and asked if the 
experiment focused on pure shear.  C Allemand said there was no consideration of 
mechano‐sorptive effects.  M Fragiacomo commented that kdef in the Eurocode is 
referenced with some kind of mechano‐sorptive consideration and not sure direct 
comparisons can be made. 

G Hochreiner questioned whether the shear load level would lead to stable or 
unstable creep.  C Allemand provided information on the load level and not sure 
whether the creep is stable or unstable as the load period is only 8 months.  G 
Hochreiner commented that creep test standards for wood based panels exist for N. 
America and Europe and asked why they were considered.  C Allemand said that she 
will check these out.  P Dietsch commented that load level seemed to be high and 
could lead to exponential creep. 
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STRUCTURAL STABILITY 

 

54 ‐ 15 ‐1  A Proposal for Capacity Design of Multi‐Storey CLT Buildings ‐  
D Casagrande, G Doudak, M Masroor 

Presented by D Casagrande 

 

J Brown commented that considering building level and hierarchy of ductility class, 
overstrength of connection might be overly penalizing.  He asked if one would put in 
an overstrength factor cap.  D Casagrande replied that a cap is considered for 
ductility level 2 and the cap for ductility level 3 should not be applied.  

J Brown asked about diaphragm and whether it would be considered as the capacity 
of whole system.  D Casagrande replied that it is important and should be considered.  
How to provide a simple equation is difficult.  G Doudak commented that the 
influence of the diaphragm was not incorporated in the model.  The behaviour of the 
diaphragm was lumped as non‐dissipative element in the paper. 

T Tannert asked if the vertical joint resistance needs overstrength factors.  D 
Casagrande replied no as vertical joints should be as close as possible to the design 
limit.  T Tannert asked about the coupled uplift and shear resistance of shear 
connectors and the uplift resistance might limit the rocking action when overstrength 
factors are adopted.  D Casagrande said that their contribution into the rocking 
strength of the system was accounted for with the assumption that the shear 
connectors did not yield. 

T Tannert commented that if all the connectors were assumed to have similar 
yielding mechanism, would this approach work with using different types of 
connectors having different yield mechanism in a building.  D Casagrande replied that 
this approach should be applied to traditional connection systems and should use 
similar connections in a building. 

R Jockwer asked how to choose overstrength factor percentile for other dissipative 
connections and limited ductility connections.  D Casagrande replied that these 
should be less than the 95 percentile for the non‐dissipative case but these cases are 
left open for now for further consideration.  Running probabilistic analysis on the 
failure of buildings is needed. 

O Sisman asked how to consider joint of perpendicular walls and would they be 
considered as dissipative or non‐dissipative cases.  He commented that introduction 
of level 2 and level 3 might be difficult for young practicing engineers to learn.  He 
suggested that combining levels 2 and 3 into a single level would be easier and 
should be considered.  D Casagrande said combining levels 2 and 3 into a single level 
could be considered.  D Casagrande also replied that the connection of perpendicular 
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wall should be considered as non‐dissipative connection.  More studies on brittle 
failure mode vs more ductile failure mode should be considered. 

M Fragiacomo commented that the proposal would go into the evaluation process 
soon so receiving timely feedback and suggestions would be important.  Eurocode 
sets the three ductility classes and they cannot be changed.  Properties of steel and 
its scatter would be a concern for overstrength factor.  One might need to provide 
upper limit to their yield strength in future standard. 

 

FIRE 

 

54 ‐ 16 ‐1  Temperature‐Dependent Thermal Properties for Cross‐Laminated Timber 
Exposed to Standard Fire ‐ M Kleinhenz, A Just, A Frangi 

Presented by  M Kleinhenz 

 

S Winter commented the study only looked for the resistance with minimum 
insulation.  He questioned why 300 °C as failure criterion was used and that seemed 
to be high for PU adhesives.  He also asked physical explanations for the thermal 
properties considered.  M Kleinhenz said that in this INTER paper only resistance was 
considered and not EI and would deal with other issues in future work.  The 300 °C 
was chosen based on previous furnace test results (observation of fall off) and will 
confirm with own small scale fire tests when equipment becomes available.  M 
Kleinhenz replied about the physical explanation as C� having two peaks.  The first 
peak corresponded with water going out.  As energy was needed for pyrolysis to turn 
the timber into charcoal, it makes physical sense to have the second peak.  S Winter 
commented that water wave / moisture movement condensation might be the 
physical reason. 

G Montgomery questioned why one laminar without cross layer was considered in 
slide 7.  M Kleinhenz said the member was assumed to be able to still take a load but 
this might not be realistic.  G Montgomery asked whether this could be seen in the 
fire test.  M Kleinhenz said it was not possible to see this with the flaring up.  G 
Montgomery said it would be more likely to fall off when the second layer fell off. 

G Montgomery asked why specimen C with no drywall layer was more variable.  M 
Kleinhenz said more small scale fire tests would be done for these boxes.  G 
Montgomery received confirmation that the loading applied were typical live and 
dead loads. 

G Montgomery asked if Eurocode accounts for the fall off from the glue bond.  M 
Kleinhenz replied that it would be included in future Eurocode with step model. 
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S Aicher commented on the case of CLT and GLT working as a T Beam with or without 
insulation.  He said the main problem would be the bond between the GLT beam and 
the CLT plate where temperature dependency of the PU adhesive would play a major 
role.  The 300 °C would not be appropriate for the PU adhesive where 180 °C to 230 
°C would be more appropriate.  M Kleinhenz agreed about the lower temperature in 
general but the 300 °C adopted in the project would be correct.  The glueline was not 
considered in design as rigid connections under fire.  Image results showed that at 
300 °C the glueline would still be intact.  S Aicher said that the size of the beam is 
important here in term of fire performance of the bondline.  He also said that ETA of 
these T Beam products does not allow rigid connection consideration.  A Frangi 
added that the width of the beam was very important here and 300 °C was well 
established based on falling off observed in tests.  

B J Yeh commented that in N. America char layer falling off issues was tightened by 
adhesive requirements.  He asked how to verify assumptions at the moment of char 
layer falling off.  M Kleinhenz said the model assumed that all elements reaching 
300°C were omitted and the model agreed well with results.  B J Yeh asked what 
temperature would be assumed at the fresh layer at the moment of falling off.  M 
Kleinhenz said an instantaneous temperature jump was assumed.  

G Ravenhorst received confirmation that there was one test per cross section.  He 
asked about result repeatability with only one test.  M Kleinhenz said the model 
agreed well with results except one case and would like to redo this configuration 
when equipment becomes available.   

 

54 ‐ 16 ‐ 2  Reliability Improvements of the Fire Design for the Revision of Eurocode 5 
‐ R Fahrni, A Frangi 

Presented by A Frangi 

 

F Lam commented about the calculation of �i for the reliability analysis where the 
cross sectional geometry of the residual cross section would be used together with 
the original beam strength distribution to characterize the random resistance.  He 
received confirmation that the parameters needed to establish the residual cross 
sectional geometry were not considered as stochastic.  A Frangi said that it did not 
matter because this was a code calibration process against a past approach. 

P Parma commented that only beam datasets were used for the calibration and 
asked if the conclusion would change if one considered columns.  A Frangi replied 
that they would not expect any difference with columns as this was a code calibration 
process.  There were discussions that it would be interesting to extend the dataset to 
other elements and load conditions.  Also stability issues could be important. 
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F Hochreiner and A Frangi discussed the use of zero strength layer as calibration 
parameter with only one value.  G Hochreiner commented that calculation of internal 
forces was based on original cross section but stress evaluation was based on residual 
cross section therefore there would be inconsistencies. 

 

 

ANY OTHER BUSINESS 

4th International Conference on Timber Bridges will be held in May 2022.  
https://www.bfh.ch/en/news/events/ictb‐2021/ 

Cost Action CA20139 Holistic design of taller timber buildings has been launched. 

https://www.cost.eu/cost‐action/holistic‐design‐of‐taller‐timber‐buildings/ 

 

VENUE AND PROGRAMME FOR NEXT MEETING 

S Aicher and S Winter invited the participants to the 2022 INTER meeting in Bad 
Aibling Germany. 

Co‐host: TU Munich and MPA University of Stuttgart.   

Date: August 21, 2022 Sunday (Welcome/Greetings) to August 25, 2022 Thursday 
(Closing)  

Venue: B&O Parkhotel Bad Aibling. 

 

Possible Venue for future meetings: 

2023 Biel, Switzerland 

2024 Shanghai, China 

2025 Padua, Italy 

2026 Turkey 

 

CLOSE 

The Chair thanked the group for their support, participation and attendance of this 
web‐based INTER meeting.  He thanked the presenters and participants for their 
contributions.  KIT and their team (H Blass, R Görlacher and C Sandhaas) were 
thanked for hosting the event. He thanked R Görlacher for work for INTER 
throughout the year. He also thanked Frank Lam for accepting the added challenge 
for of taking the minutes and notes for the questions and discussions in this format. 
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Buckling of slender timber beam-columns 
under combined loading, including creep 
Ishan K Abeysekera, Specialist Technology and Research, Arup, UK 

Ian Feltham, Specialist Technology and Research, Arup, UK 
Andrew Lawrence, Specialist Technology and Research, Arup, UK 
Keywords: Buckling, Non-linear, Timber, Creep, Beam-columns, LTB 

1 Introduction 
There is increasing interest in timber structures in the world today as architects, engi-
neers and clients consider timber alongside more traditional materials to help realise 
their buildings. In addition the timber industry is going through a period of step 
change where larger and increasingly more ambitious buildings are being designed in 
timber. 

Whilst the manufacture of timber elements is now commonplace, analysis of such el-
ements when subjected to combined loading scenarios whilst accounting for creep 
can be quite complex. 

It is important that engineers have a safe rational way of checking timber beam-col-
umns accounting for slenderness effects, imperfections and creep. 

2 Column subjected to axial load only 
The simplest case of practical significance is that of an initially imperfect column sub-
jected to an axial load.  For such a case the peak value of a sine shaped bow imper-
fection about the weak axis is δ0. The total peak nonlinear deflection and peak nonlin-
ear moment in such a column are given by:  

δtot=δ0 (
1

1 - 
N

Nz

)                                                                                                                          (1)                                                           

Mz
NL=Nδ0 (

1

1 - 
N

Nz

)                                                                                                                     (2) 

In the above Nz is the Euler critical load and N is the applied axial load. 

In the above we see that the linear moment Nδ0 and the initial imperfection are am-
plified by the term within brackets.  Hence, we see that the column section must be 
checked for both axial load and nonlinear moment. Since the linear moment and 
therefore also the nonlinear moment depend on the initial imperfection δ0, the im-
portance of using a conservative and verifiable initial imperfection value is clear. 
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3 Behaviour of a column subjected to axial load and 
biaxial bending 

3.1 Coupled equations of equilibrium for a column pin and fork supported at 
both ends 

Slender timber elements are often not only subjected to axial load but also biaxial 
bending. For a very general case there may be bow imperfections about both axes as 
well as twist imperfection.  

For such a beam-column the imperfections will have the following effects:  

• Twist imperfection will result in My moment having a component about the z 
axis and Mz moment having a component about the y axis.  

• Axial force acting on the initial twisted shape will give rise to torsion. 

• Moments acting on the imperfect bowed shape will result in torsion. 

• Axial force acting on the bow imperfections will give rise to moments. 

If the beam-column is slender then linear torsion and moments mentioned above will 
be amplified to give nonlinear moments and torsion.  

In order to obtain expressions for the nonlinear elastic deflections and twist of the 
beam-column the equations for the flexural equilibrium and torsional equilibrium for 
a slender imperfect element under combined axial load and uniform moments about 
both axes are given and solved below. These equations are an extension of the equa-
tions found in Timoshenko and Gere (1961). 

Weak z-axis flexural equilibrium: 

EIz
d4y

dx4
+N

d2(y+y0)

dx2
+My

d2(φ+φ0)

dx2
= -1.27

d2Mz

dx2
                                                                              (3) 

Strong y-axis flexural equilibrium: 

EIy
d4z

dx4
+N

d2(z+z0)

dx2
-Mz

d2(φ+φ0)

dx2
= -1.27

d2My

dx2
                                                                               (4) 

Torsional equilibrium: 

Ni2
d2(φ+φ0)

dx2
-GJ

d2φ

dx2
+My

d2(y+y0)

dx2
-Mz

d2(z+z0)

dx2
=0                                                                         (5) 

In the above equations, i is the torsional radius of gyration, E is the elastic modulus, J 
is the torsion constant, Iz and Iy are second moments of area about the z and y axes 

respectively. 

The sign convention is as shown in Figure 1 below. Moment about an axis that causes 
deflection in the positive direction of the axis perpendicular is taken as positive. Twist 
resulting in rotation of the x,y,z triax to the x*,y*,z* triax is taken as positive (anti-
clockwise positive).   
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Figure 3.1. Sign convention used to set up the equations of equilibrium.  

In setting up and solving the above set of equations, the following is assumed :  

• The beam is pin supported at both ends.  

• The beam is fork supported against torsion at both ends. 

• Warping has been neglected and section symmetry is assumed. Since timber 
sections are generally solid and symmetric these assumptions are reasonable.  

• Imperfections y0,z0, and φ0 vary sinusoidally along the length (see Table 1) 

• Elastic displacements y,z, and φ vary sinusoidally along the length (See Table 1). 

• The applied uniform moments Mz and My are also assumed to be sinusoidal 
(terms on the RHS) to aid the solution of the set of equations. Hence the uni-
form applied moments on the RHS of the equations are multiplied by 1.27, this 
being the Fourier coefficient of the first term of a Fourier series expansion of a 
uniform moment (see Table 2 below). At low levels of loading or slenderness 
this is slightly conservative but as load levels and nonlinear effects increase, 
the equation above tends to the exact solution. 

Table 1. Imperfection and elastic deflected shapes 

 Initial imperfection Elastic deflected shape 

Weak axis (about z axis) 
y0(x)=δ0sin (

nπx

l
) y(x)=δnlsin (

nπx

l
) 

Weak axis (about y axis) 
z0(x)=μ0sin (

nπx

l
) z(x)=μnlsin (

nπx

l
) 

Twist (anticlockwise about x axis) 
φ0(x)=θ0sin (

nπx

l
) φ(x)=θnlsin (

nπx

l
) 

* Table note : n is the number of half sine waves in the imperfection shape or elastic deformation shape. 
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Table 2. Approximation of applied constant moment to first term of Fourier series approximation  

Applied constant moment Fourier series approximation 

Mz(x)=Mz for all x Mz(x)=1.27Mzsin (
nπx

l
) 

My(x)=My for all x My(x)=1.27Mysin (
nπx

l
) 

* Table note : n=1 

Substituting the imperfections and elastic deformations into equations 3,4 and 5, tak-

ing n as equal to 1 yields:  

[

Nz-N 0 -My

0 Ny-N Mz

-My Mz i2(NT-N)
] {

δnl

μnl

θnl

} = {

1.27Mz+Nδ0+Myθ0

1.27My+Nμ0-Mzθ0

Myδ0-Mzμ0+Ni2θ0

}                                                 (6)  

Where:  

i=√
Iz+Iy

A
                                                                                                                                         (7) 

Nz=
EIzπ2

l2
                                                                                                                                       (8) 

Ny=
EIyπ2

l2
                                                                                                                                       (9) 

NT=
GJ

i2
                                                                                                                                         (10) 

In the above Nz and Ny are the Euler critical loads about the relevant axis and NT is the 
torsional critical load. 

Noting that the above matrix representation of the equations is of the form K̅ ∆ ̅=F̅ it 
can be seen that (as expected) the stiffness matrix K̅ has a material part which in-
cludes terms Nz, Ny, NT, which is diagonal and a geometric part which is made up of 
terms relating to the applied forces and axial moments N, My, Mz which are not diago-
nal and result in coupling of the equations. It can also be seen that the geometric 
stiffness is reduced by compression and increased by tension. It can be further ob-
served that for the given sign convention positive strong axis moment reduces the 
geometric stiffness whilst weak axis moment increases the geometric stiffness.  

The beneficial effect of tension and effect of reversal of My and Mz can be easily ac-
counted for by multiplying the relevant force or moment by -1. 

Solving for nonlinear displacements and twists yields:  

δnl=
[i2Ny NT-Mz

2]F1-MzMyF2+MyNyF3

i2NT Ny Nz-Mz
2Nz-My

2Ny
                                                                                                   (11) 

μnl=
[i2 Nz NT-My

2]F2-MzMyF1-MzNzF3

i2NT Ny Nz-Mz
2Nz-My

2Ny
                                                                                                 (12) 

θnl=
MyNyF1-MzNzF2+Ny NzF3

i2NT Ny Nz-Mz
2Nz-My

2Ny
                                                                                                                  (13) 
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Where: 

Ny=Ny-N                                                                                                                                                                           (14)  

Nz=Nz-N                                                                                                                                                           (15) 

NT=NT-N                                                                                                                                                           (16) 

F1=Nδ0+Myθ0+1.27Mz                                                                                                                                 (17) 

F2=Nμ0-Mzθ0+1.27My                                                                                                                                    (18) 

F3=Myδ0-Mzμ0+Ni2θ0                                                                                                                                      (19) 

For the given displacement shapes in Table 1, the magnitudes of the nonlinear mo-

ments and torsion can be found as follows:  

Mz
NL=EIz

d2y

dx2
=EIz (

π

l
)

2
δnl sin (

πx

l
) =Nzδnlsin (

πx

l
)                                                                    (20) 

My
NL=EIy

d2z

dx2
=EIy (

π

l
)

2
μnl sin (

πx

l
) =Nyμnlsin (

πx

l
)                                                              (21) 

TNL=GJ
dφ

dx
=

π

l
 GJθnlcos (

πx

l
)                                                                                                  (22) 

3.2 Section checks 

To check the element for nonlinear effects the following section checks need to be 
carried out.  

Where axial load is compressive the following should be checked:  

(
Nc,0,d

A fc,0,d
)

p

+max {
My,d

nl

Wy fm,d
+kred

Mz,d
nl

Wz fm,d
;kred

My,d
nl

Wy fm,d
+

Mz,d
nl

Wz fm,d
} ≤1                                                 (23) 

Where A is the section area and Wy and Wz are the elastic section moduli about the y 
and z axes respectively. Nc,0,d is the design compressive force and My,d and M,z,d are the 
design moments. f,c,0,d and fm,d are the design parallel to grain compressive and bending 
strengths. EN1995-1-1 recommends a value for the statistical factor kred of 0.7 for rec-
tangular sections and 1 for all other sections. 

The power P may be taken as 2 for softwood rectangular sections where investigations 
into the combined axial and bending utilisation show a nonlinear interaction between 
bending and axial utilisation (for all other cases it should be taken as 1). It is a conserva-
tive way of accounting for the apparent increase in bending strength due to applied 
axial load. An explanation for this increase is given by Buchanan 1984. This nonlinear 
interaction between bending and axial utilisation is explained by the fact that bending 
failure of characteristic strength timber sections is governed by failure on the tension 
face and the fact that the applied axial load supresses this tension failure. 

Where axial load is tensile the following should be checked:  

Nt,0,d

A ft,0,d
+max {

|My,d
nl |

Wy fm,d
+kred

|Mz,d
nl |

Wz fm,d
;kred

|My,d
nl |

Wy fm,d
+

|Mz,d
nl |

Wz fm,d
} ≤1                                                             (24) 
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In the above equation ft,0,d is the parallel to grain tensile strength. 

Section checks for combined torsion and shear checks should also be carried out as per 
EN1995-1-1. The nonlinear shears can be calculated by differentiating equations 20 
and 21. However, for a slender element this check is unlikely to govern.  

For most timber elements the applied strong axis moment will be approximately equal 
to the nonlinear moment about the strong axis moment. In these cases the engineer 
need only calculated the nonlinear moment about the weak axis. 

3.3 Critical Stability of a beam-column 

The element will be critically stable when the determinant of stiffness matrix 𝐾 is 0. 
Hence the element will be critically stable when the equation below is satisfied: 

i2(Ny-N)(NT-N)(Nz-N)-Mz
2(Nz-N)-My

2(Ny-N)=0                                                           (25) 

The above equation (25) can be used to calculate the critical strong axis moment 
My,crit accounting for the effects of applied axial load and weak axis moment: 

My,crit=√i2(NT-N)(Nz-N)-
Mz

2(Nz-N)

(Ny-N)
                                                                                      (26) 

The second term in equation 26 above can often be neglected since Ny is normally 
many times greater than Nz.  

Where no axial load or weak axis moment is present equation 26 simplifies to the 
well-known expression for critical moment: 

My,crit=√i2NTNz                                                                                                                     (28)  

 

3.4 Reduction of the general equations in section 3.1 for simpler loading cases 

3.4.1 In-plane buckling  

For the case of axial force and moment about the weak (z) axis only, substituting Mz  
and N into  equation 11 and substituting into 20 yields the following equation for the 
peak nonlinear moment:  

Mz
NL= Nzδnl= (

1

1 - 
N

Nz

) (Nδ0+1.27Mz)                                                                                  (29)  

The above is the well-known expression for in-plane buckling. If Mz is set to zero, this 
reduces to the standard equation 2 in section 2. For in-plane buckling about the 
strong (y) axis a similar expression can be obtained after accounting for change in 
sign of the moment. 

Equation 29 can be improved by rewriting it in the following form: 

Mz
NL= (

1

1 - 
N

Nz

) [Nδ0+ (1+
N

Nz
ω) Mz]                                                                                     (30) 
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Here the term (1 +
𝑁

𝑁𝑧
𝜔) is the Fourier coefficient of the first term of the Fourier series 

of the moment shape. Hence the above expression can be used for a variety of ap-
plied moment shapes. The factor ω is sometimes referred to as the Dischinger factor. 

3.4.2 Lateral Torsional Buckling 

For the case where there is strong axis moment and axial force substituting only N 
and My into equation 11, and then substituting into equation 20 yields the following 
equation for the peak weak (z) axis moment:  

 Mz
NL=Nzδnl= Nz [

[i2N(NT-N)+My
2]δ0+i2NTMyθ0

i2(NT-N)(Nz-N)-My
2 ]                                                                         (31) 

3.5 Column fixed and fork supported at one end only (i.e. a cantilever)  

From symmetry equations 3, 4 and 5 can easily be solved for a cantilever. The main 
difference this makes to the elastic deflected shape and imperfections is that the 
number of half sine waves n is taken as being equal to 0.5. 

This results in exactly the same solutions given in equations 11,12 and 13 provided 
that critical loads Nz and Ny are defined as follows.  

Nz=
EIzπ2

(2l)2
                                                                                                                                  (32) 

Ny=
EIyπ2

(2l)2
                                                                                                                                  (33) 

As expected, the flexural critical loads are the well-known expression for Euler critical 
load for a beam fixed at one end and free at the other. The torsional critical load re-
mains the same since it is not dependent on the length of the member and only on 
the section shape/size and the shear modulus.  

4 Imperfections  
As with any engineering design, it is important that what is assumed in the calcula-
tions is practically achievable in the factory and on site.  Hence it is important that:  

• Conservative estimates of imperfections are made during the design phase.  

• From an execution standpoint, that the engineer is able to check that the imper-
fections on site match what was assumed in design.  

Imperfections of timber beam-columns can be subdivided into 2 types: 

• Material imperfections which occur on the local section level.  

• Geometric (bow/twist) imperfections which are global occurring along a length.  

Material imperfections occur due to knots, shrinkage, splits etc. On the level of the 
section these can result in the loads being applied asymmetric to the effective sec-
tion. However, on the global level of a whole beam of engineered timber there will 
be an averaging of section imperfections. Hence the global effect that material 
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imperfections have will be negligible. The effect that material imperfections have on 
the section strength are already accounted for by the grading. 

Geometric bow, and twist imperfections are what are of primary importance in the 
design of beam-columns as they give rise to linear moments and twist that are ampli-
fied by slenderness effects. Bow in the strong axis is generally negligible for timber el-
ements. Hence it is the weak axis bow and twist imperfections about the axis of the 
beam that are of significance for timber beam-column. EN1995-1-1 Section 10.2 (1) 
gives bow limits of 1/300 for solid timber and 1/500 glue laminated timber and LVL. 
No limits on twist imperfection are given. It is unclear whether the reason for this is 
the fact that twist imperfections are small and of no consequence or the fact that 
twist imperfection is more difficult to measure than bow imperfection. This is cur-

rently being reviewed by WG3/SG1 of CEN TC 250/SC5.  

The comparative calculations in Appendix 1 (Tables 4 and 5) show that for the same 
column, imperfections assumed by the kc method vary with design case (load dura-
tion and fire) and also with the element slenderness. This is clearly inconsistent with 
reality as imperfection will be a set value.  

The results in Appendix 1 show that in some cases the kc method assumes an imper-
fection larger than 1/500 suggested in Section 10 of EN1995-1-1 and in other cases 
assumes a value much smaller than 1/500 (which is unconservative). 

This is clearly inconsistent with reality as the imperfection will be a set value.  

Work by Kuhlmann and Töpler on insitu timber elements show that bow imperfec-
tions can range from as large as 1/400 to as small as 1/7000 with 87% of the meas-
ured bow imperfections being less than 1/1000. This highlights the variability of im-
perfections and the fact that imperfections might be larger or smaller than assumed 
by the calculation methods assumed in the Eurocode 5.  
 
Where imperfections assumed by the kc method are smaller than reality the design 
will be unconservative and where the imperfections assumed by the kc method are 
larger than reality the design will overly conservative and uneconomic.  
 
4.1 Creep of an axially loaded imperfect slender column subject to axial load 

only  

Timber is a material that is prone to creep. Therefore, creep can have a significant im-
pact on the final capacity of a column. Taking again the simple case discussed in sec-
tion 2, we can see that the effect of creep is to increase the final deflection. Bazant & 
Cedolin (1990) show that for an initially imperfect column under axial load subject to 
creep the final deflection is: 

δnl=δ0 (
1

1 - 
N

NZ,inf

)                                                                                                                     (34) 
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Where:                                                        

Nz,inf=
EIzπ2

l2(1+kdef)
                                                                                                                         (35) 

The above result assumes a standard solid Kelvin type model for creep. Whilst more 
sophisticated models exist several references including Timber Engineering STEP 1 & 
work by Ranta-Maunus & Kortesema show creep curves for timber that can reasona-
bly be approximated by the standard Kelvin model. Hence equations 34 and 35 may 
be used for timber columns. 

To consider the effect of creep it is useful to consider the beam-column in figure 2.1. 
When an axial load N is applied to the imperfect element in Figure 2.1 with initial im-

perfection 𝛿0, the element instantly takes the shape 𝛿𝑖𝑛𝑠𝑡
𝑛𝑙 . Over time as the timber 

creeps, the element takes the shape 𝛿𝑖𝑛𝑓
𝑛𝑙  . If after all the creep has taken place the 

load N is removed, the element will rebound to the creep amplified imperfection 
shape 𝛿0+c and not 𝛿0. If the axial load is then reapplied the element will once again 

instantly take the shape 𝛿𝑖𝑛𝑓
𝑛𝑙 . If we think of an imperfection as being the unstressed 

shape that causes no stress in the section, it is clear that the effect of creep has been 
to increase the magnitude of the imperfection from 𝛿0 to 𝛿0+c . 

 

Figure 2.1. Imperfect slender column prone to creep 

In general, all load cases can occur after creep has taken place. For example, on a 
timber structure the peak wind load may occur after 20 years when creep has already 
taken place. Hence all load cases should be checked using instantaneous values of 
Young’s modulus E and the creep amplified imperfection. It should however be noted 
that by definition for long term loading this is the same as carrying out a check with 
the long-term Young’s modulus and initial imperfection.  

4.2 Calculation of creep amplified imperfections 

4.2.1 Creep amplified imperfection for in-plane buckling  

From the preceding discussion is clear that the following expression should hold:  

(Nδ0+Mz) (
1

1 - 
N

Nz,inf

) =(Nδ0+c+Mz) (
1

1 - 
N

Nz

)                                                                          (36) 
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Rearranging yields the following expression for the creep amplified imperfection:  

δ0+C= (
1-N/Nz

1-N/Nz,inf
 ) δ0+

M

N
(

1-N/Nz

1-N/Nz,inf
-1)                                                                                    (37) 

In calculating the creep amplified imperfection, the SLS quasi-permanent load combi-
nation should be used. Where the axial force is tensile the minimum of δ0+C andδ0 
should be used. 

4.2.2 Creep amplified imperfections for the general case including LTB  

For the general case involving combined loading presented in section 3, instead of a 
single imperfection there is a set of initial imperfection fields δ0(x), μ0

(x), θ0(x). From 

these it is necessary to calculate a set of creep amplified imperfection fields δ0+c(x), 
μ0+c

(x), θ0+c(x). Solving this rigorously using the same methods used by Bazant and 

Cedolin (1990) becomes mathematically unwieldy and would be difficult to solve 
without the use of a computer. As an alternative the following conservative method 
for calculating a creep amplified set of imperfections is proposed.  

Maximum weak axis creep amplified imperfection: 

δ0+c=max{(δ0+δinf
nl -δinst

nl );δ0}                                                                                               (38) 

Maximum strong axis creep amplified imperfection: 

μ0+c=max{(μ0+μinf
nl -μinst

nl );μ0}                                                                                              (39) 

Maximum twist creep amplified imperfection: 

θ0+c=max{(θ0+θinf
nl -θinst

nl );θ0}                                                                                               (40) 

In the above all nonlinear deflections with the subscript ‘inst’ are calculated with in-
stantaneous Young’s and shear moduli and all nonlinear deflections with the sub-
script ‘inf’ are calculated with the long-term Young’s and shear moduli.  

As in the previous case when calculating creep amplified imperfections the quasi-per-
manent SLS combination of loads should be used.  

5 Serviceability  
Since equations 11,12 and 13 give nonlinear displacements they can easily be used to 
check serviceability limit states as well as ultimate limit states. Serviceability limit 
states should generally checked for the quasi-permanent load case accounting for 
creep. The following equations should be used to calculate final deformations:  

δtot=δ0+δinf
nl                                                                                                                             (41) 

μtot=μ0+μinf
nl                                                                                                                             (42) 

θtot=θ0+θinf
nl                                                                                                                             (43) 
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6 Existing provisions for buckling under combined 
loading in EN 1995-1-1 

EN1995-1-1 currently gives one procedure for the verification of columns subjected 
to compression and bending (Clause 6.3.2(3)): 

σc,0,d

kc,yfc,0,d
+

σm,y,d

fm,y,d
+km

σm,z,d

fm,z,d
≤ 1                                                                                                     (44) 

σc,0,d

kc,zfc,0,d
+km

σm,y,d

fm,y,d
+

σm,z,d

fm,z,d
≤ 1                                                                                                     (45) 

and another for beams subjected to bending about the strong axis and compression 
(Clause 6.3.3(5)) : 

(
σm,d

kcritfm,d
)

2

+
σc,0,d

kc,zf
c,0,d

≤1  

Since a column subjected to compression and bending and a beam subjected to 
bending and compression are mechanically the same, the two equations given in 
EN1995 should be the same, but they are not. Overall the existing equations have the 
following shortcomings:  

• As noted, the current code provides one set of equations for columns with 
bending and axial load, and another set of equations for beams with compres-
sion. However, they give different answers.  

• The effect of creep is not included.  

• Imperfections are key to calculating nonlinear deformations and moments. De-
spite Section 10 EN 1995-1-1 specifically giving limits on bow imperfections of 
1/300 for solid timber sections and 1/500 for glulam, the values assumed in 
the buckling equations in the current code are different and often smaller (See 
Tables 4 and 5 in Appendix 1).  

• In addition there is no visibility for the user about what imperfections are actu-
ally being assumed in the equations and therefore it is impossible for the user 
to check whether what has been built matches the assumptions in the calcula-
tions. 

• The common case of combined strong axis bending and tension in elements 
subject LTB is not covered.  

• Both equations are mechanically incorrect and can be overly conservative in 
some cases and unconservative in others. (See comparison of utilisation ratios 
given by kc method and nonlinear calculations given in Tables 6 and 7 of Ap-
pendix 1). This could lead unsafe design in some cases and uneconomic design 
in other cases. 

• There is no method to check SLS cases to see if the combined imperfections and 
amplified deflections are acceptable from a point of view of appearance etc. 
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7 Conclusions  
This paper provides engineers with a practical and rational method to check timber 
beam-columns based on mechanics. The methods given in this paper have the follow-
ing advantages:  

• The methods are simple to use – the input forces and moments for the equa-
tions are simply the 1st order moments and forces that would normally be ex-
tracted from a linear static hand or FE analysis. 

• They lends themselves to hand calculation and therefore easy to spreadsheet.  

• They are short (only 3-4 pages, see Appendix 2).  

• The mechanics of the problem is not hidden from the user; the equations will 
therefore aid understanding and reduce mistakes. 

• They are mechanically correct and therefore give a robust basis for dealing with 
combined loading of slender elements.  

• In combined loading cases the beneficial effects of tension can be included.  

• The second order methods presented allow for direct input of imperfections. 

• The assumptions made in the design phase can be matched to what is achieva-
ble on site.  

• The effect of creep is included. 

• Since the method is based on mechanics, serviceability checks can easily be car-
ried out. 

Appendix 1 – Example numerical comparison of the 
Nonlinear and kc methods for GL 24 beams with an 
initial bow subject to axial load only 
The 2 methods compared in this appendix are:  

• The nonlinear calculation methods presented in this paper.  

• The kc method currently in EN 1995-1-1 

Unless stated otherwise the section and material property are as follows:  

Table 3. Section and material properties used in example calculations  

Breadth (mm) Depth (mm) E (N/mm2) fm,k  (N/mm2) fc,k  (N/mm2) 

250 700 9600 24 24 

 

For time dependent load cases, the design strength is calculated as follows with 
𝛾𝑚 =1.25 and 𝑘𝑚𝑜𝑑 specified in Table 3.1 for service class 1. 

For the fire case design strength is calculated from the following equation with 

𝛾𝑚 =1,  𝑘𝑚𝑜𝑑 = 1, and 𝑘𝑓𝑖 = 1.15 as per EN 1995 – 2  
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Calculations are carried out for 2 different lengths and relative slendernesses 𝜆𝑟𝑒𝑙 . It is 
assumed that the elements are pin connected top and bottom. 

A1.1 Calculation of imperfections assumed in the kc method 

The initial imperfection is in-built into the kc method and varies from case to case. A 
comparison can be made with the non-linear equations to work out what imperfec-
tion the kc method is assuming in different cases: 

1. Calculate the axial force required to get a utilisation of 1 using the kc method 

2. For the axial force calculated in step 1 by trial and error find the assumed initial 

imperfection required to give a utilisation of 1 using the nonlinear equations.  

Imperfections are calculated using the method above for all time dependent cases 
and fire cases.  

Table 4. Example Column 1 : 𝜆𝑟𝑒𝑙  = 0.69 , Length = 3000 mm 

Design case  
Design Axial 
load (kN) 

Imperfection di-
vided by length  
(e/L) 

Calculated imperfection divided by 
value of imperfection Section 10 of 
EN1995 (e/L=0.002) 

Fire (E =9600) 4333 0.00088 0.44 

Fire (E =𝑘𝑓𝑖9600) 4389 0.0008 0.4 

Instantaneous  3316 0.0087 0.55 

Short term  2713 0.0097 0.61 

Medium term  2412 0.01 0.64 

Long term  1809 0.011 0.71 

 

Table 5. Example Column 2 : 𝜆𝑟𝑒𝑙  = 1.03 , Length = 4500 mm 

Design case  Design Axial 
load (kN) 

Imperfection di-
vided by length  
(e/L) 

Calculated imperfection divided by 
value in Section 10 of EN1995 
(e/L=0.002) 

Fire (E =9600) 3432 0.00049 0.25 

Fire (E =k_fi9600) 3693 0.00061 0.31 

Instantaneous  2626 0.0044 0.83 

Short term  2148 0.0063 1.17 

Medium term  1910 0.0072 1.34 

Long term  1432 0.0090 1.68 
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A1.2 Calculation of imperfections assumed in the kc method 

Here a comparison is made between columns with a utilisation of unity in the kc 
method, against the same columns checked using the nonlinear method assuming an 
imperfection 1/500 times length as stated in EN 1995.  

Table 6. Example Column 1 : 𝜆𝑟𝑒𝑙  = 0.69 , Length = 3000 mm 

Design case  Design Axial 
load (kN) 

Utilisation kc Utilisation Nonlinear  

Fire (E =9600) 4333 1 1.16 

Fire (E =k_fi9600) 4389 1 1.15 

Instantaneous  3316 1 1.10 

Short term  2713 1 1.08 

Medium term  2412 1 1.07 

Long term  1809 1 1.05 

 

Table 7. Example Column 2 : 𝜆𝑟𝑒𝑙  = 1.03 , Length = 4500 mm 

Design case  Design Axial 
load (kN) 

Utilisation kc Utilisation Nonlinear  

Fire (E =9600) 3432 1 2.39 

Fire (E =k_fi9600) 3693 1 1.84 

Instantaneous  2626 1 1.10 

Short term  2148 1 0.93 

Medium term  1910 1 0.88 

Long term  1432 1 0.82 

 
It should be noted that if the effect of creep were considered in the above compari-
son the nonlinear utilisation ratios would increase. Hence creep would result in even 
more unconservative results where the kc method is unconservative. Where kc 
method overly conservative the level of over conservatism will reduce (or even lead 
to the kc method becoming unconservative in these cases as well). 

Appendix 2 – Potential codification of the checks in 
this paper   
The methods and checks in this paper can be readily codified. A proposed version of 
the codification is shown below. Definition of terms has been left out since terms 
have already been defined previously. Here δ is replaced with ey and μ is replaced 

with ez. Axial force N is replaced with Nc/t,0,d. 
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In-plane buckling  

(1) For a member subject to in plane bending and axial force [Formula A.1] should be satisfied: 

(
𝑁c,0,d

𝐴 𝑓c,0,d
)

𝑝

+
𝑀y/z,d

nl

𝑊y/z 𝑓m,d
≤ 1 (A.1) 

(2) The nonlinear deflection should be calculated according to [Formula A.2]: 

𝑒y/z,d
nl = [

1

(𝑁y/z−𝑁c,0,d)
[𝑁c,0,d𝑒0,y/z + (1 +

𝑁c,0,d

𝑁y/z
𝜔) 𝑀y/z,d]] (A.2) 

where 

(3) The first term of the fourier series approximation of the applied moment shape 1 +
𝑁Ed

𝑁y/z
𝛿 may be 

calculated estimating Dischinger factors δ from [Table A.1]. 

Table A.1 — Dischinger Factors 

Constant moment 0,273 

Moment due to a point load applied at mid span  -0,189 

Moment due to a uniformly distributed load 0,032 

 

(3) The nonlinear moment should be calculated from [Formula A.3]: 

𝑀y/z,d
nl = 𝑁y/z𝑒y/z,d

nl   (A.3) 

Buckling of members under major axis bending and axial force (compression 
or tension), subject to lateral torsional buckling 

(1) Where the axial load is compressive, cross section should be verified as per [Formula A.4]. When the 
axial load is tensile the cross section should be verified as per [Formula A.5].  

(
𝑁c,0,d

𝐴 𝑓c,0,d
)

𝑝

+ max {
𝑀y,d

nl

𝑊y 𝑓m,d
+ 𝑘red

𝑀z,d
nl

𝑊z 𝑓m,d
; 𝑘red

𝑀y,d
nl

𝑊y 𝑓m,d
+

𝑀z,d
nl

𝑊z 𝑓m,d
} ≤ 1  (A.4) 

𝑁t,0,d

𝐴 𝑓t,0,d
+ max {

|𝑀y,d
nl |

𝑊y 𝑓m,d
+ 𝑘red

|𝑀𝑧,d
nl |

𝑊z 𝑓m,d
; 𝑘red

|𝑀y,d
nl |

𝑊y 𝑓m,d
+

|𝑀z,d
nl |

𝑊z 𝑓m,d
} ≤ 1  (A.5) 

Where 

NOTE – It is assumed that the element is stocky about the y-axis and that the initial bow imperfection 
about the strong y-axis is neglible. 

(2) The torsional critical load should be calculated from [Formula A.6]: 

  𝑁T =  
𝐺𝐽

𝑖2  (A.6) 

Where the polar radius of gyration is given by the Formula [A.7] below: 

𝑖 =  √
𝐼y+𝐼z

𝐴
    (A.7) 
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(4) The nonlinear deflection in the y-direction should be calculated according to [Formula N.8]. 

𝑒y,d
nl = [

[𝑖2𝑁c/t,0,d(𝑁T−𝑁c/t,0,d)+𝑀y,d
2]𝑒0,y+𝑖2𝑁T𝑀y,d𝜃0

𝑖2(𝑁T−𝑁c/t,0,d)(𝑁z−𝑁c/t,0,d)−𝑀y,d
2 ]                                                                                                   (A.8) 

(4) The nonlinear moment about the z-axis due to initial twist, bow imperfection axial force and strong 
axis moment about y-axis should be calculated according to [Formula A.9]: 

𝑀z,d
nl = 𝑁z𝑒y,d

nl                                                                                                                                                                       (A.9) 

(4) The nonlinear twist deformation may be calculated according to [Formula A.10]: 

𝜃nl =
𝑀y,d(𝑁c/t,0,d𝑒0,y+𝑀y,d𝜃0)+(𝑁z−𝑁c/t,0,d)(𝑀y,d𝑒0,y+𝑖2𝑁c/t,0,d𝜃0)

𝑖2(𝑁T−𝑁c/t,0,d)(𝑁z−𝑁c/t,0,d)−𝑀y,d
2                                                                                         (A.10) 

Buckling of members which are slender about both axes, under biaxial bending 
and axial force (compression or tension), subject to combined lateral torsional 
buckling and strong axis buckling 

(1) Where the axial load is compressive cross-section should be verified as per [Formula A.11]. When 
the axial load is tensile the cross-section should be verified as per [Formula A.12].  

(
𝑁c,0,d

𝐴 𝑓c,0,d
)

𝑝

+ max {
𝑀y,d

nl

𝑊y 𝑓m,d
+ 𝑘red

𝑀z,d
nl

𝑊z 𝑓m,d
; 𝑘red

𝑀y,d
nl

𝑊y 𝑓m,d
+

𝑀z,d
nl

𝑊z 𝑓m,d
} ≤ 1                                                               (A.11)  

𝑁t,0,d

𝐴 𝑓t,0,d
+ max {

|𝑀y,d
nl |

𝑊y 𝑓m,d
+ 𝑘red

|𝑀z,d
nl |

𝑊z 𝑓m,d
; 𝑘red

|𝑀y,d
nl |

𝑊y 𝑓m,d
+

|𝑀z,d
nl |

𝑊z 𝑓m,d
} ≤ 1                                                                   (A.12) 

(2) The nonlinear y-direction, z-direction and twist deformations should be calculated as per [Formulae 
A.13, A.14 and A.15] respectively below.  

𝑒y,d
nl =

[𝑖2𝑁y 𝑁T−𝑀z,d
2]𝐹1−𝑀z,d𝑀y,d𝐹2+𝑀y,d𝑁y𝐹3

𝑖2𝑁T  𝑁y 𝑁z−𝑀z
2𝑁z−𝑀y

2𝑁y
                                                                                     (A.13) 

𝑒z,d
nl =

[𝑖2 𝑁z 𝑁T−𝑀y,d
2]𝐹2−𝑀z,d𝑀y,d𝐹1−𝑀z,d𝑁z𝐹3

𝑖2𝑁T  𝑁y 𝑁z−𝑀z
2𝑁z−𝑀y

2𝑁y
                                                                                     (A.14) 

𝜃nl =
𝑀y,d𝑁y𝐹1−𝑀z,d𝑁z𝐹2+𝑁y 𝑁z𝐹3

𝑖2𝑁T  𝑁y 𝑁z−𝑀z
2𝑁z−𝑀y

2𝑁y
                                                                                                                                (A.15) 

with 

𝑁y = 𝑁y − 𝑁c/t,0,d                                                                                                                                                          (A.16) 

𝑁z = 𝑁z − 𝑁c/t,0,d                                                                                                                                                          (A.17) 

𝑁T = 𝑁T − 𝑁c/t,0,d                                                                                                                                                         (A.18) 

𝐹1 = 𝑁c/t,0,d𝑒0,y + 𝑀y,d𝜃0 + 1.27𝑀z,d                                                                                                                          (A.19) 

𝐹2 = 𝑁c/t,0,d𝑒0,z − 𝑀z,d𝜃0 + 1.27𝑀y,d                                                                                                                      (A.20) 

𝐹3 = 𝑀y,d𝑒0,y − 𝑀z,d𝑒0,z + 𝑖2𝑁c/t,0,d𝜃0                                                                                                           (A.21) 

(3) The nonlinear moments about the x and y-axis should be calculated from [Formulae A.22 and A.23], 
respectively  
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𝑀z,𝑑
nl = 𝑁z𝑒y,d

nl                                                                                                                                                                    (A.22) 

𝑀y,d
nl = 𝑁y𝑒z,d

nl                                                                                                                                                                     (A.23) 

NOTE – The nonlinear torsion induced in the beam-column can be calculated from the nonlinear twist deformation 
using standard theory. 

Creep-buckling  

(1) The effect of creep should be verified by carrying out verifications in [A.3, A.4 and A.5] considering 
a creep amplified set of imperfections for all load combinations.  
 

(2) When inplane buckling is being considered, [Formula A.24] should be used to estimate the creep 
amplified bow imperfection 

 

𝑒0+C,y/z = 𝑚𝑖𝑛 {Ωc𝑒0,y/z +
𝑀y/z ,Quasi,SLS

𝑁c,0,Quasi,SLS
(Ωc − 1); 𝑒0,y/z }                                                                                            (A.24) 

with 

Ωc =
1−𝑁c,0,Quasi,SLS/𝑁y/z

1−𝑁c,0,Quasi,SLS(1+𝑘def)/𝑁y/z
                                                                                                                                     (A.25) 

(3) When out of plane (torsional) buckling is being considered the formulae [A.26],[A.27] and [A.28] 
below should be used to calculate the creep amplified set of imperfections. 
 

𝑒0+C,y = max{(𝑒0,y + 𝑒y,inf,Quasi,SLS
nl − 𝑒y,inst,Quasi,SLS

nl ) ; 𝑒0,y}                                                                                 (A.26) 

𝑒0+C,z = max{(𝑒0,z + 𝑒z,inf,Quasi,SLS
nl − 𝑒z,inst,Quasi,SLS

nl ) ; 𝑒0,z}                                                                                      (A.27) 

𝜃0+c = max {(𝜃0 + 𝜃inf,Quasi,SLS
nl

− 𝜃inst,Quasi,SLS
nl

) ; 𝜃0}                                                                                             (A.28) 
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DISCUSSION 

The papers was presented by I K Abeysekera 

H Blass asked about the possibility to check imperfections as there can be both 
material and geometric imperfections in a column.  I K Abeysekera said that as long as 
good grading practice is available material imperfection would average out.  H Blass 
commented that one would not know the ratio of the influence between the two types 
of imperfections and engineers on site will not be able to check the material 
imperfections as they are random.  H Blass further commented that this approach 
seems to be deterministic and this would be important especially for creep where low 
stress ratios would be typically encountered and their findings indicated that creep 
would not be a problem for slender columns.  I K Abeysekera agreed that the 
approach is deterministic. 

G Hochreiner stated that there is no validation in this paper which requires 
experimental data on creep curve.  I K Abeysekera said that the results were based on 
a logarithmic shaped creep curve as referenced in the STEP book.  G Hochreiner stated 
that this is not considered in Eurocode 5 and it is also referenced to strength and not 
displacement.  P Dietsch suggested further discussion on this topic in a breakout 
room. 

S Aicher said this approach is only valid for monotonically applied loads.  Varying 
vertical loads would result in deformation rebound and creep recovery is a 
complicated process and not considered in total.  IK Abeysekera said the current 
approach is conservative.  The consideration of varying load and creep recovery would 
be too complicated for code considerations. S Aicher commented that economic 
impact analysis on the approach is needed.  P Dietsch suggested adding such 
information as a short appendix for the paper. 

P Dietsch commented that stress utilization needs to reach a certain level before creep 
becomes important. This fact is implicitly covered in the German National Annex. I K 
Abeysekera agreed that this could be considered in the approach. 

M Fragiacomo commented that the limit of load level for creep for high strength 
engineered wood products might be an issue.  He received clarification that the quasi 
permanent load combination should be used.  

A Frangi said most of the loads on the column are non‐permanent and he was not 
sure whether a direct addition of the effects of the permanent and non‐permanent 
loads would be appropriate.  In addition he is not sure about the need to solve 
differential equations.  IK Akeysekera said solutions to the differential equations are 
provided. U Kuhlmann commented that one of the outcome of their work on lateral 
torsional buckling is that creep does not affect stability.  A simple approach with a 
reduction factor to modify stiffness may be more practical and should be attempted.  I 
K Abeysekera agreed. 
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1 Introduction 
Timber is a naturally grown material featuring large uncertainties in its properties. 
These uncertainties can be identified on the scales of species, growth regions, individ-
ual trees as well as between and within timber members. By using timber as base ma-
terial for structural products additional scales need to be considered, e.g. the produc-
tion as well as the producers (Fink et al. 2018). To assign timber to a specific set of 
properties it needs to be graded. Thereby, only some properties are directly and some 
indirectly controlled by the grading process, whereas the most of them are assigned 
based on probabilistic models (Köhler 2007). Eigenfrequency or ultrasonic runtime to-
gether with density measurements are well predictors for the elastic modulus of elas-
ticity parallel to the grain, characterising timber on average basis, and meanwhile basis 
of most grading machines. The modulus of elasticity itself is well correlated with the 
strength properties parallel to the grain, in particular tension and bending strength, 
which are additionally determined by local, morphological characteristics in timber, in 
particular knots, which are found to occur in some regularity (e.g. Ehlbeck et al. 1985, 
Isakson 1999). With focus on the scale of timber, in particular of boards, the uncer-
tainty in corresponding properties can be separated in uncertainties (i) between (vari-
ation of average properties) and (ii) within boards (variation of local properties). This 
can be well represented by a so-called two-level hierarchical model, which has been 
already successfully used in previous investigations (e.g. Källsner et al. 1994, Ditlevsen 
et al. 1998, Köhler 2007, Fink 2014, Frese 2016, Brandner 2018).  
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Strength and elastic properties of structural timber products, such as glued laminated 
timber (glulam; GLT) and cross laminated timber (CLT), are preferable regulated by so-
called “load bearing models” on the basis of the tensile properties parallel to the grain 
of the base material boards and finger joints. These load bearing models are developed 
on the basis of experimental investigations but also probabilistic numerical simulations 
(e.g. Ehlbeck et al. 1985, Colling 1990, Fink 2014, Frese 2016). In linear, unidirectionally 
layered timber products such as glulam, these models aim on characterising their se-
rial, sub-parallel structure, represented by lamellas further separated in board seg-
ments and finger joints, two dimensional, i.e. variation of local characteristics like knots 
in width and thickness are not considered. The basis of these models is that the boards 
as base material is strength graded and that their cross-section, to which the strength 
grading refers, is fully retained in the product manufactured from it. In certain applica-
tions, e.g. rim boards or generally for rather small, slender beams, it is considered ad-
vantageous to split the structural timber products, like resawn glulam. As a result of 
this process, however, the strength grading carried out on the base material in full 
cross section loses its validity after the boards are split and/or the cross section got 
significantly reduced, which is because of altered natural growth characteristics in the 
residual cross sections. This also has a corresponding influence on the input parame-
ters necessary for the load-bearing models and/or the relationships contained therein. 
EN 14081-1 (2019), for example, limits the allowable reduction of cross sections after 
grading without losing the assigned strength grade by ≤ 5 mm and ≤ 10 mm, respec-
tively, below and above widths of 100 mm. Figure 1 shows the effect of splitting as 

influence on the distribu-
tion and magnitude of 
macroscopic flaws along 
the board, represented 
here by knots, exemplarily 
for a board split in width 
into three equally wide 
pieces. The red marked 
areas describe the weak 
zones (WZ) within the 
board, usually repre-

sented by large knots or knot clusters, and the green zones are usually represented by 
smaller intermediate knot zones (IZ), mirroring also the natural growth structure of 
branches in trees, whereas the yellow zones in-between represent timber free of 
knots. Consequently, the more heterogeneous the base material the higher the ex-
pected impact of splitting on the properties of the residual pieces and vice versa, i.e. 
the effect of splitting on the properties of the base material is expected to be higher 
for lower timber strength classes and negligible for the highest strength classes repre-
sented by a widely homogeneous material.  

 

Figure 1. Changes in properties along a single graded board (top)  
when split lengthwise in three pieces (bottom) 
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The current European product standard for glulam (EN 14080 2013) provides regula-
tions for resawn glulam beams. Following them, one possible approach is to consider 
the splitting process during the grading of the boards by setting higher requirements 
on knot indicators or by grading virtually split boards. Alternatively, the characteristic 
bending strength of resawn glulam, fm,s,k, can be calculated as function of the charac-
teristic bending strength of glulam in full cross section, fm,g,k, the tensile strength of the 
boards, ft,0,l,k, and the number of cuts; see Eq. (1). This equation is applicable for 
18 MPa ≤ ft,0,l,k ≤ 30 MPa and under compliance with certain geometric boundary con-
ditions; it also contains an adaptation for the mean modulus of elasticity parallel to the 
grain of resawn glulam, E0,s,mean, based on E0,g,mean, the mean modulus of elasticity par-
allel to the grain of glulam in full cross section. 

           m,s,k m,g,k 0,s,mean 0,g,mean

t,0,l,k

4 for 1 cut  96
500

0 for 2 cuts 6
− + −

−


= =


f f E E

f
 (1) 

In order to estimate the load bearing capacity of split glulam, built up of boards of 
lower strength classes, e.g. T14 according to EN 338 (2016), probabilistic numerical 
models for boards and thereof build up glulam are developed which consider the im-
pact of splitting of boards lengthwise on their mechanical properties after they had 
been graded in full cross section as well as on the resawn glulam beams. Apart from 
the work based on bending properties of boards of Viguier et al. (2014) in which a 
probabilistic model for the characterisation of resawn glulam beams is presented, 
there are no further numerical nor probabilistic investigations known to the authors, 
in particular no probabilistic models based on the tensile properties of boards, which 
allow characterising resawn glulam. Furthermore, the probabilistic board model, as ba-
sis for the probabilistic numerical glulam model presented hereafter, represents tim-
ber differently to previous models: (i) by classifying board sections explicitly in weak 
zones (WZ), i.e. knot clusters, intermediate knot zones (IZ) and knot free zones (CW), 
(ii) by treating lengths of and distances between these zones random and not by a fixed 
increment, and (iii) by incorporating also effects of width and splitting of boards in the 
modelling of geometric and knot parameters and their statistical moments. 

2 Probabilistic Board Model 
2.1 Board database 

For the validation of assumed distribution models, estimation of parameters and main 
statistics for physical and geometric variables of the probabilistic board model, two 
board databases were analysed, namely from the project “INTELLIWOOD” (Schickhofer 
and Augustin 2001) and the project “separate” (Kastner et al. 2011). The databases 
contain knot data (position and dimension), other technological parameters, like an-
nual ring width or radial distance to pith, and physical properties {EDYN,F; ρ12; Et,0,l; ft,0,l} 
from more than 1,000 timber boards from Norway spruce (Picea abies), of provenience 
Central Europe (see Table 1). 
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Table 1. Test data – overview of main- & sub-series, nominal grading classes, quantity and 
dimensions (from Schickhofer and Augustin 2001 & Kastner et al. 2011) 

Based on the dynamic modulus of elasticity, as indicating grading property, the boards 
were divided into two groups, GI and GII, which can be allocated to the strength classes 
T14 and T24 according to EN 338 (2016). The probabilistic board model is based on the 
knot data from all boards allocated to both groups. The mechanical properties (ft,0,l & 
Et,0,loc,12) are available only for subset of these boards, which are listed in Table 2. 

Table 2. Mechanical properties of groups GI & GII 

groups GI (T14)  GII (T24) 

 ft,0,l Et,0,loc,12  ft,0,l Et,0,loc,12 

# 320  160 

mean 28.4 11,394  39.7 13,540 

COV [%] 31 % 16 %  25 % 16 % 

5% quantile (emp) 15.5 8,954  24.2 9,194 

 

2.2 Model specifications 

The probabilistic board model aims on a generic representation of the distribution and 
magnitude of global and local growth characteristics in structural timber. Hereby, the 
focus is on softwood species, in particular, because of its dominance and availability of 
data, on boards of Norway spruce (Picea abies) as base material for structural timber 
products like glulam and CLT. As mentioned earlier, such products are usually 
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characterised by means of the tensile properties parallel to grain of its base material 
boards and finger joints. As the tensile properties are highly influenced by knots and 
knot clusters, the probabilistic model aims to realistically represent these local growth 
characteristics and treats them as surrogates for others. In analogy to the typical hier-
archical structure of branches in trees, boards in longitudinal direction are further sep-
arated in weak zones (WZ), intermediate knot zones (IZ) and knot free zones (CW). The 
geometric parameters are shown in Figure 2. 

 

Figure 2. Definition of geometric parametes (left); detail of knot zone length (right) 

In most probabilistic approaches the length of WZ (LWZ) is kept constant with 
LWZ = 150 mm and only the distance in-between weak zones (DWZ) varies discretely. 
Knots or knot clusters under a certain tKAR (tension/total Knot Area Ratio) threshold 
are usually neglected and no differentiation is made in WZ and IZ (e.g. Ehlbeck 1985, 
Fink 2014, Frese 2016). In contrast to these previous studies but similar to the investi-
gations from Brandner (2018), the lengths of the weak and intermediate knot zones 
(LWZ and LIZ) as well as the distances in-between (DWZ and DIZ) are modelled as contin-
uous variables and the occurrence of weak and intermediate zones is represented by 
two interlaced alternating renewal (AR) processes. Hereby, the length of knot zones 
(see Figure 2, right) is defined by the outer distance of knots or knot cluster plus an 
additional length taking the fibre deviation into account. Olsson et al. (2019) stated 
that local fibre distortions in the vicinity of knots decay after a distance in longitudinal 
direction of approximately 1.5 times the adjacent knot diameter. Based on this inves-
tigation and the assumption of a gradual decrease of the fibre distortions, the addi-
tional length was fixed with 1.0 times the diameter of the knot at the margin of the 
knot zone. As the length of knot zones is kept random, for the distinction between WZ 
and IZ no fixed value is possible; instead, the product LWZ ∙ tKARWZ, as measure for the 
“knot intensity”, was introduced and products of LWZ ∙ tKARWZ ≥ 2.0 were regarded as 
weak zones. Figure 3 shows the principle of the employed two-level hierarchical model 
as well as the definition of the corresponding equi-correlation. This hierarchical model, 
which describes local properties Zij of a specific board segment i in board j as sum from 
the average property Yj of board j and the local deviation from this average property 
Xij, can be directly inferred from the hierarchical material structure of timber as natural 
material. It allows to separate the total variation σZ

2 in (i) the variation between the 
individual boards, σY

2, and (ii) the variation within a single board, σX
2; see Ditlevsen et 

al. (1998). 
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Figure 3. Two-level hierachical model (left); as well as the definition of its components (right) 

This approach, wherever applicable, was further applied to characterise the physical 
properties and geometrical parameters. In total there are six random variables X = {LWZ; 
LIZ; DWZ; DIZ; tKARWZ; tKARIZ} necessary to describe the position, extend and magnitude 
of knot zones. Each variable is characterised by a representative distribution model, 
selected based on physical constraints and correspondence to data, its distribution pa-
rameters and correlation to other variables. The lengths of knot zones, LWZ and LIZ, are 
described by a lognormal distribution. Similar to Fink (2013), the distances between 
knot zones, DWZ and DIZ, are assumed to be gamma distributed. For the measures for 
the magnitudes of knot zones, tKARWZ and tKARIZ, which are by default restricted to the 
interval [0, 1], a beta distribution is chosen.  

Because of mixed distribution models, the correlation structure between the geomet-
ric parameters is modelled by means of a Gaussian copula. For the six geometric pa-
rameters there are in total 15 pairwise combinations necessary to fully describe all 
correlations between these parameters. The calculation of this common correlation 
matrix may, however, lead to a non-positive semidefinite matrix which would be invalid 
for a correlation matrix and thus needs to be adjusted to a positive semidefinite matrix 
following the methodology e.g. in Rebonato and Jäckel (2011). 

The statistics and parameters for all these variables were determined from the da-
tasets as described earlier in Section 2.1. In order to describe the dependency of these 
six geometric parameters from resawing, the change in geometric parameters from 
splitting all boards virtually in width direction into {2; 3; 5; 8} equally wide pieces is 
analysed. 

 

Figure 4. Expected (average) functional relationships of LWZ (left) and tKARWZ (right) 
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Figure 4 shows exemplarily the expected (average) functional relationships for the var-
iables LWZ and tKARWZ. To describe the variables of residual cross sections, the separa-
tion ratio sη , as ratio between the residual and the original board width, is introduced. 

The regression models to describe all variables in dependency of board width ratio, 
ηw = wb / 150, and the separation ratio, ηs, are given in Eq. (2). The individual parame-
ters to describe the expected values, E[X], the coefficients of variation, COV[X], and the 
equi-correlation coefficients, ρequi[X], are listed in Table 3. The parameters to model 
the correlation between the variables, ρ[Xi,Xi+1], are summarised in Table 4. 

 ( ) ( )11 21
w s

β β
00 10 20 GI/GIIη η[ ] β β β ε+ = +   + 

 
Y X Ref  (2) 

 with 
 iβ  ............ regression coefficients [–] 
 wη  ............ board width ratio factor [–];  w w w w bη η ;1 η ,withη w 150= − = ; see Table 3 & Table 4 
 sη ............. separation ratio factor [–];  s s s s residual bη η ;1 η ,withη w w= − = ; see Table 3 & Table 4 
 bw  ........... board width [mm] 
 residualw  ..... residual board width [mm] 
 ε  ............. error term; 0 εε ~ND( ;σ )  [–] 
 GI/GIIRef  ..... reference value [mm / % / –] 

Table 3. Parameters for the description of the expected values, coefficients of variation and equi-
correlation coefficients for all six geometric variables and reference values for GI and GII 

  β00 β10 β11 β20 β21 σε wη  sη  RefGI RefGII 

LWZ 
E[X] – 0.40 0.60 0.60 0.60 0.036 

wη  

sη  100 80 

COV[X] 1.00 – – – – 0.053 

1 sη−  

50 % 40 % 

ρequi[X] 1.00 - - – – 0.053 0.10 0.16 

tKARWZ 
E[X] - 1.00 -0.35 1.60 2.90 0.165 0.21 0.16 

COV[X] 1.00 – – – – 0.075 50 % 40 % 

ρequi[X] 1.00 – – – – 0.075 0.14 0.17 

DWZ 
E[X] 0.95 – – 0.60 2.10 0.115 

1 sη−  

500 600 

COV[X] 1.00 – – 0.40 1.70 0.048 50 % 50 % 

ρequi[X] 1.00 – – 0.40 1.70 0.048 0.20 0.10 

LIZ 
E[X] 1.00 – – 0.15 1.00 0.106 25 

COV[X] 0.95 – – 0.35 1.00 0.114 45 % 

ρequi[X] 0.95 – – 0.35 1.00 0.114 0.09 

tKARIZ 
E[X] 1.00 – – 1.30 1.90 0.156 0.04 

COV[X] 1.00 – – 0.50 1.00 0.069 65 % 

ρequi[X] 1.00 – – 0.50 1.00 0.069 0.10 

DIZ 
E[X] 1.05 – – 2.35 2.05 0.507 

1 sη−  
100 135 

COV[X] 1.00 – – – – 0.046 95 % 95 % 

ρequi[X] 1.00 – – – – 0.046 0.17 0.17 

 
Table 4. Parameters for correlation functions and reference values for GI and GII 

  β00 β10 β11 β20 β21 σε wη  sη  RefGI RefGII 

LWZ – tKARWZ 1.00 – – 0.50 2.00 0.128 

1 wη−  1 sη−  

0.65 

LWZ – DWZ 0.90 – – – – 1.329 0.04 

LWZ – LIZ 1.00 2.80 1.00 – – 2.445 0.05 

LWZ – tKARIZ 0.25 – – – – 4.064 -0.03 
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  β00 β10 β11 β20 β21 σε wη  sη  RefGI RefGII 

LWZ – DIZ 1.00 – – -1.00 4.00 0.485 

1 wη−  1 sη−  

-0.20 

tKARWZ – DWZ 0.85 2.80 1.00 – – 3.536 0.03 

tKARWZ – LIZ 1.00 – – – – 2.646 0.04 

tKARWZ – tKARIZ 1.00 – – – – 11.97 0.01 

tKARWZ – DIZ 1.00 – – -1.25 1.00 0.170 -0.20 

DWZ – LIZ 1.00 – – – – 2.080 0.04 

DWZ – tKARIZ 1.00 – – – – 1.991 0.06 

DWZ – DIZ 1.00 – – – – 0.239 0.40 

LIZ – tKARIZ 1.00 – – -1.10 1.00 0.197 0.45 

LIZ – DIZ 1.00 – – – – 0.382 0.25 

tKARIZ – DIZ 1.00 – – -0.80 1.00 0.307 0.30 

 
2.3 Board generation process 

Figure 5 shows the board generation process by means of the probabilistic board 
model presented in previous Section 2.2. 

 

Figure 5. Board generation process (top); two interlaced alternating renewal processes (bottom) 

At first and based on the input parameters, the board width, the separation ratio and 
the strength class as well as the main statistics and parameters of the marginal distri-
butions are calculated. In the next step, the six-dimensional copula is formulated and 
a random vector Yj with the correlated mean values for the six geometric parameters 
for a specific board is generated. Following this, local deviations Xij from the board 
mean values are calculated for LWZ, tKARWZ and DWZ for the first alternating renewal 
process (ARN 1). The positioning and characterisation of the intermediate knot zones 
within the distance to the next WZ follows in subprocess ARN 2. ARN 1 and ARN 2 are 
repeated until a board of predefined overlength is fully characterised. To ensure suffi-
cient randomness already at the beginning of the virtually generated boards, as the 
board generation process always starts with a weak zone, much longer boards than 
required are created, the first four meters are discarded and a board of predefined 
length is randomly cut out from the remaining overlength. 
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2.4 Board mechanical properties 

For the allocation of mechanical properties to individual board sections, i.e. the local 
tensile parallel to grain properties, the regression models from Fink (2013), as given in 
Eq. (3), apply. The model parameters are summarised in Table 5. 

Table 5. Parameters of regression models in Eq. (3) for Y = {ft,0,ij; Et,0,ij} in [MPa]; from Fink (2013) 

 β0 β1 β2 σε 
   0 1 dyn,F 2l ( ) β β β εn = +  +  +Y E tKAR     (3) ft,0,ij 2.96 8.50 ∙ 10–5 –2.22 0.20 

Et,0,ij 8.41 7.69 ∙ 10–5 –9.02 ∙ 10-5 0.10 

 
Similar to Fink (2013), between the error terms of the strength and the modulus of 
elasticity a correlation of ρ = 0.8 was assumed. In-line with the findings in Colling (1990) 
and the two-level hierarchical model, the error term was separated into two parts. The 
separation for the error terms of the strength and the modulus of elasticity was done 
by means of equi-correlation coefficients which were set to account for the different 
homogeneities in knot and knot-free zones with ρequi,WZ = 0.45, ρequi,IZ = 0.70 and 
ρequi,CW = 0.90. 

The main statistics for the dynamic modulus of elasticity based on eigenfrequency, 
Edyn,F, as indicating property for strength in the grading process and for the average 
board potential in the virtual board generation process, see Eq. (4), are shown in Ta-
ble 6. The comparison of Edyn,F from boards before and after lengthwise splitting based 
on data from Kastner et al (2011) and additional tests (see Section 2.5.2) shows that 
the mean value approximately remains the same, i.e. independent from the splitting 
process, whereas the variation increases with decreasing separation ratio; see Eq. (4). 

Table 6. Parameters for the dynamic modulus of elasticity in [MPa] 

 GI GII 
     1 4/

dyn,F dyn,F,ref sηCOV COV −=E E  (4) Edyn,F,mean 11,500 14,000 

COV[Edyn,F,ref] 13.0 % 13.0 % 

 
2.5 Validation of the probabilistic board model 

2.5.1 Boards with full cross section 

The validation of the probabilistic board model is done by comparing main statistics as 
well as various influences of geometric parameters, i.e. width and length effects, as 
calculated from simulated data with data from the literature. Therefore, for each width 
wb = {100; 150; 200; 250} mm 104 timber boards were virtually generated. The main 
statistics of the tensile strength determined from these boards, considering a test 
length acc. to EN 408 (2012) of nine-times the width, are summarised in Table 7. In 
both groups the mean values are almost constant, i.e. independent of wb. However, 
because of decreasing variation with increasing width, slightly increasing characteristic 
tensile strengths are observed. 

In both groups the average module of elasticity in tension parallel to grain is 500 MPa 
lower than expected for the assignable strength classes T14 and T24 acc. to 
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EN 338 (2016). A similar outcome is reported in Fink (2013) whose models were ap-
plied also here for allocation of mechanical properties to board segments. Table 8 sum-
marises the main statistics of the tensile strength parallel to grain of 150 mm wide 
boards at different lengths for both groups GI and GII. As expected, decreasing tensile 
strengths with increasing length are observed. 

Table 7. Tensile strength ft,0,l in [MPa] of 104 sim. boards for each width, with length lfree = 9 ∙ wb 

group GI (T14)  GII (T24) 

board width [mm] 100 150 200 250  100 150 200 250 

min 4.24 5.59 5.27 4.53  10.2 11.9 12.9 13.4 

max 76.6 72.9 77.8 76.2  131.5 107.3 125.0 114.0 

mean 27.6 27.5 27.7 27.5  40.6 40.2 40.4 40.1 

COV [%] 34.2 31.8 30.2 29.8  30.2 27.6 27.0 26.5 

X05,LN 14.5 15.2 15.8 15.8  23.7 24.7 25.2 25.2 

 
Table 8. Tensile strength ft,0,l in [MPa] of 104 simulated boards for each length, with width 150 mm  

group GI (T14)  GII (T24) 

board length [mm] 900 1,350 2,000 4,000  900 1,350 2,000 4,000 

mean 29.9 27.5 25.5 22.8  42.8 40.2 38.5 35.1 

COV [%] 31.8 31.8 31.3 31.1  28.6 27.6 27.8 27.2 

X05,LN 16.5 

(1.087)1) 

15.2 

(1.0)1) 

14.0 

(0.941)1) 

12.4 

(0.845)1) 

 25.8 

(1.046)1) 

24.3 

(1.0)1) 

23.5 

(0.957)1) 

21.5 

(0.880)1) 
1) ratio to strength at reference length 9 ∙ wb = 1,350 mm 

By means of power regression models, usually applied in timber engineering for the 
description of length and more generally size effects in timber (e.g. EN 14080 2013; 
EN 1995-1-1 2014), based on the characteristic tensile strength values for group GI a 
power coefficient of kl,05 = 0.16 and for group GII of kl,05 = 0.11 is found. Fink (2014) 
found a comparable dependency on length with kl,05 = 0.15 for L25 and kl,05 = 0.10 for 
L40. Brandner (2014) calculated power coefficients in dependency on the variation of 
the tensile strength of the boards. He reported kl,05 = 0.13 and kl,05 = 0.21, respectively, 
for a COV[ft,0,b] = 25 ± 5 % and COV[ft,0,b] = 35 ± 5 %. To conclude, with respect to the 
variation in herein simulated boards, the length effects are within a plausible range as 
found from the literature. 

2.5.2 Boards in split condition 

For validation of the probabilistic board model also in respect to its prediction quality 
for lengthwise split boards after they had been graded in full cross section, again a 
comparison between simulated and test data from literature and from additionally 
conducted test series is made. For the simulated data different board widths wb = {100; 
150; 200; 250} mm and lengths lb = {2,000; 4,000} mm were generated, each with 104 
realisations, which were afterwards virtually split lengthwise considering the separa-
tion ratios ηs = {1; 1/2; 1/3}. Figure 6 shows the results as main statistics of the tensile 
strength relative to that of simulated boards with full cross section, i.e. ηs = 1. With 
respect to the properties of the full cross section, the mean value is decreasing and the 
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variation in tensile strength is increasing with decreasing residual width, i.e. ηs. This 
effect is more distinctive within the lower strength class GI. Viguier et al. (2014) inves-
tigated the influence of splitting boards lengthwise on the bending strength. Compar-
ing the char. bending strength at full cross section with that at ηs = {1/2; 1/3}, for 
strength class C24 acc. to EN 338 (2016) reductions to 78 % and 57 % and for strength 
class C40 to 83 % and 75 % were found. Within the current investigations for the tensile 
strength similar reductions are observed. 

 

Figure 6. Influence of lengthwise splitting on main statistics Y = {E[X]; X05; COV[X]} of the tensile 
strength parallel to the grain (X = ft,0,l) relative to full cross section properties of virtually 
generated boards for GI (left) and GII (right) 

Results from tensile tests conducted on unsplit and split boards from Kastner et al. 
(2011) (strength class T14.5 acc. to EN 338 2016) are shown in Table 9 and a compari-
son with the model prediction is shown in Figure 7. Overall, the same tendencies in 
test and simulated data are observed, i.e. with decreasing separation ratio a decrease 
in the mean and 5 % quantile values as well as an increase in variation.  

Table 9. Results of tensile tests parallel to 
grain on boards for different sepera-
tion ratios from Kastner  et al. (2011) 

ηs 12) 1/23) 

# 49 196 

min 12.3 7.4 

max 40.4 42.7 

mean 23.8 

(1.0)1) 

22.1 

(0.93)1) 

COV [%] 25.5 

(1.0)1) 

28.4 

(1.11)1) 

X05,emp 15.4 

(1.0)1) 

13.1 

(0.84)1) 
 

 
Figure 7. Model predictions (dashed lines) vs. 

main statistics Y = {E[X]; X05; COV[X]} of 
test results (X = ft,0,l) from Kastner et al. 
(2011) with 95 % CI 

1) relative to board properties at full width 
2) Et,0,loc,12,mean = 11,200 MPa (COV = 8.8 %) | ρ12,mean = 433 kg/m³ (COV =7.5 %) 
3) Et,0,loc,12,mean = 10,900 MPa (COV = 9.1 %) | ρ12,mean = 431 kg/m³ (COV = 8.1 %) 

To further validate the model, an additional test series on boards of Norway spruce of 
dimensions 165 x 30 x 4,000 mm³ of nominal strength class T14+ acc. to EN 338 (2016) 
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was carried out. In total 108 boards were delivered. Half of them were tested in tension 
parallel to grain in full width, half of them were split lengthwise to ηs = {1/3; 2/3} and 
also tested in tension; free span for both series 3,180 mm. In addition to the tensile 
properties, the density, the dynamic modulus of elasticity (eigenfrequency) as well as 
the positions and dimensions of knots were recorded for both split and unsplit boards, 
for the first group also at unsplit condition.  

The test results are shown in Table 10 and compared to the model predictions in Fig-
ure 8. The model outcomes show comparable tendencies as the test results. Overall, 
the mean values of the tensile strength are decreasing, the variation is increasing and 
therefore, the 5 % quantiles are decreasing with decreasing separation ratios. An in-
crease in the variation of the modulus of elasticity was also observed within the simu-
lated boards. The reduction of the mean modulus of elasticity as found from current 
tests was neither detected in Kastner et al. (2011) nor from the simulated boards. 

Table 10. Results of tensile tests parallel to 
grain conducted on boards at 
different seperation ratios 

ηs 12) 2/33) 1/34) 

# 54 54 54 

min 14.8 6.1 4.0 

max 71.6 73.8 69.0 

mean 41.5 

(1.0)1) 

37.4 

(0.90)1) 

34.2 

(0.83)1) 

COV [%] 40.6 

(1.0)1) 

46.5 

(1.15)1) 

52.8 

(1.30)1) 

X05,emp 18.7 

(1.0)1) 

12.4 

(0.68)1) 

9.1 

(0.39)1) 
 

 
Figure 8. Model predictions (dashed lines) vs. 

main statistics Y = {E[X]; X05; COV[X]} of 
test results (X = ft,0,l) relativ to full-
board properties with 95 % CI 

1) relative to full-board properties 
2) Et,0,loc,12,mean = 14,000 MPa (COV = 18.6 %) | ρ12,mean = 458 kg/m³ (COV = 8.7 %) 
3) Et,0,loc,12,mean = 13,100 MPa (COV = 16.8 %) | ρ12,mean = 451 kg/m³ (COV = 8.2 %) 
4) Et,0,loc,12,mean = 12,600 MPa (COV = 21.8 %) | ρ12,mean = 453 kg/m³ (COV = 11.9 %) 

Some comments on current tests: although T14+ acc. to EN 338 (2016) was ordered, 
the material appears to be composed of two groups of strength classes with a signifi-
cant number of boards belonging to much higher strength grades, which is visible in 
the statistics, in particular in the unexpected high variation. Since the model for split 

boards was developed for material featuring a common variation COV[ft,0,l]  30 %, dis-
crepancies between data from simulations and tests have to be expected. Although 
the possibilities for validating the probabilistic model for split boards is limited due to 
the small number of experimental investigations and the uncertainties accompanying 
them, an additional, second-level validation is possible by test data from resawn glulam 
beams; see Section 4. 
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2.6 Probabilistic characterisation of finger joints 

Glulam beams are commonly composed of lamellas which themselves consist of 
boards and board segments which are lengthwise jointed via finger joints. The proper-
ties of finger joints, their overall mechanical potential, depend on the properties of the 
two boards that are joined by them. In addition, also the execution conditions, the 
machinery and many other production parameters play a major role too but these are 
assumed to be controlled sufficiently and not considered further. Following the regu-
lations in e.g. EN 14080 (2013), finger joints have to be placed in zones free of knots, 
which has to be considered also in modelling. Regarding the assignment of mechanical 
properties, the approach in Fink (2014) is to use a specific tKAR-value in combination 
with the strength model for the WZ. Based on tests tKARFJ = 0.20 was proposed. Fol-
lowing that, the tensile strength of finger joints is defined as the minimum of weak 
zones in both boards calculated with tKARFJ = 0.20. The modulus of elasticity is approx-
imated as the average value of the module of elasticity from clear wood zones of both 
boards; see Eq. (5). 

   t,FJ t,FJ,i t,FJ,i 1 t,FJ t,CW,i t,CW,i 1
1; ;

2
Min + += =f f f E E E  (5) 

In particular in respect to split boards, edge effects at finger joints are not considered, 
i.e. flat finger joint profiles (flanges running parallel to the board’s side face) are as-
sumed. The length of the finger joints was assumed with 20 mm. 

3 Probabilistic Numerical Glulam Beam Model 
3.1 Principles of the probabilistic numerical model 

In order to examine the load bearing behaviour of virtually generated glulam beams by 
means of four-point-bending tests in accordance with EN 408 (2012) a stochastic fi-
nite-element model was developed within the FE software package Ansys®. All neces-
sary geometric parameters and material properties are provided by individual input-
files. Figure 9 shows exemplarily one glulam beam (hg = 280 mm) consisting of seven 
layers, its elements and distribution of local material properties. 

 

Figure 9. Representation of glulam beams in FE-analysis, exemplarily demonstrated for one glulam 
beam of depth of 280 mm (finger joints marked in red) 
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In order to represent timber boards and also shorter knot zones more realistically, the 
element size in beam length direction (x-axis), i.e. the increment in longitudinal direc-
tion, was set to le = 10 mm. In direction of the beam depth (z-axis) one element per 
layer was used. In respect to the standard lamella thickness commonly used in Europe, 
the increment in depth direction was set to he = 40 mm. 

3.2 Beam generation and simulation process 

The glulam generation and FE-simulation process is schematically shown in Figure 10. 

 

Figure 10. Glulam beam generation and simulation process 

At first, the input parameters of the glulam beam, such as depth, width and length, are 
defined and therefore required boards generated. In the next step, the boards are 
joined lengthwise via finger joints. Hereby, the finger joints are placed in knot free 
zones (CW) as close to the board ends as possible, thus mirroring current industrial 
glulam production lines. Thereby generated lamellas are then built up in layers to glu-
lam beams of predefined dimensions and the total set of mechanical properties passed 
to the FE-program Ansys®. The glue line in surface bonding is not modelled separately; 
a rigid composite action between the lamellas is assumed. Similar to Fink (2013) the 
differences regarding the loading direction (tension/compression) with respect to stiff-
ness is not considered. In Ansys®, a load of fixed magnitude, Ftest, is applied and the 
resulting stresses are calculated. Based on the mean tensile stress in each element, 
their degree of utilisation in tension is calculated. Then, the stiffness of the zone (WZ, 
IZ, CW or FJ) within the beam containing the FE-element with the highest utilisation 
ratio in tension is set to zero. This process is repeated until the global MOE is reduced 
by more than 20 %. For each load step, the maximal load Fmax,i for the glulam beam is 
calculated based on the utilisation ratios in tension parallel to grain of each element.  

  ( )  = = ==
t ,0 ,max,imax,i test ult max,i g m,g ult yult ult 6η 2 WMaxf hF F F F M F f M  (6) 

The bending strength fm,g of the glulam beam is derived from the ultimate load Fult of 
all load cycles assuming linear-elastic material behaviour; see Eq. (6). 

3.3 Validation of the probabilistic numerical beam model 

For validation of the probabilistic numerical beam model for each dimension 103 glu-
lam beams with a width of wg = 150 mm and different depths hg = {280; 600; 900} were 
simulated. The length of the used boards was fixed with lb = 4.0 m. Therefore, the char-
acteristic tensile strengths of the simulated boards with a reference length of lB,ef = 2 m 
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(see EN 1194 1999) are ft,0,I,k = 14.0 MPa for GI and ft,0,I,k = 23.5 MPa for GII. The results 
of the simulated glulam beams in bending are summarized in Table 11 and Table 12. 
The mean bending strength and the variation is decreasing with increasing beam 
depth. The reduction in the characteristic bending strength corresponds with the size 
effect kh in EN 14080 (2013) as well as with the depth effect as proposed in 
Frese (2008). The characteristic bending strength of 21.2 MPa for the GLT beams built 
up with boards from GI is below the value for GL24 acc. to EN 14080 (2013), also the 
MOE is slightly underestimated. Similar results regarding strength and MOE are re-
ported in Fink (2014). One reason might be a lower COV[ft,0,l] ≈ 31 % (and 30 % in Fink 
2014) than frequently found in other studies. For the effect of homogenisation of ma-
terial properties not only the characteristic strength but also the variation is of utmost 
importance (see Brandner & Schickhofer 2008 and Brandner & Schickhofer 2010). Blaß 
et al. (2008), for example, simulated glulam beams of GL24 based on boards with 
COV[ft,0,l] ≈ 40 % and reached the stipulated bending strength. The characteristic bend-
ing strength of fm,g,k,ref = 29.9 MPa for glulam beams simulated with boards of the 
higher strength class GII (T24) are well in-line with the load bearing model given in 
EN 14080 (2013) which implicitly considers less variation in the tensile properties of 
boards with increasing strength class. Overall, the results of the probabilistic beam 
model are within a plausible range as found in the literature. 

Table 11. Results for the bending strength (fm,g) of 103 simulated glulam beams of width 
wg = 150 mm; base material GI (T14) & GII (T24)  

 fm,g [MPa] | GI (T14)  fm,g [MPa] | GII (T24) 

hg [mm] 280 600 920  280 600 920 

mean 32.0 26.5 24.5  44.9 37.1 34.3 

COV [%] 18.7 13.0 11.0  17.4 12.6 10.0 

X05,LN 23.0 

(1.08)1) 

21.2 

(1.00)1) 

20.2 

(0.96)1) 
 33.3 

(1.11)1) 

29.9 

(1.00)1) 

28.9 

(0.97) 

kh = (h/600)0.14 1.11 1.00 0.94  1.11 1.00 0.94 

kh Frese (2008) 1.09 1.00 0.94  1.09 1.00 0.94 
1) related to reference depth of hg,ref = 600 mm 

Table 12. Results for the MOE (Em,0,g) of 103 simulated glulam beams of width wg = 150 mm; base 
material GI (T14) & GII (T24) 

 Em,0,g [MPa] | GI (T14)  Em,0,g [MPa] | GII (T24) 

hg [mm] 280 600 920  280 600 920 

mean 10,450 10,450 10,450  12,950 12,950 13,000 

COV [%] 7.05 4.65 3.63  7.88 5.33 4.08 

 

4 Resawn Glulam Beams 
4.1 Glulam in split condition 

In order to analyse the influence of splitting glulam beams on the properties of the 
remaining cross sections, the probabilistic model for lengthwise split boards, pre-
sented in Section 2, is combined with the probabilistic numerical model for glulam 
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beams in Section 3. Therefore, glulam beams were simulated featuring different 
widths, depths, degrees of separation (one or two cuts, i.e. ηs = 1/2 or 1/3) and board 
strength classes. The results of all simulated parameter combinations (103 for each 
combination) are summarised in Table 13. 

Table 13. Results of the bending strength (fm,g) of simulated glulam beams in full & split condition; 
103 realisations each 

wg hg group 
fm,g,mean [MPa] COV[fm,g] [%] fm,g,05,LN  [MPa] 

full 1 cut 2 cuts full 1 cut 2 cuts full 1 cut 2 cuts 

100 

280 
GI 

(T14) 

30.4 
29.4  

19.5 
22.1 – 

21.5 
19.5 – 

(0.97)1  (1.13)1 – (0.91)1 – 

150 32.0 
30.5 29.3 

18.7 
20.9 24.1 

23.0 
20.9 18.5 

(0.95)1 (0.92)1 (1.12)1 (1.29)1 (0.91)1 (0.81)1 

200 33.3 
31.5 30.1 

18.5 
19.8 22.4 

24.1 
22.1 20.2 

(0.95)1 (0.91)1 (1.07)1 (1.21)1 (0.91)1 (0.84)1 

150 600 26.5 
24.9 23.3 

13.0 
14.2 15.2 

21.2 
19.5 17.8 

(0.94)1 (0.88)1 (1.09)1 (1.17)1 (0.92)1 (0.84)1 

150 280 
GII 

(T24) 

44.9 
43.8 41.8 

17.4 
18.3 21.3 

33.3 
32.0 28.9 

(0.98)1 (0.93)1 (1.05)1 (1.22)1 (0.96)1 (0.87)1 

150 600 37.1 
36.2 34.5 

12.6 
13.1 13.5 

29.9 
28.9 27.4 

(0.98)1 (0.93)1 (1.03)1 (1.07)1 (0.97)1 (0.92)1 
1) related to the properties at full cross section, i.e. before splitting 

In-line with Viguier et al. (2014) and Crocetti (2009) also here in Em,0,g,mean no reduction 
due to the splitting was observed. The influence from resawing glulam beams on the 
main statistics of the bending strength relative to them of glulam in full cross section 
(ηs = 1) is shown in Figure 11. With respect to the properties at full cross section, with 
decreasing separation ratio ηs the mean bending strength values are decreasing and 
the corresponding variations are increasing. This effect is more pronounced in the 
lower glulam strength class, i.e. glulam of board material with higher variation. 

 

Figure 11. Influence of splitting on the main statistics Y = {E[X]; X05; COV[X]} of the bending strength 
(X = fm,g) relative to unsplit properties of virtually tested glulam beams with base material 
GI (left) and GII (right) 

4.2 Comparison with previous investigations 

There are only a few experimental investigations on the mechanical properties of re-
sawn glulam beams known to the authors. These investigations mostly comprise only 
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a limited number of tests per series (n ≤ 20) which commonly leads to large uncertain-
ties in relative comparisons between properties of split and unsplit glulam beams and 
thus to apparently not consistent results. Figure 12 shows the test results of various 
experimental investigations as reported in Kastner et al. (2011), Crocetti (2009), 
Cleason (2003) and Viguier et al. (2014) in comparison to the model predictions from 
Section 4.1. 

 
Figure 12. Relative values (split vs. unsplit glulam bending strength; X = fm,g) based on model 

predictions (dashed lines; GI or GII) and main statistics Y = {E[X]; X05; COV[X]} of test 
results from literature together with 95 % confidence intervals; glulam strength class, 
dimensions and number of tests per series (top rigth) 

Overall, the previously described tendencies, decreasing mean and 5 % quantile values 
and increasing variations due to the splitting process, are to a majority consistent with 
experimental investigations found in literature. However, there are also two investiga-
tions (Kastner et a. 2011 and GL28 in Viguier et al. 2014) which conclude no influence 
from splitting on bending strength statistics. Experimental investigations with two cuts 
(ηs = 1/3) are not known to the authors. 
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4.3 Modelling the properties of resawn glulam beams 

4.3.1 Model based on properties of split boards 

One possible approach to characterise the 
mechanical properties of resawn glulam is 
via the tensile strength of the lengthwise 
split boards. For a better comparability be-
tween the board properties a reference 
length of lB,ref = 2 m, as it was anchored in 
EN 1194 (1999), is applied. Figure 13 shows 
the characteristic bending strength of all 
simulated glulam beams (see Table 13) cor-
rected to the reference depth href = 600 mm 
acc. to EN 14080 (2013) vs. the characteristic 
bending strength estimated via the load 
bearing model as anchored in EN 14080 
(2013). The bending strength of the resawn 
glulam beams is slightly underestimated by 

the load bearing model. One disadvantage of this approach is, that the tensile strength 
of the split boards is required as input parameter. For two strength classes, models 
which account for the influence on the tensile properties of lengthwise split boards are 
already presented in Section 2.5.2. 

4.3.2 Model based on full cross section beam properties 

The second approach is to derive the 
bending strength of resawn glulam from 
the bending strength of the unsplit glulam 
beams and the tensile strength of the used 
boards. Figure 14 shows a comparison be-
tween the bending strength of the simu-
lated resawn glulam beams and the stipu-
lated formula in EN 14080 (2013) as well 
as the new proposed Eq. (7): 

m,s,k,new m,g,k
t,0,l,k

1 for 1 cut  40

3 for 2 cuts 6


− − 

− 
=f f

f
 (7) 

Eq. (1) from EN 14080 (2013) is based on 
experimental results from testing glulam 

of higher strength classes (see Crocetti 2009, Cleason 2003) which might be the reason 
for observed larger deviations at lower strength classes. The new proposed Eq. (7) co-
vers also the influence on the bending strength for resawn glulam manufactured from 
lower strength classes; intentionally, it still gives slightly conservative estimates but 
features widely a constant bias. 

   

Figure 13. Results of sim. bending strength 
(href = 600 mm) vs. model EN 14080 
(2013) based on tensile strength of 
full & split boards with lB,ref = 2 m 
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Figure 14. Results of sim. bending strength for 
split glulam beams (href = 600 mm) vs. 
model in Eq. (1) & new model Eq. (7) 
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5 Conclusions 
The herein presented probabilistic board model allows not only to represent timber 
boards in respect to its global and local growth characteristics and tension parallel to 
grain properties longitudinally but also to quantify the impact of lengthwise splitting 
on the residual cross section’s properties. This is in particular of relevance for boards 
graded and classified in full cross section according to EN 14081-1 (2019) but which 
are afterwards and in subsequent production processes regularly or arbitrarily reduced 
in their width to an extend larger than currently allowed in EN 14081-1 (2019). These 
possibilities are also a prerequisite for the characterisation of unidirectionally and or-
thogonally layered timber products featuring to a certain amount such in width arbi-
trarily reduced boards, as it is the focus in the ongoing FFG BRIDGE research project 
“flex_GLT-CLT-beams” (No. 877111). Based on this probabilistic board model a proba-
bilistic numerical glulam beam model was set up, successfully validated and applied for 
quantification of the effect of resawing on the bending properties of glulam beams. 
The current simulations (i) show the possibility to quantify also resawn glulam built up 
of boards from lower strength classes, (ii) rate the model in EN 14080 (2013) as con-
servative for low and suitable for high glulam strength classes, and (iii) served as basis 
for the new model in Eq. (7). A comparison between the resulting bending strength of 
resawn glulam according to current regulations (EN 14080 2013) and the new pro-
posed model (Eq. 7) is shown in Table 14. 

Table 14. Comparison between the resulting bending strength in [MPa] of resawn glulam acc. to 
current regulations in EN 14080 (2013) and new model in Eq. (7) 

glulam  
strength class 

board  
strength class 

EN 14080 (2013) new model Eq. (7) 

1 cut 2 cuts 1 cut 2 cuts 

GL24h T14    16.01)    12.01) 21.0 19.0 

GL28h T18 24.0 20.0 25.3 23.3 

GL32h T24 30.7 26.7 29.7 27.7 
1) not allowed acc. to EN 14080 (2013) 
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DISCUSSION 

The papers was presented by R Sieder 

H Blass commented that this approach considered resawn or split glulam and asked 
about application of the approach to consider CLT especially the consideration of 
finger joints.  R Sieder said that the influence of finger joint strength was modeled 
based on TKAR.  H Blass said that in CLT part of the board may have finger joint and 
part of the board may not have finger joint.  R Sieder responded that the model can 
consider such case. 

C Tapia asked what is the benefit of having an intermediate zone in the model.  R 
Sieder said that the influence with and without intermediate zone has not been 
studied and agreed the influence might be minor.  C Tapia said that TKAR values were 
used to represent finger joints but the actual tensile strength of finger joints are 
commonly measured.  He asked why not work directly with finger joint strength data.  
R Sieder said this may be done later. 

E Ussher asked about MOE values and the situation where reaction wood might be 
involved.  He also asked about the boundary conditions.  R Sieder said that MOE as 
influenced by the resawing process was considered minimal.  The timber considered 
may have reaction wood in it.  Also four‐point bending with simple supports was 
considered. 

R Brandner added that flat finger joints were considered in the study and discussed 
with C Tapia that variation of finger joint properties was already considered with the 
approach.    

A Frangi commented that in fire situation there might be an issue with the slender 
split beam exposed on three sides to fire load.  R Sieder stated that no special 
considerations would be needed. 

M Westermayer questioned about need of consideration of fiber deviation in the 
model.  R Sieder stated that fiber deviation was not explicitly considered in the model 
and might consider this with additional strength reduction.  R Sieder clarified that 
clear zone length was randomly treated and not fixed at say 150 mm. 

P Dietsch suggested adding the table from last two slides to the paper.   

C Tapia asked what type of distribution of strength along the board was found.  R 
Sieder said not quite lognormal distribution as tail fittings were not perfect. 
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1 Introduction 
In  general,  the  European  Yield Model  is  used  to  design  joints with  laterally  loaded 
screws, where the tensile capacity Ft and the yield moment My are necessary  input 
parameters when it comes to steel properties. The speed of screw development is so 
immense that the current Eurocode 5 (2010) does not include bespoke rules for self‐
tapping  screws,  with  the  exception  of  few  specific  rules  concerning  axially  loaded 
screws. Indeed, in order to design joints with screws, most input parameters (e.g. Ft, 
My) must be taken from technical documentation of the screws. In Europe, self‐tapping 
screws can be certified  in accordance with EN 14592 (2012) or  through a European 
Technical Assessment (ETA) based on an EAD (2019). The steel properties to be deter‐
mined in the framework of certification testing are My, Ft and the ultimate torsional 
moment Mtor. 

The aim of this contribution is to analyse design equations regarding the parameters 
tensile capacity Ft and yield moment My that would eliminate the need to consult tech‐
nical documentation of individual screw producers. An extensive database comprising 
more than 10000 test results carried out for certification purposes was analysed. Po‐
tential benefits are more robust design models covering a large range of screws, re‐
duced testing and simplified design equations. More specifically, this contribution in‐
vestigates in a first step the influence of different parameters such as the type of steel 
or screw on steel properties. Then, two approaches are examined that aim at facilitat‐
ing testing. The yield moment My for instance is not easy to determine experimentally 
and results depend strongly on their interpretation and on the precise test setup (see 
section 4.2).  The possibility  to  abandon  these  tests  seems appealing.  Proposals  are 
made how My could be calculated in future, based on either tensile strength or ulti‐
mate torsional moment.  
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2 State of the art 
Self‐tapping timber screws are one of the most important fastener typologies in mod‐
ern timber engineering. Due to their good performance, ease of application and ver‐
satile ranges of use, the advent of modern timber screws is one of the primary factors 
for the advent of many modern engineered timber structures. Screws are often de‐
signed to accommodate specific purposes, such as screws optimised for specific timber 
products (Brandner, 2019) or screws with variable thread geometries to pre‐stress tim‐
ber (Steilner, 2014). Furthermore, screws are an effective means to reinforce against 
tensile failures perpendicular to the grain (Bejtka and Blaß, 2005), shear (Dietsch, 2012) 
or as reinforcement of beam supports (Bejtka and Blaß, 2006). Consequently, the vari‐
ety of modern self‐tapping screws in terms of their geometrical and steel properties is 
enormous, ranging from fully threaded screws over screws with a partial thread or two 
threaded parts over the screw length to many different head, tip and thread shapes. 
Concerning steel properties, most screws are made of carbon steel and are hardened. 
These screws are usually galvanised to protect them against corrosion. Also stainless 
steel screws are widely applied, where, differently to nails (Sandhaas and Görlacher, 
2017), the steel properties differ considerably to those of carbon steel screws because 
the  latter  are  generally  hardened. However,  also martensitic  stainless  steel  is  used 
where higher steel properties come with the cost of lesser resistance against corrosion. 
Ringhofer (Ringhofer, 2017) gives a comprehensive and clear overview of these mani‐
fold screw types and explains thoroughly the effect of production processes and geo‐
metric and material choices on the screw performance.  

As stated in the introduction, in current certification practice, the three steel proper‐
ties My, Ft and Mtor are tested in accordance with EN 14592 or EAD 130118‐01‐0603, 
where both refer to the respective testing standards (EN 1383, 2016; EN 409, 2009; 
EN ISO 10666, 2010). The evaluated values on the characteristic level are then declared 
in  technical documents.  In  the current version of Eurocode 5, design  rules exist  for 
“smooth shank screws, where the outer thread diameter is equal to the shank diame‐
ter” (8.7.1 (2)), and where reference  is made to the rules for bolts  (for screws with 
d > 6 mm; 8.7.1 (4)) and nails (for screws with d ≤ 6 mm; 8.7.1 (5)). These screws how‐
ever are screws with a standardised thread, which generally are different to self‐tap‐
ping  screws.  Self‐tapping  screws are  cold‐formed, mostly hardened and  their  outer 
thread diameter is larger than the shank diameter. Generally, confusion exists if rules 
for bolts and nails apply also to self‐tapping screws with a partial thread (fully threaded 
screws are not covered). Such  rules encompass  for  instance Eq. (1), with which  the 
characteristic yield moment My,Rk in Nmm of nails and bolts can be calculated: 

   2.6
y,Rk u,k0.3M f d   (1) 

where  fu,k = 600 MPa  for  nails  (corresponds  to minimum  tensile  strength  of wire)  / 
characteristic tensile strength of bolt in MPa; d = nominal diameter in mm. 
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3 Database 
The database consists of in total 10419 tests taken from 86 reports. Screws from 32 
different producers were considered and the tests were carried out between 2010 and 
2019, in accordance with the certification rules valid at the time of testing. Due to the 
large variability, a rough classification as shown in Figure 1 on the left was used to cre‐
ate subgroups of screws. Partially threaded screws constituted 69% of the database; 
fully threaded screws 19%, screws with two threaded parts and with a high‐low thread 
6% each and only 1% were TCC screws. The geometrical properties given in Figure 1 
on the right are also recorded in the database. In total, screws with 26 different nomi‐
nal diameters ranging from 2.5 mm to 14 mm were tested, where diameters of 5, 6 
and 8 mm were the most frequent with about 15% each. The ratio between inner and 
outer thread diameter was between 0.55 and 0.76. Concerning the types of steel, for 
33% of all data, the test reports did not explicitly state the types of steel of the screws, 
which means, with near‐certain probability, that these screws were made from carbon 
steel and hardened. Therefore, these 33% were assigned to carbon steel screws, which 
then accounted for 72% of the database. 27% were stainless steel screws, 30 screws 
(0.3%) were hot‐dip galvanised and 50  screws  (0.5%) were made  from unhardened 
carbon steel. No further information about steel grades was usually given, e.g. if aus‐
tenitic or martensitic steels were used. The number of tests per parameter is given in 
Table 1. Concerning the individual parameters, the tensile capacity Ft and the torsional 
moment Mtor are measured maximum values. The given yield moment My is the value 
at a measured deformation angle of 45° or the reached maximum bending angle be‐
fore rupture of the screws. It has to be pointed out here that issues around test exe‐
cution and interpretation of results lead to uncertainties about the measured values 
(see section 4.2). 

Screw types 

Fully threaded screw 

Partially threaded screw 

Two threaded parts 

Timber‐concrete screw 

(TCC) 

High‐low thread 

 

 

 

 

Head types  Countersunk               Cylinder               Washer               Steel‐timber 

                                              

Tip types  Normal tip                   Drill tip                   Half tip                   Special tip 

                        

Figure 1.  Left: Classification of screws. Right: Geometrical properties with dh = head diameter, 
ds = diameter of smooth shank, do = outer thread diameter = nominal diameter dnom, 
di = inner thread diameter, p = pitch, L = length = nominal length Lnom,  
Lg = length of threaded part. 
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Table 1.  Composition of database, Ft in kN, My and Mtor in Nm. 

  Tensile  
capacity Ft 

Yield  
moment My 

Torsional moment 
capacity Mtor 

No. of tests  3851  2921  3647 

Of which stainless steel  1085  756  1015 

Of which hdg*  10  10  10 

Of which unhardened#  50  50  50 
* hdg = hot‐dip galvanised; # = only screws made of carbon steel 

4 Analysis and discussion 
4.1 General 

Usually, 10 tests per steel property were carried out using the same screw, i.e. from 
one batch. The steel properties can be analysed individually, which means that individ‐
ual test results can be considered, e.g. to evaluate if the shank ribs have an influence 
on the tensile capacity of partially threaded screws (they have not). Furthermore, steel 
properties can be compared within test series, e.g. to investigate the relationship be‐
tween My and Mtor. For the latter case, only mean values can be used, as there is no 
direct relationship between individual test values. For instance, Mtor cannot be meas‐
ured on the very screw that was used to determine My. Therefore, experimental values 
contained in the database are grouped although screw parameters may be different, 
notably length and head type. 

As stated before, most screws are made of carbon steel and are hardened. Only about 
a third of the database contains test results of stainless steel screws, where martensitic 
stainless steel screws can be hardened contrary to screws made of austenitic stainless 
steel. Work hardening effects will take place when rolling the thread and consequently, 
screws with smaller inner diameters (and hence relatively larger nominal diameters) 
may “benefit” more from work hardening. Subsequent hardening of screws, a process 
that includes a heat treatment, may reverse the effect of work hardening, but it will 
lead to higher properties. This heat treatment may again affect screws with smaller 
diameters more than thicker screws, leading to higher properties of screws with de‐
creasing nominal diameters. In other words, the steel strength is not necessarily ho‐
mogeneous over the cross‐section.  In EN ISO 10666 (2010), developed for screws  in 
steel structures, this is considered because e.g. core and surface hardness need to be 
determined. Also the screw length may influence the steel properties, as the rolling of 
a long thread may lead to more notches, which in turn lead to reduced properties.  

Hence, as a first step, influence factors on the steel properties are investigated. First, 
the influence of the type of steel is assessed. For this, test values must be converted in 
strength values in order to allow for comparison. The conversion in strength is done as 
shown  in  Eqs.  (2)  to  (4),  with  di = measured  inner  thread  diameter  in  mm.  The 
consideration  of  di,  however,  does  not  lead  to  true  strength  values.  As  shown  in 
Ringhofer  (2017),  the  stressed  area  to  consider  when  transforming  capacity  into 
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strength is not circular in the case of screws. Moreover, possible notches, especially in 
the  threaded  part  or  in  the  transition  area  between  thread  and  smooth  shank  of 
partially threaded screws, are not considered. 

“Yield strength My” in MPa: 



3

6 y
My

i

M

d
   (2) 

“Tensile strength ft” in MPa: 



 2

4 t
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d
  (3) 

“Torsional strength ftor” in MPa:     
 3

,

3 3
12

tor tor
tor

tor pl i

M M

Z d



  (4) 

In Eq. (3), Ztor,pl is the full plastic polar section modulus of a round section in mm3 and 
factor 3 accounts for the ratio between tensile and shear strength. 

The converted strength values are shown in Figure 2. The “yield strength” (top) and 
the “torsional strength” (bottom) are similar, whereas both are higher than the “tensile 
strength” (centre). Different stress states during testing may lead to this. For instance, 
during  a  test  to determine My  and Mtor,  the outer  fibres  are  first  stressed whereas 
during a tensile test, the whole cross‐section is stressed. As the hardening procedure 
is not influencing the whole cross‐section evenly, the outer fibres with higher strength 
may lead to a higher “yield/torsional strength”. During a tensile test instead, the whole 
cross‐section with hardened outer fibres and less‐hardened inner fibres is activated, 
leading to lower tensile strength values of hardened screws. When looking at stainless 
steel  screws,  two  distinct  groups  can  be  identified.  Obviously,  screws  made  from 
martensitic stainless steel can reach strength values similar to those made from carbon 
steel. 

Apart from the type of steel, also the screw type may influence the steel properties. 
The following observations made during testing are the reason behind this hypothesis: 

 Tensile tests: Screws usually fail in the threaded part with the smallest stressed area 
(inner diameter). Unhardened stainless steel screws however may also  fail  in  the 
smooth shank although the diameter of shank is greater than inner diameter. This 
leads to smaller tensile capacities of partially threaded screws in comparison to fully 
threaded screws (of the same group). An explanation is that work hardening effects 
do not occur in the smooth shank of stainless steel screws. 

 Yield moment tests: The weakest section of partially threaded screws usually is in 
the area of the last thread directly adjacent to the smooth shank (the “transition” 
area).  This  may  be  due  to  local  stress  concentrations.  Within  the  same  group, 
partially threaded screws may hence have lower yield moments in comparison to 
fully threaded screws.  

 Often,  fully  threaded  screws have higher  steel properties  than partially  threaded 
screws, as the latter are less hardened. 
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Figure 2.  Histograms of strength values per type of steel. Results for hdg and unhardened screws 

are not shown and only results for screws with recorded inner diameter di are shown. 

Figure 3 shows all three steel properties versus the nominal diameter. Nearly 90% of 
all screw types were partially threaded and fully threaded screws. The black and red 
lines in Figure 3 are the quadratic regression lines for partially threaded screws (the 
red line) and for fully threaded screws (the black line). Considering that the regression 
for nominal diameters larger than 12 mm is not reliable (few test results and no results 
for partially threaded screws,  i.e. the regression  line for partially threaded screws  is 
not correct for large diameters), the two lines do not differ significantly. Therefore, on 
the level of individual test results, no difference between screw types can be found. In 
Figure 2 and  in Figure 3,  the  significant  scatter of  steel properties within  the whole 
population of screws is obvious, which will impact on the quality of design rules. 
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Figure 3.  Properties versus dnom, identified by screw type (hdg and unhardened screws not shown). 

From left to right : My (69.3% partial thread, 17.5% full thread), Ft (70.4% partial thread, 
17.4% full thread), Mtor (66.6% partial thread, 20.5% full thread). The black and red lines 
are the quadratic regression lines (forced through zero) for partially threaded (red) and 
fully threaded (black) screws.  

To conclude this general section,  it can be said that the type of steel  influences the 
steel properties, where yield and torsional strength have very similar values. Moreover, 
it should be taken into account that two distinct groups of stainless steel screws exist 
in  case  any  simplified  equations  based  on  tensile  strength  values  are  used.  This  is 
proposed  in the current draft for the new Eurocode (CEN/TC 250/SC 5/WG 5 N148, 
2020), but only a single value of 500 MPa is given as characteristic tensile strength for 
stainless steel screws. Finally, no clear  influence of  the screw type can be seen and 
scatter of steel properties within the whole population of screws is significant. This is 
in stark contrast to the scatter within the single test series determining My, Ft and Mtor, 
where  coefficients  of  variation  larger  than  0.05 were  observed only  in  3.5% of  the 
series. 

4.2 Challenges to determine My 

Before pursuing two approaches aimed at calculating My  instead of executing tests, 
challenges  around  the  experimental  determination  of  yield  moments  and  their 
implication  for  derived  characteristic  values  are  discussed.  Lack  of  clarity  in  testing 
standards is indeed hampering proper analysis of test data. Both EN 14592 and EAD 
130118‐01‐0603 refer to EN 409 as testing standard, where four‐point bending tests 
are described, with the free length L2 between the two load insertion points ranging 
between d and 3 ∙ d. As L2 has a significant influence on the obtained My‐values, this 
range is too large. Furthermore, in EN 409, the test location along the screw axis is not 
specified. Especially for partially threaded screws, the exact definition of this location 
is necessary in order to determine My  in the weakest section. It  is not clearly stated 
that the screw must be allowed to move horizontally, so that there is scope to find the 
weakest section. Moreover, EN 409 prescribes different bending angles for different 
fastener types and timber products, leading to different bending angles for different 
wood densities. Meanwhile, the EAD states that the yield moment “is the value at the 

plastic  bending  angle   = 45/d0.7  degrees”,  whereas  neither  EN 409  nor  EN 14592 
mention the word “plastic”. This however is crucial, as most test setups measure the 
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global bending angle, whereas only the plastic (not elastic) bending angle should be 
considered. Steilner and Blass (2014) addressed this issue and proposed a solution to 
determine the plastic bending angle. Different  laboratories therefore most certainly 
determine different My‐values  for  the same screws, with significant  implications  for 
characteristic values. In view of these issues and as said in section 3, My‐data contained 
in the database is raw data and no adjustments neither in accordance to Steilner and 
Blass nor Blass et al. (2000) were made. However, machine slip is still  included in all 
results contained in this database, as the used test setup measures the bending angle 
directly  through  the  rotation  of  the  machine.  This  is  less  of  an  issue  because  the 
registered  value  for My  is  very  close  to  the  plateau  value, where  only  a  very  slight 
increase  in  yield  moment  with  increasing  bending  angle  is  observed.  It  is  this 
dependency on the bending angle which makes a clear and unequivocal definition of 
My impossible. 

4.3 Calculation of the yield moment using tensile strength 

Eq. (5) in Figure 3 on the left shows the mechanics‐based full plastic bending moment 
Mmech for a circular section calculated as follows: 

     31
1200 MPa 0.64

6
mech nomM d   (5) 

where 1200 MPa = mean tensile strength of all screws (mean of 3846 individual values, 
COV = 21%), calculated using the inner diameter di, see Eq. (2); 0.64 = mean ratio of 
di/dnom, i.e. di is on average 64% of dnom (mean of 27282 individual values, COV = 5.6%). 

Giving a first look at Figure 3 on the left, the comparison of Eq. (5) with experimental 
values  for My  seems  to pave  the way  for  a  calculation of My  using  tensile  strength 
values, similar to Eq. (1). Therefore, two nonlinear regression analyses based on mean 
values  were  carried  out,  using  the  format  of  Eq.  (1)  with  the  prefactor  and  the 

exponent as  regression variables   and . The process was  iterative, eliminating all 
outliers with  studentised  residuals  larger  than  |3|. Different  independent  variables 
were used, varying the considered diameter between inner diameter di and nominal 
diameter dnom. The results are given in Table 2, where the lower indices indicate the 
considered diameter when calculating the tensile strength in analogy to Eq. (3). The 
regression  results  do  not  differ  much  among  themselves  and  are  close  to  the 
mechanics‐based equation  that has a prefactor of 1/6 and an exponent of 3. More 
pragmatic, but less mechanically correct is model B, as nominal diameters of screws 
are  known  to  engineers  in  practice.  Model  C  is  further  simplified  by  forcing  the 
exponent to be equal to three. 

Figure 4 on the left shows the results of the more pragmatic model B as the ratio of 
experimental over expected values in order to better identify differences, seeing that 
the high R2 = 0.999 would not allow to see these differences if the values are plotted 
versus each other. Data for higher nominal diameters are scarce and the ratio scatters 
more for smaller diameters, where more data is available. The mean value of the ratio 
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is 0.99 (COV = 6.7%) and the observed 5th percentile is 0.89. A last step to obtain design 
rules is to derive characteristic values. One option is to correct model B by a factor of 
0.89 and replace the mean tensile strength with its characteristic value. By doing so, it 
is implicitly assumed that the scatter of My and ft is the same, which is reasonable see‐
ing that both are steel properties.  

Table 2.  Results of nonlinear regressions based on mean values. The outliers concern mostly 

screws with dnom ≥ 8 mm. 

Model 
No of test 
series 

Regression variables 
R2  Outliers 

 

A    , , ,y mean t di mean iM f d    256  0.188  3.019  0.999  27 

B    , , ,y mean t dnommean nomM f d    239  0.149  2.911  0.999  44 

C     3
, , ,y mean t dnommean nomM f d   238  0.123  –  0.998  45 

 

   
Figure 4.  Left: Ratio of mean experimental value of My over expected value of model B. The 

horizontal line at 0.89 indicates the observed 5th percentile. Right: Ratio of characteristic 
values over My,k = 0.123 ∙ 365 MPa ∙ dnom3. Only test results for hardened screws made of 
carbon steel are shown. The horizontal line at 0.98 indicates the observed 5th percentile 

However, if the aim of any possible design rule is to make consultation of declarations 
of performance of individual screw producers superfluous, then a general characteris‐
tic value for the tensile strength valid for all screws of a certain type of steel is needed. 
For  instance,  365 MPa, which  is  the  observed  5th  percentile  of  the  tensile  strength 
ft,dnom,k of hardened screws made of carbon steel, calculated considering the nominal 
diameter, can be chosen as characteristic value for the tensile strength. Now, model C 
is  chosen  to  check  regression  results,  and  ft,dnom,k   = 365 MPa  is  inserted  instead  of 
ft,dnom,mean. The result is shown in Figure 4 on the right, where it is compared with char‐
acteristic values determined in accordance with EN 14358 (2016) and where only hard‐
ened screws made of carbon steel were considered. The mean value of the shown ratio 
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is  1.35  (COV = 19%)  and  the observed  5th  percentile  is  0.98.  Therefore,  the  chosen 
value  for  ft,dnom,k = 365 MPa allows  for a calculation of My,k.  It must be  remembered 
here that the considered My‐values were not adjusted in terms of bending angles, see 
section 4.2. However, such an adjustment leads to even lower My‐values and hence to 
an even more punishing situation for many screws.  

To conclude, design equations of manifold shapes are possible, but all of  them can 
reproduce only a conservative value for My,k,  if the whole population of self‐tapping 
screws is considered. The two main decisions to be taken by code writers are which 
and how many strength values should be considered (e.g. based on which diameter 
and for how many subgroups). Finally, the database must be extended with data for 
larger diameters, as any design equation derived does not hold for diameters larger 
than ca. 10 – 12 mm, which gets particularly important if exponential approaches are 
chosen. 

4.4 Comparison between My and Mtor 

As concluded in section 4.1, yield and torsional strength give very similar values which 
leads to the obvious idea of comparing My and Mtor directly. This would be straightfor‐
ward  approach without  any  need  of  geometrical  data.  Tests  to  determine Mtor  are 
much easier to execute than tests to determine My, and inaccuracies as discussed in 
section 4.2 are less likely to occur. Above all, Mtor is determined independently of any 
deformation; it is the maximum moment measured before the screw breaks. The tor‐
sional moment is not needed for design; the test is carried out to make sure that screws 
can be driven in without breaking. 

In total, mean values of 270 series contained in the database can be compared, as only 
for these series both My (2646 individual values) and Mtor (2670 individual values) were 
determined.  If Mtor  is  directly  compared  to My,  the  torsional moment  tends  to  be 
slightly lower. Indeed, a direct comparison between yield and torsional moment can‐
not be done from a mechanical point of view, as a bending test leads to normal stresses 
in the screw, and a torsional test to shear stresses (see also Eq. (4)). Furthermore, not 
only the “stress type” is different, but also the section moduli differ. As a consequence, 
Mtor was corrected in accordance with Eq. (6). Figure 5 on the left shows the compari‐
son between mean values of My and Mtor,corr, revealing a promising relationship (My‐
values not adjusted). Differences between both values scatter around ±20%, where 
117 series had higher and 153 series lower My‐values than Mtor,corr. 
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  (6) 

where √3 = correction factor:  = fy/√3; Zpl = full plastic section modulus of a circular 
section in mm3; Ztor,pl = full plastic polar section modulus of a circular section in mm3 
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Figure 5.  Left: Yield moment versus corrected torsional moment. Mean values of 270 test series.  
Red line is bisect line, black line is linear regression line, dotted lines are 95% confidence 
intervals. Right: Boxplot of ratios of characteristic yield moments divided by 
characteristic torsional moments, which were calculated in accordance with EN 14358 
(2016) using uncorrected Mtor‐values. 5th and 95th percentiles are specified. 

Concerning  a  possible  calculation  of  the  characteristic  yield moment  based  on  the 
characteristic torsional moment, the two characteristic values could be compared di‐
rectly, where 5% of the My,k‐values can be lower than the Mtor,k‐values. Therefore, the 
factor of 1.1 given in Eq. (6) is not applied, and uncorrected Mtor‐values were used to 
calculate 5th percentiles in accordance with EN 14358 and based on a lognormal distri‐
bution. Analogously, 5th percentiles for My were calculated for each of the available 
270 series. Figure 5 on the right shows a boxplot of the ratio of characteristic values, 
My,k divided by Mtor,k, versus the nominal diameter. The observed 5th percentile is 0.94. 
This means that an additional conversion factor of 0.94 is needed. Eq. (7) shows a pos‐
sible equation to calculate My,k based on Mtor,k: 

 , ,0.94y k tor kM M   (7) 

Simply eliminating tests to determine the yield moment is not constructive however. 
The ability of screws to bend without rupture cannot be validated with torsional tests. 
Current commonly accepted design practice asks for sufficient ductility of joints and 
hence sufficient elongation of screws. Independently of any possible changes in meth‐
odology, the findings of this section allow for plausibility checks, as a comparison of 
My‐ and Mtor‐values can help to identify erroneous values. 

5 Conclusions and outlook 
A large database comprising in total 10419 individual tests evaluating the tensile ca‐
pacity, the yield and the torsional moment of a large variety of self‐tapping screws was 
analysed. In general, about 10 tests per steel property were carried out per screw type. 
The observed coefficient of variation within the single test series is max. 5% as can be 
expected when  dealing with  steel  properties.  Between  test  series  however,  for  in‐
stance considering screws with a nominal diameter of 8 mm, observed coefficients of 
variation were approx. 12% for carbon steel screws and approx. 28% for stainless steel 
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screws. Consequently, the derivation of general equations valid for the whole screw 
population comes with the cost of conservative values for certain screws, which will be 
problematic  in  seismic design. Particularly  screws made of  stainless  steel  should be 
divided in austenitic and martensitic in order to differentiate between these two dif‐
ferent types of stainless steel. Nevertheless, using the database, general design equa‐
tions to determine the characteristic yield moment valid for a large range of screws 
can be derived. These general equations can be based on tensile or torsional test re‐
sults, where the drawback of tensile tests is that capacities are determined whereas 
strength values are needed. For this, it must be decided if tensile capacities are trans‐
ferred into tensile strength values using inner or nominal diameters. As a pragmatic 
approach, it is recommended to use nominal diameters, as these are known to practi‐
tioners. Considering inner diameters and a circular section is mechanically more pre‐
cise, albeit not fully (Ringhofer, 2017), and there is no scope to simulate a mechanical 
preciseness although the test results show a persistent large scatter. 

The database lacks data for screws with nominal diameters  larger than 10 mm. This 
gap  should  be  filled,  particularly  considering  that  exponential  approaches  are  best 
suited to predict the yield moment. Concerning the experimental determination of the 
yield moment, EN 409 should be reviewed, extended with precise guidelines e.g. con‐
cerning the free testing length, and it should only be used to show that screws have 
enough deformation capability before breaking. If this is not wished for, then also pre‐
cise  information  concerning  the  definition  and measurement  of  the  bending  angle 
should be included. Finally, a decision must be taken at which bending angle the yield 
moment shall be determined and how to deal with the higher yield moment  in the 
smooth shank area of partially threaded screws. 
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DISCUSSION 

The papers was presented by C Sandhaas 

A Ringhofer agreed with the conclusions.  He commented that torsional moment 
capacity might be influenced by hardness distribution within the cross section.  He 
also noted that the approach is conservative and asked about allowing more flexibility 
to adopt higher values based on testing.  C Sandhaas agreed that this might be 
possible.  She also confirmed that the screws were produced by European companies 
but may be produced outside Europe.   

M Fragiacomo commented that design for seismic consideration might be 
problematic especially for over strength factor consideration in capacity based design 
as there was a large spread between the design values and the upper values.  H Blass 
commented that it would not be a good idea to use screws in dissipative zones for 
seismic design and agreed that larger over strength factors might be needed.  

I K Abeysekera asked about combined axial and bending action with reduced yield 
moment.  C Sandhaas said that this was investigated by H Blass in INTER 2017.  IK 
Abeysekera asked whether it would be possible for manufacturers to limit the COV of 
their products for seismic zones.  C Sandhaas and A Ringhofer responded that the COV 
for one screw type and one producer would be low.  R Brandner said that this would 
be true within one batch but there would be higher variation between batches.  C 
Sandhaas agreed and commented that this type of issue also exists for steel dowels 
for seismic design. 
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1 Introduction 
Besides their simple and economic application without pre-drilling, modern self-tap-
ping timber screws feature a high performance when loaded in axial direction. This 
circumstance has been influencing timber engineering for approx. 25 years now and 
led to various different joint types and reinforcement measures. Both application fields 
usually consist of screws, which are installed parallel or at least inclined to the load 
direction to achieve this high resistance and stiffness due to axial loadbearing. In prac-
tical application, there are, however, specific requirements and boundary conditions 
of joint detailing, secondary loading scenarios or stress combinations in possible crack 
zones, which imped this idea of ‘pure’ axial loading. 

Concentrating on screwed joints, especially system solutions for linear or laminar tim-
ber elements usually consist of one or more steel(metal)-to-timber connection(s), 
which are exposed to loads, acting in more than one direction as a consequence of the 
versatile application field. This leads to a combined loading of the screws (bending, 
shear and tension) and the timber member’s local area surrounding them (withdrawal, 
embedment). According to the European design standard Eurocode 5 (EN 1995-1-1 
2014) – and similar in several European Technical Assessments of such system con-
nectors – this load interaction has to be verified by Equation (1): 

   
    

   

ax,Ed v,Ed

ax,Rd v,Rd

1

a b

F F

F F
, (1) 

with a = b = 2 and Fax,Ed & Fv,Ed as the design axial and lateral loads and Fax,Rd & Fv,Rd as 
the corresponding resistances; the related characteristic values are given in Equations 
(2) and (3) for a connection with n = 1 screw (Fax,Rk for axial tension): 
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with d as the (nominal) outer thread diameter of the screw, lef and t1 as the effective 
inserted thread length and the total inserted screw length in the timber member, fax,k 
and fh,1,k as the characteristic withdrawal and embedment strengths of the timber 
member under the given conditions, My,Rk as the characteristic yield moment of the 
screw and μ (= 0.25) as friction coefficient, representing the axial resistance’s share on 
Fv,Rk in form of the so-called ‘rope effect’, c. f. Bejtka and Blaß (2002). 

Thereby, the term (Fv,Ed / Fv,Rd) already covers the verification of all shear loads, possibly 
acting in different directions but parallel to the timber surface, i. a. by a specific em-
bedment strength for the given condition. Thus, the effect of three-dimensional com-
bined loading can be transformed to a two-dimensional problem as it is illustrated in 
Figure 1.1. 

 
Figure 1.1. Steel-to-timber connection with self-tapping screws subjected to combined axial and 
lateral loading 

Equation (1) for self-tapping screws is equal to the regulation for profiled nails, where 
it has been adopted from. In contrast, for nails with a smooth shank a linear interaction 
(a = b = 1) has to be applied. Both, the linear and the quadratic interaction for different 
types of nails are the conclusions of a comprehensive study made by Ehlbeck and 
Siebert (1984), which has been generally confirmed by McLain and Carroll (1989) and 
Reyer and Linzer (1993). While the behaviour of smooth and profiled nails under com-
bined loading was investigated quite comprehensively at that time, comparable stud-
ies with self-tapping timber screws are missing. Thus, extracted topics, which were in-
vestigated by Blaß et al. (2006) (restriction to failure mode (c) according to Equation 3) 
and Laggner et al. (2016) (restriction to one parameter configuration and failure mode 
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(e) according to Equation 3) are worth to be highlighted. Even though they chose a 
completely different experimental approach, both outcomes conclude (Blaß et al. 
2006) and quantitatively show respectively (Laggner et al. 2016, a = b = 2.43 on mean 
value level) that the quadratic approach in the current version of Eurocode 5 appears 
as too conservative. 

Besides the need of simplification, the absence of e. g. a comprehensive experimental 
investigation is probably the reason why the format of Equation 1 does not consider 
differences due to a variation of strength-influencing parameters (load-to-grain and 
axis-to-grain angle, screw geometry, timber density and product, etc.) or – more fun-
damental – due to the matter if a timber (withdrawal, embedment) or screw (tension, 
bending) failure (or a mixture of both) is given. 

To verify the validity of Equation (1) for self-tapping screws, i. e. to check if the ap-
proach is too conservative or if certain parameters change the notation of Equation (1), 
an experimental campaign was carried out in the frame of a recently finished research 
project at Graz University of Technology. An overview of this programme as well as the 
developed test configuration are presented in Section 2, while Section 3 comprises the 
discussion of gained test results and their application to verify theoretical models. As 
the content of Section 3 had to be limited to some extent, the interested reader is 
kindly referred to the extended version, which is given in Burtscher (2021). 

2 Materials and Methods 
2.1 Overview 

An overview of the experimental programme, which was carried out by 
Burtscher (2021), is given in Table 1. Following the principle aim of this study, the most 
relevant parameter is the share of the axial (Fax) and the lateral load component (Fv) 
on the combined load Ftest. As a consequence of the applied test configuration, c. f. 
Section 2.3.1, this solely depends on γ as load-to-surface angle (= angle between the 
load direction and the surface normal), see Figure 1.1 and Equation (4), 

 ax test cos( )F F γ , and  v test sin( )F F γ , (4) 

and was varied between pure axial (γ = 0 °) and pure lateral loading (γ = 90 °) in form 
of two intermediate steps γ = {30, 60} °. Taking timber’s orthotropic behaviour into ac-
count, the load-to-grain angle α and the axis-to-grain angle ε (here: ε = 90 ° - α) were 
varied as well. In addition, an impact of the certain failure mode (timber vs. steel, or 
both) on the load interaction was assumed. Thus, the mentioned variations were exe-
cuted with screws of four different insertion lengths t1 (or slenderness λ = t1 / d). Note: 
Due to a linear relationship between the effective inserted thread length lef and the 
withdrawal capacity Rax (see e. g. Ringhofer 2017), only one screw length was tested in 
case of pure axial loading. 
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In order to not overextend the scope of the programme and due to a comparatively 
time-consuming and cost-intensive test execution, further parameters, possibly influ-
encing the load interaction as well, such as the (nominal) screw diameter, the timber 
product, the timber density ρ and the moisture content u (c. f. Section 2.2), the con-
nection type (c. f. Section 2.3), etc. had to be excluded from a selective variation. 

Table 1. Overview of the test parameters and their range 

parameter  range  

axial loading lateral loading combined loading 

d [mm] 8 8 8 

t1 [mm] 105 40, 105, 165, 225 40, 105, 165, 225 

λ ≈ [-] 13 5, 13, 21, 28 5, 13, 21, 28 

lef [mm] t1 – 1.17 d* t1 – 1.17 d* t1 – 1.17 d* 

ε [°] 0, 30, 60, 90 0, 30, 60, 90 0, 30, 60, 90 

α [°] - 0, 30, 60, 90 0, 30, 60, 90 

γ [°] 0 90 30, 60 

no. of tests [-] 48 190 369 

* tip-correction according to Pirnbacher et al. (2009) for t1 ≠ 40 mm 

2.2 Materials 

2.2.1 Timber 

Due to its status as a reference material in fastener testing (c. f. EAD 130118-01-0603 
2019) and its widespread use in timber engineering, it was decided to execute the test 
programme with solid timber (ST) made of Norway spruce (Picea Abies) in strength 
class C24 according to EN 338 (2016) with a nominal average density ρ12 = 420 kg/m³ 
(referred to u =12 %). The 12 m³ of raw material was manually graded at the sawmill 
and went through a technical drying (utarget ≈ 10 ÷ 11 %) before further processing took 
place. Thereby, the principle of matched sampling was applied to achieve a compara-
ble density distribution for all single test series. The final dimensions of the test speci-
mens followed most of the requirements according to EN 1382 (2016) and 
EN 383 (2007) and are given in Table 2. 

Table 2. Dimensions of test specimens in dependence of the type of loading and axis-to-grain angle 

dimension axial loading lateral loading combined loading 

ε = 0 °  ε > 0 ° 

length L [mm] 190 280 370 280 

width B [mm] 115 or 135 115 or 135 115 or 135 

height H* [-] 280 110 to 280 110 to 280 
* parallel to the screw axis and in dependence of t1 

2.2.2 Self-tapping screws 

In principle, one d = 8 mm, fully threaded screw type with three different lengths 
(120 mm, 180 mm, 240 mm), a countersunk head and a half-tip, and made by the 
holder of ETA-12/0373 (2020), was applied for the tests. As both properties serve as 
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input parameters for theoretical modelling, the steel tensile capacity ftens (n = 6 per 
length) and the yield moment My (n = 15 for 120 mm and 180 mm, n = 10 for 240 mm) 
were determined according to EN 14592 (2012) and EN 409 (2009) prior to the main 
test series. 

2.3 Methods 

2.3.1 Test configuration and test execution 

The test configuration, applied for the axial, lateral and combined loading tests of steel-
to-timber connections with n = 1 self-tapping screw (tplate = 15 mm → thick steel plate 
acc. to Eurocode 5) is schematically illustrated in Figure 2.1. The circular shape with a 
discrete variability of the load-to-surface angle Δγ = 15 ° bases on the configuration by 
Munse and Cox (1956), who investigated the mechanical behaviour of rivet joints un-
der combined loading. However, the given problem demanded many modifications of 
their original idea, which shall be discussed in brief: 

The present test set-up consists of two ‘steel wheels’ (Pos. 2), which are rigidly con-
nected with the test machine (LIGNUM-UNI-275, universal testing device, Zwick GmbH 
& Co. KG) via the two wheel supports (Pos. 1). The steel plate (Pos. 3), which connects 
both ‘steel wheels’, not only serves as a bracing of the test set-up but also – together 
with the L-brackets (Pos. 4) – as a support for the specimen holder. The test specimen, 
which is prepared outside the test rig, consists of the timber specimen itself (Pos. 6), 
the tested screw and the steel plate (Pos. 7). To mount the specimen within the test 
rig and to transfer axial tensile loads the steel adapters (Pos. 5) are fixed to the timber 
via self-tapping screws. The whole assembled test specimen (Pos. 5, 6 & 7) is then slit 
into the rig. The forces are transferred via contact pressure between Pos. 4 and 5. 

 
Figure 2.1. Test configuration with the single components in different colouring 

The displacement-controlled force application takes place via a vertical movement of 
the upper ‘steel wheel’ (Pos. 8), which is connected to the test machine with a bolt. 
The specific shape of the upper steel wheel’s centre bases on an idea of Jockwer et al. 
(2014) and shall enable also the testing of timber-to-timber connections with 
t1 ≤ 90 mm in future. 

Pos. 6 timber specimen

Pos. 7 steel plate

Pos. 8 upper wheel

Pos. 1 wheel support

Pos. 2 steel wheel

Pos. 5 steel adapters

Pos. 3 steel plate

Pos. 4 L-bracket

INTER / 54 - 7 - 2

99



The present tests were conducted with a F10 / F40-hysteresis loop. The determination 
of force-displacement relationships for the two main load directions parallel (γ = 90 °) 
and perpendicular to the specimen surface (γ = 0 °) demanded the installation of one 
(axial loading) to three (combined loading; rotation of the steel plate with respect to 
the timber surface) LVDTs on each side of the timber specimen, c. f. Figure 2.2. 

   

Figure 2.2. Applied devices for way measurement in case of axial (left), lateral (middle) and combined 
loading (right) 

2.3.2 Post-processing 

Note: The following is restricted to the test results discussed in Section 3. More details 
are given in Burtscher (2021). The axial and lateral force components Fax and Fv were 
determined according to Equation (4) for each applied load-to-surface angle γ. In ac-
cordance to EN 26891 (1991), Ftest was defined as force maximum up to a (global) dis-
placement of w ≤ 15 mm. 

With regard to the deformations wax and wv, the rotation of the steel plate with respect 
to the timber surface disabled a direct adoption of the measurements in the related 
directions. Thus, Equation (5) was derived, which describes the line vector 
S (wv,cor|wax,cor) of the screw head during the load test (see also Figure 2.3): 
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With  

Δwa ……. distance between the vertical LVDTs perp. to the screw axis 
w1 ……. measured wax,1 of the vertical LVDT close to the screw axis + t1/2 

w2 ……. measured wax,2 of the vertical LVDT at Δwa + w1 
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w3 ……. measured wv of the horizontal LVDT + wAS 
wAS ……. distance between the steel plate’s centre and the brass 
   

  

Figure 2.3. Relevant deformation parameters (left: input parameter; right: results of Equation 5) 

With the corrected displacements wax,cor and wv,cor according to Equation (5) the stiff-
ness properties Kser,ax and Kser,v were determined by means of regression analysis in the 
linear-elastic part of the force-displacement-relationships. Thereby, the unloading and 
reloading phase of the hysteresis loop were ignored. The final extreme value treatment 
was done according to Tukey’s criteria for statistical outliers (values outside the inter-
quartil-range (IQR) ± 1.5-times the IQR) on logarithmised data sets and by means of 
box-plots. 

3 Results and Discussion 
3.1 General overview 

The main statistics for the moisture content u, the density ρ12 and the maximum load 
per test (up to w = 15 mm), Ftest are given in Table 3. As a basis of the discussion in 
Section 3.2, both, the observed failure mode (FMtest) and the failure mode predicted 
by the theoretical approach (FMpred, minimum of (c), (d), (e) in Equation 3) are included 
as well. Concentrating on the physical timber properties, there are comparable homo-
geneous moisture contents umean and densities ρ12,mean for all test series. The maximum 
deviation to the overall average density of 427 kg/m³ is approx. 4.5 %. In contrast is 
the timber densities’ dispersion; here, significantly different values for CV[ρ12], varying 
between 1.6 % and 9.5 %, can be observed, which is predominately caused by the com-
paratively few number per test series. Nevertheless, the relations of the average mois-
ture contents and densities between the test series allow a comparison of test results 
without any further adjustments. 
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Table 3. Main statistics of all test series, including the observed and predicted failure modes (FM) 

 ID 
[-] 

n 
[-] 

ε 
[°] 

α 
[°] 

γ 
[°] 

λ 
[-] 

umean 
[%] 

ρ12,mean 
[kg/m³] 

CV[ρ12] 
[%] 

Ftest,mean 
[kN] 

CV[Ftest] 
[%] 

FMpred 

[-] 
FMtest 

[-] 

ax
ia

l 

15 9 90 - 0 13 9.5 428 3.0 15.7 5.6 - - 
16 12 30 - 0 13 10.3 425 4.8 12.3 11.9 - - 
17 12 60 - 0 13 10.3 422 5.7 14.9 12.5 - - 
18 8 0 - 0 13 10.4 425 1.8 8.7 20.3 - - 

co
m

b
in

ed
 

19 11 90 0 30 5 8.2 421 7.1 5.2 7.1 d c 
20 11 90 0 30 13 8.8 416 5.4 13.2 8.9 e e 
21 11 90 0 30 21 8.7 424 4.5 20.1 7.3 e e 
22 10 90 0 30 28 8.8 443 4.7 21.1 2.0 e d 
23 9 30 60 30 5 8.4 413 3.8 3.5 7.0 c c 
24 11 30 60 30 13 8.7 413 5.1 7.9 12.5 e e 
25 11 30 60 30 21 9.5 428 5.4 13.6 11.8 e e 
26 9 30 60 30 28 9.3 425 1.7 19.2 4.7 e 4d, 5e 
27 11 60 30 30 5 8.4 418 6.1 4.2 12.9 d c 
28 13 60 30 30 13 8.7 435 7.8 11.5 13.5 e e 
29 11 60 30 30 21 9.8 442 5.3 19.3 11.8 e 4d, 6e 
30 13 60 30 30 28 8.7 434 4.2 21.0 1.6 e d 
31 9 0 90 30 5 8.3 408 2.7 2.4 11.2 c c 
32 9 0 90 30 13 8.6 417 4.3 4.3 16.3 e c 
33 6 0 90 30 21 9.8 421 3.8 8.6 7.7 e e 
34 10 0 90 30 28 8.9 417 2.7 11.6 22.6 e 6c, 4e 
35 9 90 0 60 5 9.4 424 3.2 5.8 9.8 d d 
36 10 90 0 60 13 10.0 432 2.0 12.0 4.5 e e 
37 11 90 0 60 21 9.6 429 6.3 17.2 6.1 e 2d, 9e 
38 12 90 0 60 28 9.4 424 6.7 17.2 2.4 e e 
39 9 30 60 60 5 9.4 412 4.0 3.6 7.9 c d 
40 11 30 60 60 13 9.3 418 3.5 7.0 10.1 e e 
41 12 30 60 60 21 9.9 417 4.7 10.5 16.9 e e 
42 9 30 60 60 28 10.0 430 6.3 15.3 5.9 e 4d, 5e 
43 11 60 30 60 5 9.4 416 7.2 4.7 18.0 d d 
44 11 60 30 60 13 9.7 422 3.2 9.9 7.6 e e 
45 11 60 30 60 21 9.6 436 3.1 15.6 7.0 e e 
46 10 60 30 60 28 10.0 440 3.1 17.2 5.1 e 1c, 8d, 1e 
47 11 0 90 60 5 9.1 420 4.9 3.0 11.8 c d 
48 9 0 90 60 13 9.7 416 2.1 4.6 10.9 e e 
49 11 0 90 60 21 10.0 439 5.4 5.6 18.7 e e 
50 9 0 90 60 28 9.7 423 5.1 8.6 19.9 e e 

la
te

ra
l 

51 10 90 0 90 5 9.9 447 9.5 7.0 5.5 d e 
52 12 90 0 90 13 10.4 429 6.0 11.7 11.9 e e 
53 13 90 0 90 21 10.1 438 6.5 13.1 9.5 e d 
54 10 90 0 90 28 10.2 427 4.9 14.6 5.7 e d 
55 12 30 60 90 5 9.8 420 5.1 3.7 11.1 c d 
56 10 30 60 90 13 9.8 426 3.3 7.1 9.2 e d 
57 12 30 60 90 21 9.7 440 4.1 9.7 6.6 e e 
58 11 30 60 90 28 10.5 442 3.6 11.1 7.4 e 9d, 1e 
59 11 60 30 90 5 10.0 440 5.6 5.9 10.4 d d 
60 10 60 30 90 13 10.3 430 4.2 10.3 13.1 e e 
61 12 60 30 90 21 10.6 432 4.7 12.4 11.8 e e 
62 11 60 30 90 28 9.7 442 5.1 13.4 10.5 e d 
63 12 0 90 90 5 9.9 426 4.1 2.8 6.3 c d 
64 9 0 90 90 13 9.9 417 1.6 4.8 12.0 e e 
65 8 0 90 90 21 9.4 427 1.6 6.0 14.7 e e 
66 10 0 90 90 28 9.9 424 6.8 7.7 14.4 e e 
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3.2 Pure lateral loading 

As a by-product of the experimental campaign regarding the load interaction there are 
16 test series (ID 51 to 66 in Table 3) with steel-to-timber connections, exposed to pure 
lateral loading (γ = 90 °). The results are used to verify the related content of Euro-
code 5 in terms of resistance (EYM) and stiffness. 

3.2.1 Resistance 

The theoretical approach (EYM) to be verified by the experimental results is given in 
Equation (3). As the European Yield Model serves as a design equation, it inherently 
takes the different safety factors for steel and timber failure into account. The com-
parison of single test results with model predictions does not need this modification of 
the mechanical model behind. Thus, the pre-factor 2.3 of failure mode (e) in Equa-
tion (3) was reset to 2.0. The origin of the further model input parameters is discussed 
in brief: 

As a modified form is frequently provided in ETAs of self-tapping screws (c. f. ETA-
12/0373 2020 for instance) and recent investigations prove that it is appropriate for 
the screw type, which was used in the present tests, as well (Gstettner 2019), the em-
pirical approach from Blaß et al. (2006) was applied to determine the embedment 
strength fh,1 of each test specimen, see: 

 


 

1.24 0.3
12

h,1 2 2

0.022

2.5 cos sin

ρ d
f

ε ε
. (6) 

Worth mentioning, nominal values for d and ε and the measured density ρ12 were used. 
In case of the yield moment, a doubtful rotation measurement disabled the consider-
ation of the experimentally determined My. As alternative, the mechanical approach 
by Ringhofer and Schickhofer (2019), which bases on the screw’s tensile capacity ftens, 
was applied (note: My as Mz,pl,pred; bending about the screw’s weaker z-axis). The axial 
resistance Fax was determined by means of Equation (2) with the screw’s steel tensile 
capacity as upper limit. Thereby, the withdrawal parameter fax was gained from the 
axial load tests for the specific insertion angle ε. Friction was considered by μ = 0.25. 
Worth mentioning, the Eurocode 5 regulation for the upper limit of the ‘rope effect’ 
μ · Fax ≤ Fv (without μ · Fax) was ignored. 

Figure 3.1 compares the gained test results with the predicted values according to 
(modified) Equation (3). Concentrating on the left scatterplot, wherein the resistance 
Fv,pred was calculated as a minimum of failure modes (c) to (e), a fairly good agreement 
between Fv,test and Fv,pred is given. This is in fact interestingly since only the half of the 
observed failure modes FMtest coincides with the ones with minimum resistance 
(FMpred). These deviations between FMtest and FMpred especially occur for configura-
tions with low and high λ and for perpendicular-to-grain insertion rather than for par-
allel-to-grain insertion, c. f. Table 3. The deviating failure modes for configurations with 
low insertion lengths (small λ) do not lead to a remarkable difference between Fv,test 
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and Fv,pred. This is shown in Figure 3.1 (right), wherein Fv,pred was calculated with FMtest, 
and can be explained by the fact, that Fv,pred of test series with λ = 5 is frequently lo-
cated in the transition between failure modes (c) and (d) or (d) and (e). 

In case of λ ≈ {21, 28} and ε > 0 °, the situation is completely different in form of a sig-
nificant overestimation of test results. The reason therefore is seen in the behaviour 
of FMtest in dependence of λ: For the change of λ = 5 → 13 (21) the expected increase 
in the order of FMtest is given, which means that the number of plastic hinges along the 
inserted screw thread increases from 0 to 1 and from 1 to 2 respectively. For the 
change of λ = 13 (21) → 21 (28), now a decrease of the number of plastic hinges from 
2 to 1 can be observed. It is worth mentioning that this one plastic hinge was always 
located at the transition between steel plate and timber specimen and that screw 
(steel) failure occurred for the related test series. 

In fact, this contradicts the theory behind the EYM and is probably caused by the ap-
plied fastener type. Self-tapping screws have a high tensile strength (≈ 1,200 MPa) but 
a comparatively low ductility (Ringhofer and Schickhofer 2019). Given a long insertion 
length, a high axial loadbearing capacity Fax leads to a dominant share of the ‘rope ef-
fect’ on Fv. Unfortunately, this goes along with an interaction of high tensile (due to 
Fax), bending and shear (due to Fv) stresses in the area of the plastic hinge. Further 
taking a comparatively low plastic reserve of the screw into account, it is assumed that 
the steel failure must occur before a second plastic hinge can be formed, i. e. the fail-
ure mode (d) has not reached its upper limit of resistance yet. 

 
Figure 3.1. Test results vs. model predictions (left: Fv,pred for FMpred; right: Fv,pred for FMtest) 
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3.2.2 Stiffness 

Besides resistance, Eurocode 5 also provides a theoretical approach to determine the 
stiffness Kser,v of laterally loaded steel-to-timber joints with self-tapping screws (Equa-
tion 7), which shall be verified in the frame of this subsection. 


 

1.5
12

ser,v,EC5 2
23

ρ d
K . (7) 

As there is a remarkable deviation in the parameter treatment, it was decided to con-
sider the approaches given in SIA 265 (2012) to determine Kser,v of laterally loaded dow-
els (Equation 8) and nails (Equation 9) for the present comparison as well: 

   0.5 1.7
ser,v,SIA,SD 12,k ef6 3K ρ d , and (8) 

   1.7
ser,v,SIA,NA ef120 60K d , (9) 

for parallel-to-grain (perpendicular-to-grain in brackets) loading and with def = 1.1 ·ds 
(shank diameter). The comparison between experimentally determined values and the 
ones calculated with Equation (7) to (9) is given in Table 4. Note: for the majority of 
tests of two series (ID 59 and 63) a doubtful horizontal displacement measurement 
had to be observed. Thus, both series were excluded from stiffness data assessment. 

In fact, a significant overestimation of the measured stiffness is given for all applied 
models but especially for Equation (7) according to Eurocode 5 with a maximum dif-
ference ΔEC5 = 4,561 %. While the magnitude of {ΔEC5, ΔSIA} remains as an open question 
(which is possibly influenced by the method to determine Kser,v, c. f. Section 2.3.2), its 
variability can be explained by the non-consideration of t1, ε (Equations 7 to 9) and α 
(Equation 7) in the theoretical approaches, while a related impact can be observed for 
the test results. 

Table 4 Comparison of experimentally and empirically determined lateral stiffness Kser,v 

ID 
[-] 

n 

[-] 
Kser,v,mean 
[kN/mm] 

CV[Kser,v] 
[%] 

Kser,v,EC5 
[kN/mm] 

ΔEC5 
[%] 

Kser,v,SiA,SD 
[kN/mm] 

ΔSIA,SD 
[%] 

Kser,v,SiA,NA 
[kN/mm] 

ΔSIA,NA 
[%] 

51 8 1.07 20.7 6.57 614 2.46 230 2.33 218 
52 7 1.18 19.5 6.18 524 2.41 204 2.33 197 
53 12 1.26 24.6 6.38 506 2.44 194 2.33 185 
54 11 1.50 17.4 6.14 409 2.40 160 2.33 155 
55 11 0.43 19.9 6.00 1,395 1.59 370 1.55 360 
56 10 0.55 22.2 6.12 1,113 1.60 291 1.55 282 
57 11 0.79 15.6 6.42 813 1.63 206 1.55 196 
58 12 0.89 18.0 6.46 726 1.63 183 1.55 174 
60 6 0.84 21.0 6.21 739 2.01 239 1.94 231 
61 10 0.98 10.5 6.25 638 2.02 206 1.94 198 
62 8 1.17 14.0 6.46 552 2.04 174 1.94 166 
64 10 0.38 17.2 5.93 4,561 1.19 313 1.16 305 
65 9 0.45 17.3 6.14 1,364 1.20 267 1.16 258 
66 6 0.58 4.5 6.07 1,047 1.20 207 1.16 200 
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3.3 Combined Loading 

The test results of steel-to-timber connections with self-tapping screws (n = 1), sub-
jected to combined axial and lateral loading, are shown in Figure 3.2 in dependence of 
the insertion length t1 (or slenderness λ) and the axis-to-grain angle ε. For a better 
understanding of the impact of load interaction, several lines as the outcomes of Equa-
tion (1) are illustrated as well. Thereby, their colour represents the related insertion 
length t1 (or slenderness λ), while the line type depends on the size of a = b = {1.0, 1.5, 
2.0} as varied model parameters. As the focus of this comparison is on the load inter-
action itself (γ = {30, 60} °), the limit resistances Fv (γ = 90 °) and Fax (γ = 0 °) were either 
adopted from the test results (Fv,test,i) or again determined by means of Equation (2) 
(Fax,test,i), c. f. Section 3.2.1. 

 
Figure 3.2. Test results and model comparison for combined loading in dependence of the inserted 
screw length t1 and the axis-to-grain angle ε  
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With regard to the comparison between test results and the outcomes of Equation (1), 
the following is worth being discussed: 

First, an increasing slenderness λ coincides with increasing a and b as best model fit of 
the test results. While the results of test series with λ = 5 (and partially 13) are well 
described by power values of 1.0 ÷ 1.5, the ones of test series with λ ≈ 21 and 28 need 
power values of 1.5 ÷ 2.0 and even more than 2.0 for a good agreement. This is well in 
line with the findings made by Laggner et al. (2016) for a d = 6 mm screw with λ ≈ 25 
but in a clear contrast to the ones made by Blaß et al. (2006) for small λ, c. f. Section 1. 

Second, apart from the parallel-to-grain insertion (ε = 0 °) this is irrespective of both 
load-to-grain and axis-to-grain angels α and ε. In case of ε = 0 ° however, a sudden and 
brittle splitting failure of several timber specimens, exposed to combined axial and lat-
eral loading, had to be observed. This phenomenon, which took place at much higher 
end-grain and edge distances than the minimum ones given in Eurocode 5, decreased 
the related resistances and consequently the best fitting power values {a, b} by far. 
Interestingly, this only occurred for combined loading of screws in timber’s end grain, 
while in case of pure axial or pure lateral loading, the expected failure modes (with-
drawal, bending, embedment) were observed. 

4 Summary and Conclusion 
The versatile application field of system connectors with self-tapping screws, second-
ary loading scenarios on screwed connections in general or stress combinations in pos-
sible crack zones of screw reinforcements cause additional lateral loads on self-tapping 
screws, which are intended for pure axial loading. In such cases, current design codes 
provide a quadratic load interaction for verification. 

This regulation for self-tapping screws was adapted from profiled nails and does not 
have an own broad experimental basis. Thus, it was decided to carry out a comprehen-
sive test programme related. It focused on the impact of selected parameters such as 
the load-to-surface angle (representing the share of Fax and Fv), the load-to-grain and 
axis-to-grain angles (representing timber’s orthotropic characteristics) and the screw’s 
insertion length (or slenderness) on the behaviour of steel-to-timber connections with 
n = 1 self-tapping screw, which are subjected to combined axial and lateral loading. 
The present paper is a summary of these efforts made by Burtscher (2021) and espe-
cially concentrates on the methodology applied for test execution and the gained re-
sults. With regard to the latter, the following main conclusions are drawn: 

On the face of it, the results of laterally loaded screws are quite closely located to pre-
dictions by the EYM – if the missing agreement between assumed (minimum of (c) to 
(e)) and observed failure modes is ignored. Looking deeper into this, especially the re-
sistance of screwed connections with high t1 (or λ) is significantly overestimated by the 
EYM if the observed failure mode is considered instead. Interestingly, the latter is char-
acterised by a decrease of the number of plastic hinges if compared to configurations 
with smaller t1. The interaction of normal (bending, tensile) and shear stresses at the 
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transition between steel plate and timber member (= plastic region) in combination 
with the self-tapping screw as a high-strength but low-ductile steel product is regarded 
as the reason for this phenomenon. The extension of the EYM, taking the MNV-inter-
action in case of hardwood joints or high-strength fasteners into account (as indicated 
in Blaß et al. 2017), is seen as a mandatory task for code development. 

With regard to the stiffness Kser,v of laterally loaded screws, the magnitude of the test 
results has to be internally checked once more. Nevertheless, they clearly point out 
that the currently provided theoretical models do not consider parameters with a sig-
nificant impact on the size of Kser,v, i. e. t1, and both angles α and ε. 

For self-tapping screws subjected to combined axial and lateral loading, two main out-
comes are worth being highlighted: first, a clear, positive relationship between the in-
sertion length t1 (λ) and the power values {a, b} according to Equation (1) is given. Alt-
hough there is a smooth transition between failure mode and the size of {a, b}, under 
the premise ‘ease-of-use’ a reasonable (simplified) approach for a related modification 
of Equation (1) could be a = b = {1.0, 1.5, 2.0} for failure modes {c, d, e} according to 
Eurocode 5. And second, with the present test configuration, several timber splitting 
failures were observed for combined loaded self-tapping screws, inserted in timber’s 
end grain. Thus, an investigation of end-grain joints with axially loaded self-tapping 
screws regarding an unplanned transmission of additional lateral loads is strongly rec-
ommended. 
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DISCUSSION 

The papers was presented by A Ringhofer 

H Blass commented that Bejtka in 2006 performed embedment tests with axial loads.  
A Ringhofer said the work was referenced in the paper but they could not explain the 
difference in findings.  It could be due to the smaller size of specimens compared to 
those used in the current study. 

H Blass commented that the “pure” shear load would have axial load due to rope 
effect.  As such higher axial loads in the screw exist, he asked how would one consider 
this in design.  A Ringhofer agreed and stated that this has to be considered via M+V 
interaction.   

R Jockwer asked if one would apply both the axial load and the rope effect in design.  
A Ringhofer responded that the information as shown in the graphs in the paper is 
based on test results so both effects exist.  Modifying the Eurocode design model 
based on M+V interaction would solve the problem. 

P Dietsch commented that the printed version of the paper will be in B+W so coloured 
figures will not be available.  He noted that Kser values were low compared to 
Eurocode 5.  He asked if this is caused during the drilling, e.g. cutting of fibers, and 
that such large differences should be considered.  A Ringhofer stated that drilling 
effect should have increased the stiffness via densification of the wood by the screws.  
For example, with predrilling withdrawal stiffness would decrease compared to non‐
predrilled cases. 

S Shen asked whether these factors could be applied to non‐smooth shank nails.  A 
Ringhofer stated that in principle this analogy should be applicable. 

A Frangi asked about group effect and if the information would be applicable for 
groups of connectors.  A Ringhofer stated that a limited number of tests with one 
screw length was done showing similar trend. 
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Rigid Glulam Joints with Glued-in Rods

subjected to Axial and Lateral Force Action

Simon Aicher and Kai Simon

Materials Testing Institute, Department of Timber Constructions, University of Stuttgart

Keywords: glued-in rods, glulam, rigid connections, axial and lateral force action, axial
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cantilever tests

1 Introduction

Glued-in steel rods in glulam (GLT) oriented parallel or slightly inclined to grain direction

allow for the transfer of high axial loads hereby enabling rigid joints to either timber

members or massive concrete or steel abutments/members. The latter connections,

termed integral joints and regarded here in first instance allow for economic timber

solutions for clamped columns and members e.g. of bridge superstructures. In each

mentioned application, with regard to a high moment transfer, the rods are placed at the

minimum permissible distances to the bending tension and compression edges of the

GLT beam/column. In all cases of reversed loading the rod edge distances must be equal.

Especially for plate-type bridge deck beams made from block-glued GLT with a larger

edge aspect ratio where the tension and compression loaded rods are placed oppositely

at the narrow cross-section side a closest possible edge distance is indispensable in

order to establish a sufficiently high internal lever arm. Regarding the transfer of shear

forces in the joint by lateral rod forces, however short rod distances to the loaded

edge are detrimental as the evolving stresses perpendicular to grain direction lead to

premature splitting and consequently low lateral resistance. The shear force capacity

can be significantly increased by reinforcements, e.g. by self-tapping screws arranged

orthogonal to the rod and member axis, not regarded in this paper (see below).

Irrespective of the high structural potential of moment rigid glulam or CLT joints espe-

cially for clamped columns, floors and bridge superstructure (plate-type) beams this

construction technology is not widely used so far. This is due to several reasons, mainly:

More demanding labour experience for bonding operations, as e.g. compared to manu-

facture of today’s prevailing mechanical joints, more strict regulatory restrictions and

rather little research and field experience in such joints. In order to establish a broader
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knowledge base beyond exclusive uni-axial or lateral force tests, hereby comprising

known, standardized and new calculation approaches an extensive research program is

currently conducted at MPA, Department of Timber Constructions, within the frame of

the excellence cluster INTCDC (Integrative Computational Design and Construction for

Architecture) at Stuttgart University. The research program covers monotonic, reversed

and cyclic loading of unreinforced and differently reinforced joints based on glued-in

rods. This paper reports in a first contribution on unreversed ramp-load behaviour and

design of unreinforced glued-in rod joints.

2 Review of literature known experimental results
The presented literature review is by far not exhaustive and may unintentionally omit

important contributions on the short and long-term mechanical behaviour of joints with

steel rods glued-in parallel to grain and subjected to either pure axial or almost pure

lateral rod forces. Pioneering work on glued-in rods has been performed by Edlund

(1975), Riberholt (1977; 1988),Möhler and Hemmer (1981), Johansson et al. (1996). In

the follow-up contributions were reported by Aicher et al. (1999), Gustafsson et al. (2001)

and Blaß and Laskewitz (2001). The duration of load effect was reported by Aicher and

Dill-Langer (2001). On the theoretical side the works by Gustafsson and Serrano have

provided most fundamental input for axially loaded rods. Noteworthy later research was

published i.a. by Steiger et al. (2006), Dietsch (2012), Jockwer (2014) and Dietsch and

Brandner (2015). Riberholt (1977)Riberholt (1988)

Regarding the bond line shear resistance of axially loaded rods glued-in parallel to grain a

comprehensive compilation of published data has been given by Aicher and Stapf (2017)

and is shown in Figure 1(a) for experimental tests with spruce. The pronounced bond

line shear strength decrease with increasing bond line length is evident and reflected

in national standards (e.g. DIN EN 1995-1-1 / NA (2013)), Technical approvals (e.g.

Z-9.1-705 (2017)) and the final draft Connections of the new EC5-1-1 (2021).

Concerning the lateral capacity of rods glued-in parallel to grain much less research work

is found in literature. Most important are the contributions by Riberholt (1986),Möhler

andHemmer (1981) and Blaß and Laskewitz (2001). The results of these investigations are

compiled in Figure 1(b) altogether with some existent or proposed design approaches.

The most important feature of the lateral capacity characteristics of a rod glued-in

parallel to grain is its pronounced increase with rising distance from the loaded beam

edge, a2,t (normalized: α = a2,t/h, with h = beam height). This sensible mechanical

behaviour is very well described by a design approach by Blaß and Laskewitz (2001)

based on the solution from Ehlbeck and Görlacher (1983) for a mechanical joint loaded

perpendicular to the grain. It is further evident from Fig. 1(b) that the present German

design approach (DIN EN 1995-1-1 / NA, 2013) and alike the present proposal for the

new EC5-1-1 Connections (2021) do not take into consideration the aspect of variable

edge distances at all and aim at the lowest capacity, being related to edge-close rods.
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Figure 1

3 Review of design approaches

In the following the design approaches for steel rods glued-in parallel to grain and loaded

axially and / or laterally according to DIN EN 1995-1-1 / NA (2013), the draft Connections

of EC5-1-1 (2021) and the lateral capacity design according to DIN 1052 (2004) and Blaß

and Laskewitz (2001) are specified and compared.

3.1 Design approach acc. to DIN EN 1995-1-1 / NA (2013)

3.1.1 Axial load capacity

The axial load-carrying capacity is given by

Fax,Rk = min

{
fy,k · Aef ; π · d · lb · fk1,k

}
(1)

where fy,k is the characteristic yield strength of the rod, Aef is the nominal stress area of

the steel rod, lb = lad is the glued-in length of the rod, d is the nominal diameter of the

rod and fk1,k is the characteristic bond line shear strength given in table NA.12 of DIN

EN 1995-1-1 / NA (2013) which is graphically shown in Figure 1(a), too. The graph also

shows the bond line shear strength related to service class 1 for the specific adhesive

(Z-9.1-705, 2017) used in the experiments reported here, where a higher bond-line

strength is permissible.

3.1.2 Lateral load capacity

For lateral loading the design rules refer to sections 8.2 and 8.5 of EN 1995-1-1 (2010)

were the design for laterally loaded steel bolts is described. For rigid connections between

timber and steel or concrete, e.g. a clamped column, the design rules for steel-to-timber
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connections with dowel-type fasteners apply. These specifications differ whether it is a

connection to a thin or a thick steel plate (thin: thickness of steel plate ≤ 0.5∙d; thick:

thickness ≥ d and hole tolerance < 0.1∙d; at 0.5 · d to d a linear interpolation applies).

The equations for the load-carrying capacities according to section 8.2.3 of EN 1995-1-1

(2010) are

Flat,Rk,thin = min

(a): 0, 4 · fh,k · t1 · d
(b): 1, 15 ·

√
2 · My,Rk · fh,k · d

(2)

Flat,Rk,thick = min



(a): fh,k · t1 · d

(b): fh,k · t1 · d ·
[√

2 +
4My,Rk

fh,k·d·t21
– 1

]
(c): 2, 3

√
My,Rk · fh,k · d

(3)

where Flat,Rk is the characteristic load-carrying capacity per shear plane and fastener,

t1 is the smaller value of either the thickness of the timber or the penetration depth

(in mm), d is fastener diameter (in mm), My,Rk is the characteristic fastener yield mo-

ment (in Nmm) and fh,k is the characteristic embedment strength of the timber (in

N/mm2). The embedment strength fh,k for rods bonded in parallel to the grain and

loaded perpendicular to grain is

fh,0,90,k = 0, 125 · 0, 082 · (1 – 0, 01 · d) · ρk (4)

where ρk is the characteristic timber density (in kg/m3). The yield moment of the steel

rod is

My,Rk = 0.3 · fu,k · d2,6 (5)

where fu,k is the characteristic tensile strength (in N/mm2).

3.1.3 Interaction of lateral and acial capacities

For combined lateral and axial loads, acting on glued-in rods a quadratic interaction is

specified:

Flat,Ed
Flat,Rd

n +
Fax,Ed
Fax,Rd

n ≤ 1, 0 with n = 2. (6)

3.1.4 Constructive detailing

Table 1 gives the relevant constructive detailing specifications regarding minimum spac-

ing and edge distances as well as minimum glued-in rod length.
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Table 1. Minimum spacings, edge distances and glued-in length of glued-in rods parallel to grain.

a2 a2,c a2,t

axial loading 5d 2,5d -

lateral loading 5d 2,5d 4d

lb,min = max
{
0.5 · d2; 10 · d

}

3.2 Design acc. to Final draft Connections for EC5-1-1

3.2.1 Axial load capacity

The design rules for the axial resistance are similar to those given in DIN EN 1995-1-1 /

NA (2013) but are appended by further equations. The characteristic resistance is given

by the minimum of the bond-line resistance Fax,b,Rk and the resistance of the glued-in

rod Fax,rod,Rk as

Fax,b,Rk = min

{
π · d · lb,ef · fk1,k; Es · As · εu,timber

}
(7)

Fax,rod,Rk = min

{
fy,k · Aef ; 0.9 · fu,k · Aef

}
(8)

where d is the nominal diameter of the bonded-in rod (in mm), lb,ef is the effective rod

anchorage length given as lb,ef = min
{
lb; 40 · d; 1000mm

}
(in mm), where lb is the

geometric anchorage length (in mm), fk1,k is the characteristic bond-line strength (in

N/mm2) (same in DIN EN 1995-1-1 / NA (2013) shown in Fig. 1(a)), Es is the modulus

of elasticity of the steel grade of the rod (in N/mm2), As is the nominal stress area for

the ribbed rods acc. to EN ISO 898-1 (2013) (in mm2), εu,timber is the failure strain of

the timber parallel to grain, given as 2,4h for softwood, fy,k is the characteristic yield

strength of the rod (in N/mm2) and fu,k is the characteristic ultimate tensile strength of

the rod (in N/mm2).

3.2.2 Lateral load capacity

The characteristic value of the lateral load-carrying capacity Flat,k is specified by

Flat,Rk = min


(a): d · fh,k

(√
(lb + 2 · e)2 + l2b – lb – 2e

)
(b): d · fh,k ·

(√
e2 +

2My,k

fh,k·d – e

) (9)
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whereby Eq. 9(a) represents the pure embedment resistance. The equation can be

reduced to 9(c): Flat,Rk = 0.41 · d · fh,k · lb and then coincides for the case of e = 0 with

the pure embedment solution of Eq. 2(a), with t1 = lb.

Eq. 9(b) can be reduced to 9(d): Flat,Rk = 1.41 ·
√
My,k · fh,k · d which is comparable to

Eqs. 2(b) and 3(c). Equation 9(b) has been first derived by Riberholt (1988).

3.2.3 Interaction of lateral and axial capacities

A rather conservative linear interaction of lateral and axial capacities is proposed, i.e. Eq.

6 now with n = 1.

3.2.4 Constructive detailing

The spacings and edge distances for glued-in rods parallel to the grain are similar as

given in DIN EN 1995-1-1 / NA (2013), see Table 1.

3.3 Lateral force design acc. to Blaß and Laskewitz (2001)

Based on the sensible perception that the lateral load-carrying capacity of a steel rod

glued-in parallel to grain in the end grain face represents a tensile perpendicular to grain

strength issue, Blaß and Laskewitz (2001) have modified an equation given firstly in

the former DIN 1052 (2004) and presently in DIN EN 1995-1-1 / NA (2013) for lateral

connections where he/h ≤ 0.7 (see below). Said original resistance equation is based on

work ofMöhler and Lautenschläger (1978),Möhler and Siebert (1980) and Ehlbeck and

Görlacher (1983). In order to adjust the equation to the end grain bonded rod situation,

very plausible a multiplier of 0.5 was introduced as the tensile perpendicular to grain

resistance is exclusively one-sided at the location of the embedded rod. Further, the

distance ar specifying in the original equation the maximum distance of the mechanical

fasteners in one row parallel to grainwasmodified to account for an effective embedment

length of the rod (see below). The modified lateral resistance equation reads

F90,k = ks · kr ·
6.5 +

18 · h2e
h2

 ·
(
tef · h

)0.8 · ft,90,k · 0.5 (10)

where ks = max
{
1; 0.7 + 1.4 ar/h

}
, ar is the distance from the end grain face to the

plastic hinge of the rod (in mm), kr = n/

(∑n
i=1(

h1
hi
)2
)
, n is the number of rods, hi is

distance of rod i from the lower edge (in mm), he is the distance between the fastener

group and the loaded edge (here a2,t, (in mm)), h is the height of the beam (in mm),

tef = min b; 6 · d is the effective width where b = width of the timber beam (in mm)

and ft,90,k is the characteristic value of the tensile strength perpendicular to the grain (in

N/mm2). (Note: for the experimental configurations described below, the parameters

of Eq. 10 result in: ar = 137mm, ks = 1.38 and kr = 1.)
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3.4 Comparison of the design approaches

The specified design approaches are compared for the specifically investigated connec-

tion configurations consisting of a glulam (GL 30h) with width of 80mm and a depth

of 280mm, one glued-in metrically threaded steel rod with diameter d = 16mm (fy,k
= 640N/mm²) and bond length lb,ef= 320mm and a placement of the rod with edge

distances of either a2,t = 64mm or 216mm, i.e. α1 = 0.23 and α2 = 0.77. The specified

edge distances apply either to single rods or to pairs of rods necessary to create the

moment resistance (see Fig. 2). The eccentricity is e = 5mm. The characteristic em-

bedment strength of the GLT (ρk = 430 kg/m³) acc. to Eq. 4 is fh,0,90,k = 3.7 N/mm², the

characteristic yield moment of the steel rod according to Eq. 5 isMy,k = 324.3 Nm and

the characteristic bond line shear strength is fk1,k = 3.65N/mm² acc. to DIN EN 1995-1-1

/ NA (2013), compare Figure 1(a).

The axial rod capacity results equally for all specified design approaches in Fax,k = 58.7 kN.

The lateral rod capacity is independent of α in case of both, DIN EN 1995-1-1 / NA

(2013) and the draft Connections of EC5-1-1 (2021). The respective capacities amount

to Flat,k,EC5/NA = 9.2 kN in case of a thick steel plate (Eq. 3(a)), applying here (note:

Flat,k,EC5/NA = 7.1 kN for a thin steel plate, Eq. 2(b)) and Flat,k,draftEC5 = 5.7 kN (Eq.

9(b)), respectively. In case of the Blaß and Laskewitz (2001) approach, the respective

characteristic lateral capacities are Flat,k(α1=0.23)
= 7.8 kN and Flat,k(α2=0.77)

= 18.0 kN

(Eq. 10). Significant differences between the respective design approaches can be noted

for the lateral force capacities. The new Eurocode draft delivers an almost 40 % lower

capacity as compared to the present DIN EN 1995-1-1 / NA (2013) application document

whereas the Blaß and Laskewitz (2001) solutions are, depending on edge distances αi,

minimally 37 % and maximally 315 % higher as compared to the value specified by the

draft Connections of EC5-1-1 (2021).

4 Experimental investigations

The experimental investigations aimed especially to verify the interaction behaviour

of axial and lateral resistances of glued-in rods connections. For this, three principally

different test set-ups were chosen being i) pure axially loaded rods, ii) shear force tests

with very small / negligible moment interaction and iii) cantilever tests with a moment

and shear force rigid clamped end. All tests were performed with steel rods with metric

thread with a nominal diameter of d = 16mm and strength class 8.8 acc. to EN ISO 898-1

(2013); hence the characteristic yield strength is fy,k = 640N/mm² and the nominal stress

area is As = 157mm².

The geometric glued-in length lb was throughout 320mm (20 · d). The timber was

homogenous spruce glulam of the strength class GL 30h acc. to EN 14080 (2013) with

a depth of h = 280mm and two different widths of 80mm and 160mm. The adhesive

used for the bonding of the steel rods was a special two-component epoxy resin (EP
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Figure 2. Investigated test configurations: axial tests, shear force tests, cantilever tests and cross-
sections.

32 S with hardener B 22 TS, company WEVO Chemie), conforming to German National

Technical Approval (Z-9.1-705, 2017). The bonding parameters were chosen acc. to the

National Technical Approval and the drill hole diameter was ddrill = 20mm.

4.1 Test configurations and procedure

The tests with the axially loaded rods were performed with glulam pieces of a length

of 850mm with two oppositely glued-in rods. The number of tests was rather low (n

= 5) as these tests merely served to verify the characteristic design values given in the

mentioned standard specifications. It should be mentioned that the rods were not fixed

by hinges to the test machine but gripped rigidly. This cramping leads to minor end

moments and hence to somewhat reduced capacities as compared to a both-sided

hinged fixation to the test machine due to inevitable deviations of the rods from the

specimen axis of the manufacturing (bonding) process.

The test configurations for the determination of the shear force capacity were performed

with beam specimens simply supported at one end and with glued-in steel rods placed

oppositely at two different α-values (α1 = 0.23 and α2 = 0.77) with either one or two

rods along beam height and along beam width (see Fig. 2).

The tests with the moment and shear force rigid joints were performed with cantilever

type specimens and loaded by a single vertical force. Two significantly different global
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Table 2. Compilation of test program for ramp-load tests.

type and
designation

of test

GLT
length

GLT width
(No. of rods
in width)

position of rod along
beam height
(α = a2,t/h)

n specimen designation

[cm] [mm] α1 = 0,23 || α2 = 0,77

shear force
tests

S1 120 80 (1)
near (α1) 3 Snear_80_1_01- 03
far (α2) 3 Sfar_80_1_01 – 03

near + far (α1 + α2) 3 Sn+f_80_1_01 – 03

S2 120 160 (1)
near (α1) 2 Snear_160_1_01- 02
far (α2) 2 Sfar_160_1_01 – 02

near + far (α1 + α2) 2 Sn+f_160_1_01 – 02

S3 120 160 (2)
near (α1) 2 Snear_160_2_01- 02
far (α2) 2 Sfar_160_2_01 – 02

near + far (α1 + α2) 2 Sn+f_160_2_01 – 02

cantilever
tests

C1 60
80 (1) near + far (α1 + α2)

4 Cshort_80_1_01 – 04
C2 120 5 Clong_80_1_01 – 05

C3 60
160 (1) near + far (α1 + α2)

- -
C4 120 2 Clong_160_1_01 – 02

C5 60
160 (2) near + far (α1 + α2)

3 Cshort_160_2_01 – 03
C6 120 3 Clong_160_2_01 – 03

moment / shear force ratios of M/V = 0,55 and M/V = 1,15 were realized by lever arm

lengths of 550mm and 1150mm. Figure 2 illustrates the test set-up and Table 2 gives a

compilation of the test program.

Special attention was paid to the measurement of the axial and lateral forces of the rods,

whereby the axial and shear forces of the rod of the bending compression side were

measured by a special bi-axial load cell. In case of two parallelly arranged compression

rods the resultant forces of both rods weremeasured. At the bending tension edge of the

specimen due to spacing restrictions exclusively the axial rod forces could be measured

by ring-type load cells. As a consequence, the lateral shear force of the tension rod(s)

was determined from the difference of the applied vertical force, i.e. from the global

shear force minus the experimentally measured shear force of the compression rods.

For the mounting of the load cells a special steel frame was constructed. Displacements

were measured by LVDT´s at several locations: i) at the force application point (cantilever

end deflection). Secondly ii) and most important the axial deformations at the clamped

end were measured to compute the rotational stiffness. Thirdly iii) the deformations

along depth were measured at the clamped end in order to detect the cracking parallel

to grain in the area of the tension rods.

The loading of the specimens was throughout performed monotonic. The cantilever

tests were performed displacement controlled whereas the beam shear force tests, done

at a different test machine, were performed quasi force controlled. Further experimental

details are given in Aicher and Simon (2021).
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Figure 3. Test results of shear force experiments with rods at two significantly different edge distances
αi = a2,t/h.

4.2 Test results

4.2.1 Axial loading

The mean value of the ultimate axial force amounted to Fax,u,mean = 83.1 ± 5.1 kN (COV

= 6.1%) resulting in a mean bond line shear strength of fk1,mean = 5.16 ± 0.32 N/mm².

The minimum values were 76.4 kN and 4.75N/mm², respectively. Assuming a larger COV

of e.g. 15%, the characteristic value of the population would be Fax,u,k = 62.6 kN. This

conservately derived characteristic value is well in the range proposed by the above

design equations (Chap. 3.4: Fax,k = 58.7 kN).

4.2.2 Lateral force loading

The results of the lateral force loading are depicted in Figure 3 altogether with the results

from above discussed design equations for the characteristic values. Following only the

results for the narrow beams with width b = 80 mm (test series S1) and beams with

width b = 160 mm and two rods per width (test series S3) are regarded. The mentioned

test series forwarded very plausibly significantly lower values as compared to test series

S2 with one rod in a width of b = 160 mm.

Themean andminimum failure loads for the shear force tests withα1 = 0.23, also termed

“near” configuration, were Vu,near,mean = 7.6 kN and Vu,near,min = 6.6 kN, respectively.

Themean andminimum failure loads for the shear force tests withα2 = 0.77, also termed

“far” configuration, were Vu,far,mean = 24.6 kN and Vu,far,min = 19.3 kN, respectively.

The minimum shear force value for α1 = 0.23 conforms rather well (+ 16 %) with the

characteristic value acc. to the Final draft Connections for the new EC5-1-1 (2021).

Contrary hereto the minimum value for α2 = 0.77 exceeds the characteristic value of

the design proposal by a factor of 3.3. Overall the test results are highly in line with the

results from the proposal by Blaß and Laskewitz (2001).
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Figure 4. Force interaction results of cantilever tests with different M/V = ξ ratios; also given are the
results for pure axial and lateral rod loading

4.2.3 Moment and shear force loadings of cantilevers

Tables 3 and 4 contain the primary test results being the cantilever shear forces and

maximum moments at first cracking and at ultimate load. In case of the beams with

width b = 160 mm and two rods arranged parallelly along width (test series C5 and C6)

the test results are also given for half width of the beam in order to enable an immediate

comparison with the test results for the beams with b = 80 mm (test series C1 and C2).

In all cases a rather low / moderate scatter of the test results has to be stated.

Table 5 specifies the measured axial and lateral forces of the cantilever type specimens

with beam width of b = 80 mm. With regard to page limitation the results for the

specimens with b = 160 mm are given in a research report (Aicher and Simon (2021)).

In three of the four test series with an effective beam width of 80 mm per rod (series

C1, C2, C5 and C6) a significant difference between the shear force at first crack and

ultimate load had to be stated, whereby Vu/Vc ≈ 1.3.

With regard to the measured lateral and axial forces the following aspects are note-

worthy:

• Themeasured axial rod forces at the tension and compression side coincide through-

out very well. This is true for the elastic state up to the first crack and also up to

ultimate load.

• The distribution of the lateral forces between the bending tension rod close to the

loaded edge (α1 = 0.23) and the remote rod with α2 = 0,77 is extremely uneven.

This is true for the elastic state end even more for the ultimate load range after first

crack formation at the bending tension rod. In the elastic state the lateral force at
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the rod close to the loaded edge is very roughly half of the force value at the remote

rod and partly much less. At the initial and fully cracked state the lateral force is

plausibly entirely carried by the remote rod and the shear force of the rod close

to the bending tension edge is pointing at the opposite direction. There is some

indication from first tests with reversed loading of the connections with a different

activation of the biaxial load cell in a modified test set-up that the quantitative

differences of the lateral force distribution is somewhat less expressed as lined out,

but qualitatively the above stated results are supported by these tests as well.

Figure 4 depicts the experimentally obtained interaction of the combined M/V cantilever

tests results altogether with the uni-axial and pure lateral force tests results. Further

the linear interaction line according to the draft Connections of EC5-1-1 (2021) is given.

It is evident that the draft proposed linear interaction is by far too conservative and

that a quadratic combination of axial and lateral rod resistances as specified presently in

DIN EN 1995-1-1 / NA (2013) is more justified, see Fig. 4. For cantilevers, e.g. clamped

columns, where throughout a minimum of two rods at the opposite edges is necessary

tp create a moment resistance the dotted linear interaction relationship in Fig. 4 could

considered for a design proposal. Note, the pure shear force (test) results depicted as

yellow circles in Fig. 4 represent a rather rare realistic construction situation, meaning

that the results of the double rod shear configurations depicted as grey rhombuses seem

more approperate.

Table 3. Beam section forces at 1st crack and at failure of cantilever specimens with beam width b = 80
mm.

No.

at 1
st

 crack at failure at 1
st

 crack at failure

[test designation] Vc Vu Mc Mu

[kN] [kN] [kNm] [kNm]

_01 16,11 16,52 8,9 9,1
_02 12,79 19,66 7,0 10,8
_03 12,35 19,42 6,8 10,7
_04 13,93 16,67 7,7 9,2

mean 13,8 18,1 7,6 9,9

± std ± 1,5 ± 1,5 ± 0,8 ± 0,8

_01 11,9 14,4 13,7 16,6
_02 6,2 11,2 7,1 12,9
_03 9,9 11,2 11,4 12,9
_04 11,2 17,4 12,9 20,0
_05 7,7 10,4 8,9 12,0

mean 9,4 12,9 10,8 14,9

± std ± 2,1 ± 2,6 ± 2,5 ± 3,0

cant_s_80_1

(0,55)

[C1]

cant_l_80_1

(1,15)

[C2]

beam shear force beam momentspecimen configuration 

(M / Flat ratio)
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Table 4. Beam section forces at 1st crack and at failure of cantilever specimens with beam width b =
160 mm.

No.

at 1
st

 crack at failure at 1
st

 crack at failure

[test designation] Vc Vu Mc Mu

[kN] [kN] [kNm] [kNm]
_01 29,2 37,5 16,1 20,6
_02 24,8 30,7 13,6 16,9
_03 17,3 24,3 9,5 13,4

mean 23,8 30,8 13,1 17,0
± std ± 4,9 ± 5,4 ± 2,7 ± 3,0

_01 14,6 18,8 8,0 10,3
_02 12,4 15,4 6,8 8,4
_03 8,7 12,2 4,8 6,7

mean 11,9 15,4 6,5 8,5

± std ± 2,5 ± 2,7 ± 1,4 ± 1,5
_01 27,6 28,2 31,7 32,4
_02 18 18,6 20,7 21,4
_03 24,2 24,8 27,8 28,5

mean 23,3 23,9 26,8 27,4
± std ± 4,0 ± 4,0 ± 4,6 ± 4,6

_01 13,8 14,1 15,9 16,2
_02 9,0 9,3 10,4 10,7
_03 12,1 12,4 13,9 14,3

mean 11,6 11,9 13,4 13,7

± std ± 2,0 ± 2,0 ± 2,3 ± 2,3

_01 10,2 11,7
_02 11 12,7

mean 10,6 12,2

± std ± 0,4 ± 0,5

cant_l_160_1

(1,15)

[C4]

cant_s_160_2

(0,55)

[C5]

cant_l_160_2

(1,15)

[C6]

beam shear force

V = F

beam moment

M = F x lcant

specimen configuration 

(M / Flat ratio)

results for the half width b/2 = 80 mm:

results for the half width b/2 = 80 mm:

Table 5. Measured axial and lateral rod forces of cantilever type specimens (beam width b = 80 mm)
with two different M/Flat ratios of 0,55 and 1,15.

No.

[test designation]

V1,c V2,c Fax,1,c Fax,2,c V1,u V2,u Fax,1,u Fax,2,u

[kN] [kN] [kN] [kN] [kN] [kN] [kN] [kN]

_01 4,5 11,6 45,5 -46,9 -1,5 18 45,5 -42,9
_02 4,5 8,3 41,8 -39,3 -4,9 24,6 52,4 -48,7
_03 3,9 8,5 38,4 -38,6 4,8 14,7 58,1 -59
_04 0,3 13,6 26,7 -39,4 -4 20,6 29,5 -44,8

mean 4,3 9,5 41,9 -41,6 -0,5 19,1 52,0 -50,2

± std ± 0,3 ± 1,5 ± 2,9 ± 3,8 ± 4,0 ± 4,1 ± 5,2 ± 6,7
_01 -5,5 17,3 53,3 -67,3 -9,8 24,1 67,6 -81,7
_02 -1,3 7,7 38,6 -28,9 -8,3 19,6 64,6 -67,1
_03 4,6 8,3 70,2 -72,8 0 11,4 80,6 -80,4
_04 -4 15,2 55,6 -66,7 -9 26,4 93,8 -103,2
_05 3,2 4,4 50,2 -56,9 2,2 8,6 72,3 -80,1

mean -0,6 10,6 53,6 -58,5 -5,0 18,0 75,8 -82,5

± std ± 3,9 ± 4,9 ± 10,2 ± 15,7 ± 5,0 ± 7,0 ± 10,5 ± 11,6

axial forces

ultimate load
measured1) rod forces [kN]

1st crack
shear forces axial forces shear forces

specimen 

configuration 

cant_s_80_1

(0,55)

[C1]

cant_l_80_1

(1,15)

[C2]

1) V1,c/u = Vc/u – V2,c/u
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5 Conclusions

The performed investigations with unreinforced connections with steel rods glued-in

parallel to grain revealed especially two aspects:

• The lateral force distribution on rods in one rowwith different distances to the loaded

edge is not uniform and depends pronouncedly on the distance to the loaded edge.

The difference in the load sharing exists in the fully elastic state and increases in

plausible manner significantly close / after initial crack formation occurring at the

rod closer to the loaded edge. In the performed experiments the shear force at the

remote rod was throughout well two times higher as compared to the rod closer to

the loaded edge. This extreme difference could be somewhat biased, especially in

the elastic state, by the specifically realized rod force measurement configuration

with the bi-axial load cell. Nevertheless, first results with reversed loading and a

modified clamping device supported the significant difference in the lateral force

distribution at comparable magnitude. The uneven lateral force distribution, being

in line with former results by Blaß and Laskewitz (2001) is not reflected in the

present design proposal in the draft Connections of EC5-1-1 (2021). According to

the performed investigations the proposal recommends overly conservative values

for lateral rod resistances being exclusively correct for very close edge distances.

• The cantilever tests with different moment / shear force ratios at the moment rigid

joints revealed in conjunction with the pure axial and shear force tests, that the

linear interaction of axial and lateral rod force resistances specified in the present

design proposal in the draftConnectionsof EC5-1-1 (2021) is by far too conservative. A

quadratic interaction as proposed presently in the German National Application doc-

ument to EC5 (DIN EN 1995-1-1 / NA, 2013) seems more appropriate and preferable

for competitive timber construction solutions.

6 Acknowledgements

The partial support of the ongoing research by the Deutsche Forschungsgemeinschaft

(DFG, German Research Foundation) under Germany´s Excellence Strategy – EXC 2120/1

– 390831618, Excellence Cluster IntCDC, thematically related to Research Project RP3, is

gratefully acknowledged.

INTER / 54 - 7 - 3

126



7 References

Aicher, S., M. Wolf, and P. Gustafsson (1999). “Load displacement and bond strength of

glued-in rods in timber influenced by adhesive, wood density, rod slenderness and

diameter.” In: First RILEM Symposium on Timber Engineering.

Aicher, S. and G. Dill-Langer (Sept. 2001). “Influence of moisture, temperature and load

duration on performance of glued-in rods.” In: RILEM Proc. 22, RILEM Publications

SARL, France.

Aicher, S. and G. Stapf (Dec. 2017). “Glued-in Rods – state-of-the-art- Influencing param-

eters, test results, approvals, adhesive standardization, design and execution rules.”

In: IHF2017 Garmisch-Partenkirchen, pp. 193–208.

Blaß, H.-J. and B. Laskewitz (2001).Glued-in Rods for Timber Structures – Effect of distance

between rods and between rods and timber edge on the axial strength. Tech. rep.

Versuchsanstalt für Stahl, Holz und Steine, Abteilung Ingenieurholzbau, Universität

Fridericiana, Karlsruhe, Germany.

Dietsch, P. (2012). “Design and application of shear reinforcements for glued-laminated

timber beams; in German.” Dissertation. München: Technische Universität München.

Dietsch, P. and R. Brandner (Oct. 2015). “Self-tapping screws and threaded rods as rein-

forcement for structural timber elements – A state-of-the-art report.” In: Construction

and Building Materials 97, pp. 78–89.

DIN 1052 (2004). Design of timber structures - General rules and rules for buildings.

Berlin, Germany: German Institute for Standardization.

DIN EN 1995-1-1 / NA (2013). Nationally determined parameters – Eurocode 5: Design of

timber structures – Part 1-1: General – Common rules and rules for buildings. Brussels,

Belgium: European Committee for Standardization.

EC5-1-1 (2021). Eurocode 5: Design of timber structures – Part 1-1: Chapt. Connec-

tions (FINAL DRAFT version 30-04-2021). Brussels, Belgium: CEN/TC 250/SC 5/WG 5

”Connections and fasteners”.

Edlund, G. (1975). I limträ inlimmad skruv (Glued-in rods in glulam). Tech. rep. SFTFI

Svenska Träforskninginst, Stockholm.

Ehlbeck, J. and R. Görlacher (1983). Tragverhalten vonQueranschlüssenmittels Stahlformteilen,

insbesondere Balkenschuhen, im Holzbau. Forschungsbericht No. 1041. Stuttgart: IRB-

Verl.

EN 14080 (2013). Timber Structures – Glued laminated timber and glued solid timber –

Requirements. Brussels, Belgium: European Committee for Standardization.

EN 1995-1-1 (2010). Design of timber structures – Part 1-1: General – Common rules and

rules for buildings. Brussels, Belgium: European Committee for Standardization.

EN ISO 898-1 (2013).Mechanical properties of fasteners made of carbon steel and alloy

steel –Part 1: Bolts, screws and studs with specified property classes – Coarse thread

and fine pitch threads. Brussels, Belgium: European Committee for Standardization.

INTER / 54 - 7 - 3

127



Gustafsson, P., E. Serrano, S. Aicher, and C. Johansson (Sept. 2001). “A strength design

equation for glued-in rods.” In: RILEM Proc. 22, RILEM Publications SARL, France,

pp. 323–332.

Jockwer, R. (2014). “Structural behaviour of glued laminated timber beams with unrein-

forced and reinforced notches.” PhD thesis. ETH Zurich.

Johansson, C.-J., E. Serrano, P. Gustaffson, and B. Enquist (1996). “Axial strength of

glued-in bolts. Calculation model based on nonlinear frature mechanics- A preliminary

study.” In: International Council for Building Research, Studies and Documentation,

Working Commission W18A Timber Structures, Meeting 28., Kopenhagen.

Möhler, K. and K. Hemmer (1981).Versuchemit eingeleimtenGewindestangen: Forschungsar-

beit. Karlsruhe: Universität, Lehrstuhl für Ingenieurholzbau und Baukonstruktionen.

Möhler, K. and R. Lautenschläger (1978).GroßflächigeQueranschlüsse bei Brettschichtholz.

Forschungsbericht. Stuttgart: Informationszentrum Raum und Bau.

Möhler, K. and W. Siebert (1980). Ausbildung von Queranschlüssen bei angehängten Las-

ten anBrettschichtträger oder Vollholzbalken. Karlsruhe: Lehrstuhl für Ingenieurholzbau

und Baukonstruktion, Universität Karlsruhe (TH).

Riberholt, H. (1977). Bolte indlimet i limtrae. ABK. ab. [Lyngby]: ABK.

– (1986). Glued bolts in glulam. Serie R, No 210. [Lyngby]: Department of Structural

Engineering, Technical University of Denmark.

– (1988). “Glued bolts in glulam- Proposals for CIB Code.” In: International Council for

Building Research, Studies and Documentation, Working Commission W18A Timber

Structures, Meeting 21., Parksville.

Steiger, R., E. Gehri, and R. Widmann (2006). “Materials and Structures, Springer.” In:

chap. Pull-out strength of axially loaded steel rods bonded in glulam parallel to the

grain, pp. 69–78.

Z-9.1-705 (24.05. 2017). 2K-EP-AdhesiveWEVO special resin EP 32 S withWEVO hardener

B 22 TS for bonding-in steel rods in timber constructionmaterials. gültig bis 26.11.2021.

WEVO-CHEMIE GmbH, Schönbergstraße 14, 73760 Ostfildern-Kemnat, DIBt, Berlin.

INTER / 54 - 7 - 3

128



DISCUSSION 

The papers was presented by S Aicher 

P Dietsch commented that the shear force capacity for cases with loading close to the 
edge might be more a perpendicular to grain situation.  S Aicher agreed as one moved 
more away from the loaded edge one would get more load transfer via compression 
perpendicular to grain and conversely as one moved closer to the loaded edge one 
would get more load transfer via tension perpendicular to grain. 

R Jockwer stated that the lateral load carrying capacity in the Eurocode draft is 
supposed to refer to the fastener capacity and not related to timber splitting with the 
assumption of loading far away from the loaded edge.  S Aicher was not sure about 
the necessity to verify the tension strength perpendicular to grain capacity of the 
timber.  It is more important to make the process more transparent to designers.  S 
Aicher also agreed that one could overcome the problem via reinforcement.  However 
it is not intended for reinforcement to be used all the time especially if there are many 
joints for consideration.  One should understand how the joint works. 

R Jockwer asked about interaction.  He questioned whether one is sure about using 
the quadratic based interaction in the long term if cracks exists.  S Aicher said it is 
important that we find a good solution if we want to utilize most of the axial capacity 
and find an option to deal with the lateral force.  S Aicher said they do not yet have 
the final answer. 

T Tannert commented the reverse loading situation is important and asked if the 
results would be different under reverse loading.  S Aicher responded that the results 
for reverse loading were not provided in this paper because of limited length of paper.  
He said that the same load in the opposite side could be achieved and the cracks do 
not harm the situation too much.  However reverse cyclic loading with increasing 
amplitude may be a problem under many cycles.  T Tannert asked whether work is 
available for screwing rods into side grain.  S Aicher responded that this was not 
planned as insertion into the end grain is more relevant. 

E Serrano commented about the test set up in terms of distance to the loaded edge 
via a point load.  E Serrano and S Aicher discussed about the influence of test method 
in relation to actual load application.  S Aicher further said looking at the stress plots 
they did not notice too much axial forces.   

P Dietsch commented that adding reinforcement in this setting can provide a robust 
solution. 
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Slip modulus formulas for timber-to-
timber inclined screw connections – 
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Massimo Fragiacomo, Department of Civil, Building-Construction and Environmental 
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1 Introduction 
Joints made with dowel-type fasteners are among the most commonly used types of 
connections in timber engineering. In particular the self-tapping screws, thanks to the 
speed and ease of installation and the possibility of arranging them in various geo-
metric configurations, are well suited for use in composite floors and beams. The high 
values of withdrawal stiffness of the screws and the possibility of arranging them in-
clined with respect to the sliding plane lead to connections with high slip modulus 
and consequently high performance of the composite element in terms of strength 
and stiffness. 

According to the current Eurocode 5 (2004) the slip modulus kser per shear plane per 
fastener under service load for joints made with dowel-type fasteners is related to 
the mean density ρm (2) and the diameter d by (1). 

Kser,EC5 = ρm
1.5d/23 (1) 

ρm= �ρm,1ρm,2  (2) 

The current formulation lacks parameters such as the length of penetration of the 
screw into the timber members and the angle of inclination with respect to the slid-
ing plane which numerous studies have shown to be closely related to the slip modu-
lus of connections with inclined screws, e.g. Tomasi et al.(2010), Girhammar et 
al.(2017) and Blass & Steige (2018). 
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According to the formulation (3) proposed by Tomasi et al.(2010), the sliding modu-
lus of a joint with inclined screw can be determined starting from the lateral stiffness 
defined for the orthogonal screws in Eurocode 5 (2004) K⊥ (1) where the effective 
screw diameter is used def=1.1dcore and the withdrawal stiffness K∥ calculated using 
experimentally derived interpolation laws, e.g. Blass et al.(2006), Ringhofer et 
al.(2015), and Blass & Steige (2018). The authors suggest the expression given in the 
technical approval of the SFS-Intec WT-T screws (4) for the calculation of K∥ where sg 
is the embedment length of the threaded segment of the screw, and d is the outer 
diameter of the screws thread (Allgemeine baufsichliche Zulassung, 2006). 

kser,Tom=K⊥ cos θ (cos θ -μ sin θ)+K∥ sin θ (sin θ +μ cos θ)  (3) 

K∥=30sgd (4) 

An analytical formulation for the calculation of withdrawal stiffness that still requires 
a regression analysis on the experimental results, was proposed by Stamatopoulos et 
al.(2016). An alternative approach to the problem was proposed by Girhammar et 
al.(2017), in this case the formulation (5) for the slip modulus was derived from an 
analytical model that considers the screw as a rigid body on elastic springs. 

kser,Gir=
1
2

Kh,1dhl1
2- s1

x1

1+ x2
x1

cos θ (cos θ -μ sin θ)+ 

+Kax,eff,1πdaxlthr,1
1

1+(1/βax)(lthr,1/lthr,2)
sin θ (sin θ +μ cos θ)  

(5) 

Where the embedment stiffness of the timber per unit area Kh,1 must be determined 
experimentally via embedment test and effective axial withdrawal stiffness per unit 
area Kax,eff,1 can be determined from (4). The authors, to account for the flexibility 
and extensibility of the screw in approximate manner, suggest expressions of correc-
tive coefficients to be applied to Kh,1 and Kax,eff,1 depending on the geometry and me-
chanical properties of the system. 

The final draft revision of the connections chapter of Eurocode 5 (Revision of Euro-
code 5, 2021) suggests the formulation (6) analogous to the one proposed by Tomasi 
et al.(2010) (3). The mean slip modulus per fastener in lateral direction Kser,v  is given 
by (1) and should be reduced by 50% for connection members loaded perpendicular 
to grain. As discussed by Tomasi et al.(2010), from a theorical point of view, the 
withdrawal contribution Kser,ax should be determined by considering the simultane-
ous pull-out of the two threaded portions of the screw from both timber members 
(DSM: Double-Stiffness-Model) and therefore Kser,ax of (6) is the resulting withdrawal 
stiffness of two springs placed in series each of stiffness calculated according to the 
experimentally derived interpolation law (7) found by Blass H.J. & Steige Y. (2018) 
where d is the outer diameter of the screws thread. The same authors, due to a bet-
ter correspondence between their experimental results and model predictions, sug-
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gest to consider only the withdrawal stiffness of the portion of the screw inserted in 
the member on the head side (SSM: Single-Stiffness-Model). In this work DSM is con-
sidered for the EC5 proposal, while SSM is considered for Tomasi et al. model. 

kser,EC5P=Kser,v cos θ (cos θ -μ sin θ)+Kser,ax sin θ (sin θ +μ cos θ)  (6) 

Kser,ax=2d0.6lw
0.6ρm

0.9 (7) 

The aim of the work presented herein is to propose simplified but more accurate 
formulas to predict the sliding modulus starting from the geometric characteristics 
and timber member densities of the connection. These formulas, based on an analyt-
ical model taking into account the timber anisotropy and the axial and flexural stiff-
ness of the screws, are then compared with current literature proposals. A modifica-
tion of the new formulation proposed in the revision of EN 1995-1-1 is then suggest-
ed. 

 

2 Proposed formulas derivation 
The model used for the derivation of the proposed simplified formulas consist of a 
beam on two layers of continuous elastic springs, one parallel and the other perpen-
dicular to the sliding plane. The beam on elastic foundation model has been previous-
ly applied by Symons et al.(2010) and Di Nino et al.(2020) for the slip modulus predic-
tion of timber-concrete connections. The model has been extended to the case of 
timber-timber connections. 

     
Figure 1 Analytical model representation. (a) Division into domains; (b) Initial and deformed 
configuration of the beam representing the screw 

 

By assuming small strains and small displacements and by adopting linear kinematics, 
the elastic problem of an inclined beam on elastic foundation is governed by Eqs. (8) 
for the i-th domain. ui(x) and vi(x) denote the displacement of fields in axial and 
transverse direction respectively for the i-th domain, ϑ is the angle between the 
normal of the sliding plane and the fastener (Figure 1) and Kxxi, Kxyi, Kyxi, Kyyi are de-
fined by Eqs. (9). 

Kxxi
(θ)ui(x)+Kxyi

(θ)vi(x)-EAui
''(x)=0  
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Kyxi
(θ)ui(x)+Kyyi

(θ) vi(x)+EIvi
''''(x)=0 (8) 

 

Kxxi
(θ)= cos θ sin θ (kti

cos θ +kpi
sin θ )  

Kyyi(θ)=kpi
cos3 θ+kti

sin3 θ  

Kxyi
(θ)= cos θ sin θ (-kpi

cos θ +kpi
sin θ )  

Kyxi
(θ)=Kxyi

(θ)  (9) 

EA and EI represent the axial and flexural stiffness of the beam respectively. E is the 
elastic modulus of the steel, A is the section area and I is the second moment of area. 
It should be noted that due to the complex geometry of the screws whose central 
section is often of reduced crossed section due to the lack of thread, it is not easy to 
identify the diameters to be used for the calculation of the axial and bending stiff-
ness. Preliminary studies have shown a good correspondence with the experimental 
results when the external diameter of the thread is adopted for the axial stiffness cal-
culation, while the internal diameter of the thread is adopted for the bending stiff-
ness calculation (A = πϕ2/4 and I = πϕinn

4/64). 

kpi and kti in Eqs. (9) represent the stiffnesses of the two layers of springs (Figure 1). 
The stiffness of the springs parallel to the sliding plane can be determined starting 
from the experimental foundation modulus deriving from embedment tests carried 
out parallel to the grain: kpi=Kf0ϕ. On the basis of the results of embedment tests per-
formed in the orthogonal direction with respect to the grain and as also done in by 
Symons et al.(2010) and Di Nino et al.(2020), perpendicular spring stiffness can be 
taken as kti= βkpi with β= 0.5. Interpolation laws Eq. (10) for sawn timber (ST), glued 
laminated timber (GL) and cross laminated timber (CLT) and Eq. (11) for laminated 
veneer lumber (LVL), parallel strand lumber (PSL), laminated strand lumber (LSL) and 
plywood (PLY) was found based on thirty-eight embedment tests results. The interpo-
lated data come from the following experimental campaigns (Figure 2): Gattesco 
(1998), Gattesco and Toffolo (2004), Santos et al.(2010), Karagiannis et al.(2016), 
Tuhkanen et al.(2018), Franke et al.(2014), Lederer et al.(2016), Schweigler et 
al.(2016), Hwang et al.(2002), Lemaitre et al.(2019) and Schweigler et al.(2019). 

Kf0(ρ,ϕ)=-147.8+
30.9 ρ0.46

ϕ0.32 
 (10) 

Kf0(ρ,ϕ)=-62.3+
0.0282 ρ1.41

ϕ0.23  (11) 
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Figure 2 Experimental data and interpolating functions of the foundation modulus for (a) ST, GL and 
XLAM and (b) LVL, PSL, LSL and PLY. 

 

The slip modulus of the connection is given by the ratio between the component 
parallel to the sliding plane of the internal forces of the beam and the internal distor-
tion δ (Figure 1). 

kser,An= N1 sin(θ)-T1 cos(θ)
δ

= EA u1
' (l1) sin(θ)

δ
+ EI v1

'''(l1) cos(θ)
δ

  (12) 

The boundary conditions of described model are expressed by Eqs. (13). 

EA u1
' (0)=0  

EI v1
'' (0)=0  

-EI v1
'''(0)=0 (13.1) 

 

EA u1
' (l1)=EA u2

' (l1)  

EI v1
'' (l1)=EI v2

'' (l1)  

-EI v1
'''(l1)=-EI v2

'''(l1)  

u1(l1)-δ sin θ =u2(l1)  

v1(l1)+δ cos θ =v2(l1)  

v1'(l1)=v2'(l1) (13.2) 

 

EA u2
' (l1+l2)=0  

EI v2
'' (l1+l2)=0  

-EI v2
'''(l1+l2)=0 (13.3) 
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The exact solution of the analytical model was interpolated by means of the Eqs. (14) 
(ϑ=0° and ϑ=15°) and (15) (ϑ≥30°) whose coefficients for various screw inclinations 
are contained in Table 1. 

kser,Int= dd( ρ1
aa l1

bb+ρ2
aa l2

bb) ϕcc  (14) 

kser,Int=
dd ϕcc

1
ρ1

aa l
1
bb  + 1

ρ2
aa l

2
bb

  
(15) 

 

Table 1. Coefficient of interpolating formulas. 

 

 

 

 
 

 

 
* The formula found for orthogonal screws is used. 

 

 

 

The formulas has been tested for random configurations of diameters ϕ 6÷18 mm, ρ 
400÷750 kg/m3, l 50÷200 mm excepts for Eqs. (14) for which l was limited to the in-
terval 60÷150 mm. The scatters between the exact solution of the analytical model 
and simplified interpolating law are given in Figure 3. 
 

3 Experimental verification 
The slip modulus of joints made with mechanical connections can be experimentally 
evaluated according to the procedure described in UNI EN 26891 (1991). The push-
out test consists of a partial loading and unloading cycle followed by a second phase 
carried out in displacement control that ends with the reaching of ultimate load or of 
a sliding of 15 mm. The slip modulus is given by the slope of the secant to the first 
load branch of the force-slip curve for the points corresponding to 40% and 10% of 
the estimated maximum load (Eq. (16)). 

kser,Exp= 0.4Fest-0.1Fest

ν0.4-ν0.1
  (16) 

The reliability of the proposed model and simplified formulas was quantified and 
compared with the reliability of other formulations based on the results of extensive 

θ (°) aa bb cc dd 

0 1.04 0.056 1.11 0.18 
15* 1.04 0.056 1.11 0.18 
30 1.07 0.51 0.76 0.31 
45 1.07 0.68 0.65 0.29 
60 1.09 0.77 0.58 0.23 
75 1.14 0.86 0.47 0.095 

Figure 3 Figure 4 Maximum, 95th percentiles, 
median, 5th percentiles and minimum values 
of the scatters between interpolating formulas 
and exact solution for 3000 configurations. 
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experimental push-out test programmes. The push-out tests taken as reference were 
performed on connection specimens with double threaded screws and fully treaded 
screws placed in shear-tension or crossed configurations (Table 2). 

The external thread diameter ϕ assumed in the calculations is shown in Table 2. In the 
case of double-threaded screws, ϕ corresponds to the average value of the two 
threaded sections. The inner thread diameter has been assumed: ϕinn=0.66ϕ. 

The anchorage lengths used in the calculation of the withdrawal stiffness were ob-
tained subtracting from the penetration lengths (l1 and l2) of Table 2 the tip length 
(lp=1.1ϕ) and, in the case of double threaded screws, the length of the central 
smooth section. 

The friction coefficients considered for the inclined screws in shear-tension and for 
the crossed-screws configurations are μ=0.25 and μ=0 respectively.  

In the models in which withdrawal from only one of the two members is assumed, 
this were considered to happen in the screw-head side (Tomasi et al., 2010). 

 
Table 2. Experimental setups description for reference experimental data. 

Authors Member 1 Member 2 φ 
(mm) 

ρ1 

(kg/m3) 
ρ2 

(kg/m3) 
l1 

(mm) 
l2 

(mm) 

Screw 
type 
and 
layout 

ϑ 
(°) 

Schiro G. 
et al. 
(2018) 

Beech LVL CLT 8.3 796 465 69 81 Dt 45 
Spruce solid C24 Beech LVL GL70 8.3 460 846 91 71 Dt I 45 
Spruce solid C24 CLT 8.3 460 465 69 81 Dt 45 
Spruce solid C24 CLT 8.6 460 465 81 81 Dt I 45 

Wang F. et 
al. (2019)  

Douglas Fir LVL Douglas Fir LVL 5.3 560 560 39 61 Tt 45 
Douglas Fir LVL Douglas Fir LVL 5.3 560 560 50 50 Tt 30 
Douglas Fir LVL Douglas Fir LVL 5.3 560 560 55 45 Tt 15 
Douglas Fir LVL Douglas Fir LVL 5.3 560 560 57 43 Tt 0 

Ringhofer 
A. (2016) Spruce solid T24  

8.0 408 408 113 113 Tt 45 
8.0 410 408 130 130 Tt 60 

Jacquier 
N. (2014)  

Spruce GL32 CLT C24 6.5 456 471 75 85 Dt 45 
Spruce GL32 CLT C24 8.2 462 459 75 85 Dt 45 

Blaß H.J. 
et al. 
(2018)  

Spruce solid T28  

8.0 409 409 113 113 Tt 45 
8.0 412 412 130 130 Tt 60 
8.0 412 412 113 113 Tt X 45 
8.0 407 407 130 130 Tt X 60 
8.0 421 421 130 130 Tt 60 
8.0 427 427 130 130 Tt X 60 
8.0 475 475 113 113 Tt 45 
8.0 438 438 130 130 Tt 60 
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8.0 482 482 113 113 Tt X 45 
8.0 456 456 130 130 Tt X 60 
6.0 424 424 85 85 Tt 45 
6.0 416 416 85 85 Tt X 45 
10.0 411 411 141 141 Tt 45 
10.0 414 414 141 141 Tt X 45 
8.0 426 426 130 130 Tt 30 
8.0 424 424 130 130 Tt X 30 
8.0 433 433 130 130 Tt 50 
8.0 429 429 130 130 Tt X 50 
8.0 428 428 130 130 Tt 60 
8.0 426 426 130 130 Tt 70 
8.0 430 430 130 130 Tt X 70 
8.0 442 442 40 40 Tt 45 
8.0 417 417 40 40 Tt X 45 
8.0 420 420 80 80 Tt 45 
8.0 434 434 80 80 Tt X 45 
8.0 443 443 113 113 Tt 45 
8.0 455 455 113 113 Tt X 45 
8.0 413 413 160 160 Tt 45 
8.0 427 427 160 160 Tt X 45 
8.0 433 433 200 200 Tt 45 
8.0 446 446 200 200 Tt X 45 

Tomasi R. 
et al. 
(2010)  

Spruce GL24h  

8.6 426 426 79 141 Dt 45 
8.6 426 426 105 115 Dt 30 
8.6 426 426 86 104 Dt 15 
8.6 426 426 90 100 Dt 0 
8.6 426 426 79 141 Dt X 45 
8.6 426 426 105 115 Dt X 30 
8.6 426 426 86 104 Dt X 15 

* Tt: total thread screws, Dt: double thread screw, X: crossed screws, I: interlayer. 

 

The slip modulus values predicted by the proposed analytical model have a good cor-
respondence with the experimental results, both in terms of determination coeffi-
cient (Table 3) and in terms of percentage deviations (Figure 5). The slight tendency 
of the model to underestimate the predicted values could result from neglecting the 
friction on the sliding plane. The analytical model proposed by Girhammar et 
al.(2017) is characterized by a distribution of percentage deviations similar to that of 
the proposed model. 

Although the coefficient of determination of the proposed simplified formulas is the 
same of that of the model of the final draft revision of Eurocode 5, proposed formu-
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las have a lower 95th percentile and a lower maximum value of the percentage devia-
tions as well as a 50th percentile closer to zero. The Tomasi et al. model strongly 
overestimate the slip modulus in the vast majority of cases.  

          
Figure 4 The observed slip modulus versus the estimated slip modulus 

 

Table 3. Coefficient of determination. 

Models 
Proposed-
Analytic 

Proposed-
Formulas 

EC5 draft 
(2021) 

Girhammar 
et al. 

Tomasi et 
al. 

R2 0.62 0.28 0.28 0.79 -0.29 
 

 
Figure 5 Maximum, 95th percentiles, median, 5th percentiles and minimum values of the scatters 
between models and experimental slip modulus. 
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4 Comparison with other models through 
parametric studies 

The qualitative and quantitative differences between the proposed analytical model 
and simplified formulas and the other models from literature including the new for-
mulation in the revised EN 1995-1-1 have been studied by varying each of the signifi-
cant parameters of the system such as the inclination of the screw, the diameter of 
the screw, the lengths of penetration and the densities of the members.  
The first parametric study was performed with the aim of investigating the depend-
ence of the slip modulus on the screw diameter (Figure 6). A symmetrical connection 
was considered, i.e., with member density ρ1=ρ2=430 kg/m3 and penetration lengths 
l1=l2=100 mm. It is worth noting that the dependence of the slip modulus on the 
screw diameter is very similar between the proposed formulas and the model of Re-
vision of Eurocode 5 (2021). The predicted slip modulus of all other models increases, 
for increasing diameter, much faster than the slip modus predicted by proposed for-
mulas and analytical model. It is also noted that the proposed formulas return values 
in good agreement with those of the current EC5 for orthogonal screws of diameters 
up to 12 mm. 

          
Figure 6 Models predictions for varying diameters (6, 12 and 18 mm). (a) Comparison of proposed 
formulas and model with standards proposal and current standard; (b) Comparison of proposed 
simplified formulas with exact solution of analytical model and other models. 

 

The second parametric study aims to highlight how the expected values of the slip 
modulus vary when the penetration lengths in the timber members on the screw 
head side or tip side are doubled (Figure 7). The analyzed configuration is character-
ized by ρ1=ρ2=430 kg/m3 and ϕ=8 mm. According to the proposed model and the 
model of Revision of Eurocode 5 (2021), the sliding modulus increases by the same 
amount by doubling the length of penetration in one or the other member. According 
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to the Tomasi et al. model the slip modulus increases only when the penetration 
length on the head side member is increased. In the Girhammar et al. model, the 
greatest increase is obtained by doubling the length of penetration into the member 
on the screw head side for which a halved withdrawal stiffness is assumed as sug-
gested by the author. 

 
Figure 7 Models predictions for varying length penetration (lT= lH=75 mm, lT=75 mm and lH=150 mm 
and lT=150 mm and lH=75 mm). (a) Comparison of proposed formulas and model with standards 
proposal and current standard; (b) Comparison of proposed simplified formulas with exact solution 
of analytical model and other models. 

 

The third parametric study aims to highlight how the expected values of the slip 
modulus vary when the density of the timber members on the screw head side or tip 
side are doubled (Figure 8). The analyzed configuration is characterized by 
l1=l2=100 mm and ϕ=8 mm. According to the proposed model and to the model of 
Revision of Eurocode 5 (2021), the sliding modulus increases by the same amount by 
doubling the density of one or the other member. According to the Tomasi et al. 
model, the density affects only the lateral contribution, therefore doubling the densi-
ty of any timber member produces the same limited increase of the slip modulus. In 
the Girhammar et al. model, as presented and applied by the author, the depend-
ence of the slip modulus on density is not explicit, as the author considers experi-
mentally derived embedment and withdrawal stiffnesses. 
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Figure 8 Models predictions for varying member densities (ρ1= ρ2=380 kg/m3, ρ1=380 kg/m3 and 
ρ2=760 kg/m3 and ρ1=760 kg/m3 and ρ2=380 kg/m3). (a) Comparison of proposed formulas and 
model with standards proposal and current standard; (b) Comparison of proposed simplified 
formulas with exact solution of analytical model and other models. 

 

5 Conclusions 
The derived analytical model for calculating the slip modulus of screw connections 
proved effective. The proposed model allows to consider the effective flexural and 
axial stiffness of the screw, the orthotropic behavior of the timber and the geometric 
and mechanical characteristics of the connection. 

The interpolation functions found for the foundation elastic modulus make the model 
completely predictive without the need to perform withdrawal tests. Therefore, the 
model allows to predict the sliding modulus when the external diameter of the 
thread, the density of the members, the penetration lengths and the angle of inclina-
tion are known. 

The reliability of the proposed analytical model is similar to that of Girhammar et al. 
model, but both, due to their complexity, cannot be directly implemented in stand-
ards. Simplified formulas have been obtained from the proposed analytical model. 
Although the expression proposed in the revision drafts of Eurocode 5 (2021) for 
withdrawal stiffness was derived by interpolation of the results of withdrawal tests 
performed on specimens with the same screws and timber as many of the push-out 
tests taken as a reference for the validation of the models (Blass & Steige, 2018), the 
proposed simplified formulas are more accurate than the model of Revision of Euro-
code 5 (2021). 

The proposed model allows to consider the withdrawal of the screw from both mem-
bers resulting more accurate than Tomasi et al. model for those configurations in 
which the withdrawal stiffness of the tip-side cannot be considered infinitely greater 
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than that on the head-side, i.e. those cases in which the density and/or the length of 
penetration on the tip side are significantly lower than those on the head-side. 

The proposed approach may be proposed for implementation in the revised EN 1995-
1-1. Furthermore, an extension of this formula could also be proposed in an Annex of 
EN 1995-1-1 for the prediction of the slip modulus of connections with an interlayer. 
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DISCUSSION 

The papers was presented by Y De Santis 

R Brandner questioned the R2 value being negative and greater than one.  Y De Santis 
will provide definition of R2.  R Brandner later acknowledged in chat that R2 value 
outside the range of (0, 1) is possible without using real data. 

H Blass commented that the comparison with Eurocode 5 formulation for inclined 
screws is meaningless as it does not deal with inclined screws.  This should be 
removed from the paper. 

W Dong stated that in Girhammer’s work embedment test approach was considered 
to be similar to the compression test approach and deemed to be unsuitable for the 
model.  Y De Santis said that embedment test results provided local deformability 
information of the timber to allow avoiding the need to experimentally evaluate 
withdrawal stiffness. 

W Dong commented that using the two springs approach for the parallel and 
perpendicular to grain directions may result in discrepancy in boundary cases of 
withdrawal test results perpendicular to grain and embedment test results.  Y De 
Santis agreed. 

R Tomasi agreed that there may be issues at the extreme say at 0 or 90 degree.  He 
asked about friction in the shear plane.  Y De Santis said that model is valid but has an 
issue with the 90 degree case which is not a realistic situation.  Friction was not 
considered in the model because they observed in some experimental sets say with 
cross configuration and in some inclined screw configurations, friction did not seem to 
be present.  R Tomasi and Y De Santis discussed the consideration of double stiffness 
model and single stiffness model for various cases. 

A Ringhofer received clarification that angle = 0 degree implies pure shear load.   

P Dietsch suggested possible amendments of the paper to be considered based on the 
comments and discussion. 
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1 Introduction 
Joist to header connectors are widely available in different shapes and sizes. One of 
the most common types resembles dovetail connections, where two parts slide into 
each other to enable load transfer (Figure 1a). Usually, aluminium is used for the con-
nectors. One scope of the here presented project was to replace the aluminium with 
densified veneer wood (DVW). The connectors are mostly fastened with self-tapping 
and fully threaded screws, which are often inclined by 45° to the connector plane. In 
such connections with inclined screws, the load parallel to the shear plane is mainly 
transferred by axial screw loading, see Bejtka & Blass (2002). Due to equilibrium con-
ditions, a compressive force results perpendicular to the shear plane. This compressive 
force leads to frictional resistance, which depends on the size of the compressive force 
and the coefficient of friction µ. For connections with inclined screws, this additional 
load-carrying capacity can be taken into account by default, although the screws are 
loaded in tension. This is the difference to connections under combined lateral and 
tensile load, where the load increase due to friction, i.e. the rope effect, cannot be 
applied. Another scope of the project was to utilize the frictional resistance, which de-
pends on the size of the compressive force and the coefficient of friction (COF). There-
fore, two possibilities can be examined: (i) increasing the compressive force by design-
ing the connection to reach the tensile capacity of the screws and (ii) increasing the 
COF by treating the surface adequately. The latter was done in this study. 

To increase the load-carrying capacity due to surface treatment, first an extensive lit-
erature review was accomplished. This was followed by own tests to modify the sur-
face and determine the COF and hence the optimal modification. Following this, push-
out tests with connectors made of the afore mentioned DVW were performed. Finally, 
an analytical model for the load-carrying capacity was derived. 
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Figure 1. (a) Aluminium dove tail connector. (b) A body stressed by normal and tangential forces and 
the force equilibrium with the reaction force FN and the friction force FR (Popov (2015)). 

2 Friction – Literature review 
2.1 Introduction 

The COF is defined as the dimensionless ratio of the friction force FR between two bod-
ies to the normal force FN perpendicular to the contact area between these bodies 
(Figure 1b). The static COF µstat corresponds to the maximum friction force that must 
be overcome to initiate relative displacement between two bodies.  

In the literature, many different values for the static COF for wood on wood as well as 
steel on wood can be found. Table 1 gives an overview of the publications having de-
termined the COF for wood on wood or wood on steel. Also given is the number of 
values, which were taken from the literature. This number is not necessarily equal to 
the performed tests. For example, Stošié (1959) performed 9000 tests in total, how-
ever, only ten values can be extracted from his two-page article. In most of the re-
search listed in Table 1 many parameters were varied, such as the contact pressure 
between the specimens (normal force FN), the sliding speed, the surface roughness, 
the angle between the grain direction of the wood specimens and the sliding direction, 
as well as the moisture content. The following sections examine a possible correlation 
between the COF and the respective parameter. 

The values in Table 1 and from Figure 3 through to Figure 9 are all taken from the 
literature and do not include test results from chapter 4. 

2.2 Test setup 

The most common test setups can be seen in Figure 2. Setup (a) with the inclined plane 
is very easy to use. The normal force is applied with weights and the plane is inclined 
just until the specimen starts sliding. However, due to the constantly changing contact 
pressure depending on the angle, the inclined plane is not suitable to determine the 
COF reliably (Stošié (1959)). Because of its simple design, the horizontal plane (b) was 
the most used test setup. This setup allows the evaluation of parameters such as con-
tact pressure and sliding speed. Test setup (e) is similar to the horizontal plane with 
the only difference using a vertical cylinder to apply the normal force. The rotating 
plane in setup (c) was mostly used for tests with wood sliding on steel. An effective 
setup for higher contact pressure but without having to use a second cylinder is setup 

(a) (b) 
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(d) with pre-stressed rods. However, the size of the specimen is much larger than for 
the other tests and also the time to assemble the specimen takes longer. The last setup 
(f) for shear tests with inclined screws is not primarily used for determination of the 
COF, but the COF can be back calculated (Blass & Steige (2018)). 

   
(a) (b) (c) 

   
(d) (e) (f) 

Figure 2. Test setups to determine the coefficient of friction: a) inclined plane b) horizontal plane,  
c) rotating plane d) pre-stressed rods e) two hydraulic cylinders f) shear tests with inclined screws. 

2.3 Contact pressure 

Figure 3 shows the influence of the contact pressure on the static COF. The recorded 
pressures ranged from 0.0001-1.0 N/mm² for tests with wood on wood and from 
0.0069-30 N/mm² for tests with steel or aluminium on wood. The logarithmic trend 
line shows firstly an increase of the COF with rising contact pressure and later a hori-
zontal convergence. For the tests with steel / aluminium on wood, no correlation be-
tween the COF and the contact pressure can be observed. 

 
Figure 3. COF versus contact pressure for wood on wood (left) and steel on wood (right). 
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Table 1. Reviewed literature and respective number of friction coefficients found in the literature (this 
list is not intended to be exhaustive). Values of µstat only for MC < 20%. 

Publication 
Total no. of tests 
resp. no. of series µstat 

Total no. of tests 
resp. no. of series µstat 

SOFTWOOD  ON SOFTWOOD ON STEEL / ALUMINIUM 

Aira et al. (2014) 9 0.05-0.38 - - 

Atack & Tabor (1958) - - 2 0.50-0.60 1) 

Blass & Steige (2018) 79 0.02-1.03 - - 

Claus et al. (2018) 19 0.14-0.89 - - 

Crespo et al. (2011) 10 0.39-0.53 - - 

Gaber (1940) 41 0.17-0.92 - - 

Garcia (2012) - - 4 0.39-0.57 

Gorst et al. (2003) 45 0.30-0.80 159 0.30-0.70 

Guan et al. (1983) - - 58 0.17-0.38 

Koch (2011) 6 0.37-0.66 - - 

Koubek & Dedicova (2014) - - 108 0.10-0.90 

Lemoine et al. (1970) - - 48 0.10-0.57 

McKenzie & Karpovich (1968) 6 0.45-0.60 47 0.11-0.65 

Meng et al. (2008) - - 24 0.23-0.36 

Möhler & Herröder (1979) 132 0.29-1.37 20 0.55-1.15 

Möhler & Maier (1969) 16 0.22-1.19 - - 

Murase (1984) 10 0.60-0.68 30 0.18-0.20 

Niemz & Sonderegger (2017) 1 0.34 - - 

Park et al. (2011) 20 0.44-0.74 - - 

Schmidt (2018) - - 18 0.22-0.63 

Seki et al. (2013) - - 30 0.12-0.39 

Stošié (1959) 5 0.30-0.49 - - 

Xu et al. (2014) 5 0.40-0.60 - - 

 sum = 404 mean = 0.48 sum = 548 mean = 0.34 

HARDWOOD  ON HARDWOOD ON STEEL / ALUMINIUM 

Gorst et al. (2003) 18 0.40-0.60 99 0.30-0.70 

Guan et al. (1983) - - 14 0.20-0.30 

McKenzie & Karpovich (1968) - - 105 0.08-0.64 

Murase (1984) 10 0.53-0.60 - - 

Niemz & Sonderegger (2017) 4 0.28-0.46 - - 

Stošié (1959) 3 0.30-0.31 - - 

Xu et al. (2014) 10 0.35-0.53 - - 

 sum = 45 mean = 0.49 sum = 218 mean = 0.41 

ENGINEERED WOOD  ON SOFTWOOD / HARDWOOD ON STEEL / ALUMINIUM 

Bejo et al. (2000) 16 0.33-0.84 - - 

Gorst et al. (2003) 207 0.10-0.60 210 0.10-0.70 

Koubek & Dedicova (2014) - - 70 0.12-0.63 

Meng et al. (2008) 192 0.23-0.42 - - 

Niemz & Sonderegger (2017) 72 0.12-0.59 - - 

Steiger et al. (2018) 8 0.24-0.57 - - 

 sum = 495 mean = 0.30 sum = 280 mean = 0.25 

1) MC > 20% 
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2.4 Sliding speed 

The recorded sliding speeds ranged from 1-3300 mm/min for tests with wood on wood 
and from 1-2640000 mm/min (= 44 m/s) for tests with steel / aluminium on wood. Fig-
ure 4 shows an increase at the beginning with increasing sliding speed and later a hor-
izontal convergence.  

 
Figure 4. COF versus sliding speed for wood on wood (left) and steel on wood (right). 

2.5 Density 

Figure 5 shows no correlation between the COF and the density of the wood speci-
mens. In general, there were very few results for tests with hardwood (n = 119) of 
which for only 20 specimens the density was recorded. 

 
Figure 5. COF versus density for wood on wood (left) and steel on wood (right). 

2.6 Moisture content 

The moisture content was the only parameter, which was given for almost all tests. 
The moisture content of the wood specimens has the most distinct influence on the 
static COF (Figure 6). Especially for the tests with wood on wood, a moisture content 
greater than 20% led to a notable increase of the COF. The tests with steel / aluminium 
on wood were mostly independent of the moisture content of the wood. 

 
Figure 6. COF versus moisture content for wood on wood (left) and steel on wood (right). 
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2.7 Surface roughness 

As expected, the surface roughness of the tested specimens had the highest influence 
on the COF. Figure 7 shows a box plot with three different surfaces for wood on wood 
(left) and four different surfaces for steel on wood (right). Treated surfaces were for 
example formwork panels. The classification “normal steel” was used when no other 
surface quality was explicitly mentioned. 

 
Figure 7. The effect of the surface roughness on the static COF for wood (left) and steel (right). 

2.8 Grain direction 

In many tests the orientation of the grain with regard to the sliding direction was var-
ied, with the different orientations being parallel (grain direction of the specimens par-
allel to each other), perpendicular (one specimen rotated by 90°) and end grain (end 
grain sliding on end grain). In some publications further angles were examined, but for 
the sake of clarity only the three main directions parallel, perpendicular and end grain 
were considered in Figure 8. The difference in the COF for parallel and perpendicular 
was marginal, and it can be stated, that the grain direction had close to no influence 
on the COF. Only exception were the tests with end grain on end grain and steel on 
end grain, respectively.  

 
Figure 8. The effect of the grain direction of the surface on the static COF for wood on wood (left) and 
steel on wood (right). 

2.9 Scatter of the COF 

As it is evident by now, the values of the COF vary to a large extent for the same tested 
surfaces and parameters. To highlight the scatter, Figure 9 shows an exemplary plot 
for the COF of softwood on softwood, hardwood on hardwood, engineered wood on 
either softwood or hardwood, as well as steel and aluminium on softwood. The sliding 

n = 307 n = 518

n = 778 n = 219
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direction for all tests was parallel to the grain of the wood specimens. The moisture 
content was ≤ 20% and the wood surface was planed. Taking the COF for softwood as 
an example: the minimum is 0.02 and the maximum is 1.19, resulting in a coefficient 
of variation of 50%. For hardwood and aluminium the scatter is smaller, however the 
number of tests is equally lower. 

 
Figure 9. Scatter of the static COF (sliding direction = parallel, MC ≤ 20%, surface = planed where 
applicable). 

3 Surface modification 
For the connectors to reach high load-carrying capacities and stiffnesses the friction 
between connector and timber part should be increased. Therefore, various surface 
modifications have been investigated experimentally to increase the COF. In tests, the 
COF for each modified surface was determined and characteristic values were calcu-
lated as 5th-percentile values. As mentioned before, DVW was used for the specimens 
with sizes of 110 x 150 mm. The results are given in Table 2.  

3.1 Sanded 

The top layer of the test specimen was sanded using a belt sander and sandpaper with 
P40 grit. The sanding was carried out perpendicular to the fibre direction of the top 
layer and therefore perpendicular to the sliding direction during the friction tests. A 
noticeable structuring was visible. 

3.2 Sandblasted 

Each test specimen was sandblasted manually on both sides. As a result, slightly differ-
ent surfaces appeared on each side and on each test specimen. During the sandblast-
ing, it was observed that the earlywood of the veneers was removed and only the late-
wood remained. This resulted in a structuring along the grain direction of the cover 
veneers and thus parallel to sliding direction. 

3.3 Brushed 

Both surfaces of the test specimen were brushed with a braided steel wire pot brush. 
A clear structuring of the surface was visible, but the roughness was hardly noticeable. 
In preliminary tests, only a very low COF was determined and therefore this type of 
surface treatment was not further pursued. 

n = 190          n = 22             n = 316           n = 232          n = 105
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3.4 Coated  

Two different bonding agents were used: firstly, a pasty two-component adhesive and 
secondly, an epoxy resin adhesive tape. The test specimens were coated either with 
quartz sand with a grain size of 0-2 mm or with grit with a grain size of 2-4 mm. Addi-
tionally, the specimens of one series were coated with skateboard griptape. 

3.4.1 Two-component adhesive (2K SE-polymer) 

A two-component epoxy resin was used. The surfaces of the test specimens were sand-
blasted before the adhesive was applied. A 0.5 mm thick adhesive layer was chosen for 
coating with quartz sand (Figure 10) and a 1.0 mm thick adhesive layer for coating with 
grit. The test specimens were pressed manually into the respective aggregate. The 
specimens cured at room temperature for one week, according to the manufacturer's 
instructions. 

 

Figure 10. Coated surface with 2K epoxy resin and quartz sand 0-2 mm. 

3.4.2 Epoxy adhesive tape (EpoxyTape) 

Epoxy resin adhesive tapes with an adhesive layer thickness of 1.0 mm and 0.1 mm 
were used. The tapes were applied at room temperature and then cured in the oven 
at a temperature of 130°C for 45 min. For both thicknesses of adhesive tape, only the 
quartz sand was chosen and pressed with a constant pressure of 2 N/mm² for two 
minutes. 

3.4.3 Griptape 

A commercially available griptape for the top of skateboards for better grip was used. 
The grain of the griptape was significantly finer than that of the quartz sand and re-
sembled sandpaper. The processing of the grip tape was significantly easier as it al-
ready combined adhesive tape and aggregate. 

3.5 Milled  

Different patterns were examined by using different milling tools on a CNC milling ma-
chine, such as a chamfer cutter for longitudinally and transversely arranged grooves or 
a cartridge mill for circular grooves 

3.5.1 Pyramid pattern 

Girardon (2014) developed form-fitting and rigid connections with milled surfaces. 
Based on his studies, parallel grooves with the same depth were milled into the top 
layer of the test specimens using a chamfer cutter. The test specimens were then ro-
tated by 90° and again parallel grooves were milled into the top layer resulting in small 
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pyramids. Test specimens with 0.5 mm, 1.0 mm, 1.5 mm and 2.0 mm deep grooves 
were produced. Figure 11a shows an example of a test specimen with pyramids 
1.5 mm deep. 

3.5.2 Circular grooves 

Circular grooves with multiple intersections were milled 1.0 mm deep into the top 
layer of the DVW (Figure 11b). As a result, pyramid-like shapes remained at the edge 
of the test specimen while elongated grooves with a spacing of about 1.5 mm re-
mained in the middle of the test specimen. 

3.5.3 Scale pattern 

Using a simple end mill that was inclined by 5°, longitudinal and transverse grooves 
were milled 1 mm deep into the surface, similar to the pyramid pattern (Figure 11c). 
This created a scale pattern. Again, preliminary tests resulted in a low COF and there-
fore this pattern was not further examined. 

3.5.4 Embossed pattern 

The pyramid pattern was milled into a steel plate. The steel plate was then pressed 
into the surface of the DVW. The pyramid tips penetrated about 1.0 mm into the top 
layer and a surface embossed with the impression of the pyramid pattern was created 
(Figure 11d). 

    

Figure 11. Milled surfaces: (a)pyramid pattern(b)circular grooves(c)scale pattern(d)embossed surface. 

3.6 Sheet metals 

Additionally to the tests with DVW and modified surfaces, some tests with different 
sheet metals were performed. On the one hand a chequer plate was used, which is 
normally applied for e.g. anti-slip flooring (Figure 12a), on the other hand sheets with 
perforated round holes were used. Type 1 had a clear-cut round hole (e.g. steel scaf-
fold planks, Figure 12b) while for type 2 the excess material led to small, sharp hooks 
(similar to a kitchen grater, Figure 12c). 

   
Figure 12. Sheet metals: (a) chequer plate (b) perforated sheet metal 1 (c) perforated sheet metal 2. 

(a) (b) (c) 
 

(a) (b) (c) (d) 
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4 Tests to determine the COF 
4.1 Test setup 

The test setup is shown in Figure 13. The normal force FN perpendicular to the friction 
surface was applied with a threaded rod and a spindle. FN was measured continuously 

during the tests with a load cell. Spruce/fir with a mean density of  = 420 kg/m³ was 
used for the softwood, which was stored in a standard climate 20/65 and had an aver-
age moisture content of u = 12%. The surfaces were free of knots larger than 5 mm 
and without adhesive joints. The tangential force F parallel to the friction surface was 
applied using a universal testing machine. The entire test sequence was displacement 
controlled up to a displacement of 15 mm.  

 
Figure 13. Test setup for friction tests. 

For the tests, it was distinguished between face grain parallel and perpendicular to the 
sliding direction as well as end grain of the softwood. The different test configurations 
are highlighted in Figure 14. For the tests, side members with a similar density were 
chosen. 

 
Figure 14. Grain and sliding direction. 

4.2 Results 

At the beginning, the parameters contact pressure and sliding speed were varied, in 
order to confirm the established trends from the literature review. The contact pres-
sure was varied between 1, 2.5 and 6 N/mm². The sliding speed was varied between 1, 
5 and 10 mm/min, to fill the gaps in the range found in the literature. No correlation 
between the COF and the two varied parameters was visible (Figure 15). Based on 
these results, the following tests were conducted with a contact pressure of 
2.5 N/mm², corresponding to the characteristic compressive strength perpendicular to 
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the grain of softwood. The sliding speed was set at 5 mm/min, because then a pro-
nounced peak with the onset of sliding followed by subsequent continuous sliding was 
observed. 

 
Figure 15. COF versus contact pressure (left) and sliding speed (right). 

4.2.1 Untreated surface, aluminium, sanded, and sandblasted surfaces 

In order to create reference values and to quantify the effect of subsequent surface 
treatments, a first series of tests was carried out with smooth, untreated DVW. In ad-
dition, tests were performed with anodised aluminium, as found in most system con-
nectors. On average, a COF for the smooth surface of μ = 0.20 and for aluminium of 
µ = 0.38 was determined. For the sanded and sandblasted surfaces the determined 
values were already significantly higher with μ = 0.56 and μ = 0.49, respectively. 

4.2.2 Coated surfaces 

For the test specimens with the two-component adhesive, adhesive failure of the coat-
ing was observed. The glue and aggregate came off the DVW almost completely. This 
observation was independent of the grain size of the coating (Figure 16 left). Due to 
the failure of the adhesive, only a lower limit for the COF was determined. This was 
μ = 0.64 for coating with quartz sand and μ = 0.61 for coating with grit. 

  
Figure 16. Coated test specimens: 2K adhesive and grit (left) and griptape (right). 

Adhesive failure also occurred when coating with epoxy tape with a layer thickness of 
0.1 mm. However, only a few spots of the epoxy tape came off the DVW. During the 
tests with the epoxy tape with a thickness of 1.0 mm cohesive failure occurred and the 
aggregate stuck to the softwood. Overall, the results showed significantly higher fric-
tion coefficients than with the pasty epoxy resin and were on average μ = 0.82 for the 
thin and μ = 0.74 for the thick epoxy tape. For the tests with griptape, again no exact 
COF was determined due to the lack of adhesion of the griptape to the DVW (Figure 
16 right). The average COF was μ = 0.24, which is only slightly higher than for untreated 
DVW. 
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4.2.3 Milled surfaces 

For all four examined pyramid patterns the results for the COF were significantly higher 
than for the surface treatments shown so far with μ = 0.82 (0.5 mm), μ = 0.89 
(1.0 mm), μ = 1.06 (1.5 mm) and μ = 1.15 (2.0 mm). The larger the pyramids the 
deeper they pressed into the softwood and the higher the COF determined. For the 
tests with the circular pattern and the scale pattern, the mean values were calculated 
to μ = 0.89 and μ = 0.66. The tests with the embossed pattern lead to a COF of μ = 0.79.  

4.2.4 Sheet metals 

On average, the COF for the chequer plate was µ = 0.74 and therefore considerably 
higher than the COF for a normal steel or aluminium surface. The tests with the perfo-
rated sheet type 1 resulted with an even higher COF of µ = 0.98, mainly because the 
surface with the small punched holes interlocked better with the softwood than the 
rather big texture of the chequer plate. For the tests with the perforated sheet type 2 
only a lower limit of the COF was determined with µ = 0.82. Because of the sharp hooks 
and the high interlocking, the tensile strength of the very thin sheets was reached. 

4.3 Characteristic values 

The characteristic values were calculated based on EN 14358. For the 5th-percentile a 
global coefficient of variation COVg was calculated based on all friction tests according 
to EN 14545. A total of n = 467 friction tests were performed and the COVg was calcu-
lated to 0.10, resulting in ks(n) = 1.76.  

Table 2. Values for the static COF (mean and characteristic). 

Surface COF 
 face grain Ʇ face grain ll end grain 
 mean char. n mean char. n mean char. n 

Untreated 0.20 0.17 31 - -  0.19 0.16 27 
Sanded  0.56 0.47 6 - -  0.47 0.40 6 
Sandblasted 0.49 0.41 6 - -  0.47 0.40 6 
Coated with 2K-epoxy + quartz sand 0.64 0.54 3 - -  0.54 0.46 3 
Coated with 2K-epoxy + grit 0.61 0.52 3 - -  0.69 0.58 3 
Coated with EpoxyTape (0.1 mm) 0.82 0.69 3 - -  0.97 0.82 3 
Coated with EpoxyTape (1.0 mm) 0.74 0.63 3 - -  0.82 0.69 3 
Coated with Griptape 0.24 0.20 3 - -  0.32 0.27 4 
Milled 0.5 mm pyramid pattern 0.84 0.71 40 0.82 0.69 10 0.82 0.69 30 
Milled 1.0 mm pyramid pattern 0.94 0.79 15 0.88 0.74 20 0.80 0.68 10 
Milled 1.5 mm pyramid pattern 1.06 0.90 20 1.03 0.87 19 1.06 0.90 18 
Milled 2.0 mm pyramid pattern 1.15 0.97 12 - -  - -  
Milled circular grooves 0.89 0.75 14 0.78 0.66 20 0.82 0.69 13 
Milled scale pattern 0.66 0.56 7 0.55 0.46 2 - -  
Embossed pattern 0.79 0.67 30 0.67 0.57 10 0.71 0.60 21 
Aluminium 0.38 0.32 12 - -  0.43 0.36 12 
Chequer plate 0.74 0.63 6 0.85 0.72 6 - -  
Perforated sheet type 1 0.98 0.83 2 0.78 0.66 2 - -  
Perforated sheet type 2 0.83 0.70 3 - -  - -  
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5 Tests with inclined screws 
5.1 Test setup and execution 

To validate the impact of the higher COF on the load-carrying capacity, push-out tests 
with inclined screws were performed. Connector plates made of densified veneer 
wood with modified surfaces were fastened to softwood with fully threaded screws. 
The screws were inclined by 45°. The experimental setup is shown in Figure 17. The 
test specimens were loaded with a universal testing machine. The relative displace-
ment of each connection was measured on the front and back of the test specimens. 
The test procedure and the evaluation were based on EN 26891. Both the ultimate test 
load FV,test and the stiffness ks per connector were determined. The stiffness was de-
termined in the range between 10% and 40% of the ultimate load in the linear-elastic 
range.  

 
Figure 17. Test setup for push out tests with connectors with modified surfaces and inclined screws. 

Table 3 summarises the tested configurations. The given number of screws is per shear 
plane. The series differ in the type of surface treatment, the number of screws, and 
the type of screws. In a first series (S1), most of the previously introduced surfaces 
were tested. In series 2 (S2) the screw arrangement was varied. In series 3 (S3) longer 
screws were used to validate the analytical model. In series 4 (S4) 15 screws were used 
per connector to investigate the influence of the number of screws. In series 5 (S5) the 
same connectors were tested with longer screws. Lastly, in series 6 (S6) and 7 (S7) two 
connector prototypes were tested to compare to conventional system connectors 
made of aluminium. For more details on the tests with the DVW connectors see Aurand 
& Blass (2021). 

5.2 Results 

Table 3 shows the ultimate loads and corresponding stiffnesses for all surfaces exam-
ined. The ultimate loads were determined independently of the displacement. The re-
sults show a significant increase in the load-carrying capacity of the connection for any 

 
1 

 
1 
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type of surface modification. The only exception to this are the tests with griptape. The 
mean value of the ultimate load of the tests with untreated surface was FV,test = 40.5 kN 
per connector. Maximum loads of around 53 kN were determined for the different 
pyramid patterns, which implies a capacity increase of over 30% (albeit the different 
displacements). Load-displacement plots for all series are shown in Figure 18. Within 
the different series, the specimens differ in their surface treatment. For the sake of 
clarity, only two curves are labelled exemplarily. 
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Figure 18. Load-displacement plots (averaged curves) for all tests of series 1, 2 and 3 (left) and series 
4, 5 and 6 (right). 

It is noteworthy that with greater pyramid size a higher COF was reached and thus a 
higher load-carrying capacity. However, the greater pyramid sizes led to lower stiff-
nesses. In general, it can be stated that higher stiffnesses were reached with less pro-
truding surfaces (see also series 4). This might be because with the flat surfaces imme-
diately full contact between the surfaces was reached, whereas the rougher surfaces 
needed some initial displacement to interlock. 

The observed failure modes for series 1-4 were either a tensile failure of one or more 
screws in the shear plane or a withdrawal of the screws from the softwood members. 
For the series 5-7, with significantly higher ultimate loads, also compressive failure of 
the connector plates was observed. Furthermore, large displacements of the connect-
ors were observed for these series. After opening the test specimens, clearly visible 
plastic hinges close to the shear plane were noticed (Figure 19). Another failure mode 
for series 6 and especially series 7 was compressive failure perpendicular to the grain 
of the timber members. Because of the large number of screws on the relatively small 
area, high contact pressure perpendicular to the grain occurred under the connector 
plates. 

 
Figure 19. Plastic deformation of screws 6x200 (left) and 8x300 (right). 
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Table 3. Ultimate loads and stiffnesses and corresponding density (mean values). 

 Surface No. of 

tests 

No. of  

screws 

Screws 

[mm] 

Density 

[kg/m³] 

FV,test  

[kN] 

ks  

[kN/mm] 

S1 Untreated 3 5 5x100 468 40.5 ± 0.8 16.7 ± 0.9 

S1 Sanded 3 5 5x100 473 50.3 ± 1.6 16.3 ± 2.9 

S1 Sandblasted 3 5 5x100 477 50.6 ± 1.7 17.9 ± 2.5 

S1 EpoxyTape 0.1 mm + sand 3 5 5x100 465 57.8 ± 1.2 13.6 ± 0.7 

S1 EpoxyTape 1.0 mm + sand 3 5 5x100 480 52.3 ± 2.3 11.4 ± 0.7 

S1 Griptape 3 5 5x100 486 39.0 ± 2.1 11.4 ± 0.9 

S1 Pyramid pattern 1.0 mm 3 5 5x100 440 52.9 ± 4.0 15.6 ± 0.8 

S1 Pyramid pattern 1.5 mm 3 5 5x100 446 53.4 ± 1.3 12.2 ± 0.7 

S1 Pyramid pattern 2.0 mm 3 5 5x100 438 52.8 ± 2.1 11.0 ± 1.0 

S1 Circular grooves 3 5 5x100 477 49.9 ± 0.2 14.7 ± 1.4 

S2 Pyramid pattern 1.0 mm 5 5 5x100 455 49.1 ± 3.8 14.1 ± 2.5 

S2 Pyramid pattern 1.5 mm 5 5 5x100 461 47.8 ± 5.4 15.0 ± 3.2 

S3 Pyramid pattern 0.5 mm 5 5 6x180 445 84.5 ± 5.3 17.8 ± 1.2 

S3 Circular grooves 5 5 6x180 464 80.0 ± 2.0 17.7 ± 1.8 

S4 Pyramid pattern 0.5 mm 5 15 6x100 453 153 ± 3.9 34.0 ± 3.5 

S4 Embossed pattern 5 15 6x100 444 140 ± 2.9 42.6 ± 9.0 

S5 Embossed pattern 3 15 6x200 429 185 ± 11 37.4 ± 3.8 

S6  Pyramid pattern 0.5 mm 2 12 6x200 476 173 ± 8.5 33.3 ± 2.4 

S7  Pyramid pattern 1.0 mm 3 20 8x300 440 496 ± 4.9 80.1 ± 4.3 

 
5.3 Analytical model for load-carrying capacity 

The analytical model to calculate the load-carrying capacity is based on equation (1). 
Contrary to Eurocode 5, the effective number of axially loaded screws is set to nef = n. 

V,exp ef ax (cos sin )F n F        (1) 

The withdrawal capacity Fax is calculated with equation (2) given by Blass et al. (2006): 

0.9 0.8
ef

ax

0.6

1.2 cos² sin²

d
F



 

  


 
 [N] (2) 

For the first tests with five screws  = 100 mm (series 1 and 2) the model predicts the 
ultimate load quite well. The mean ratio of test load to expected load FV,test/FV,exp is 1.0. 
For the tests with 15 screws  = 100 mm (series 4) the mean ratio is 1.1. However, for 
the tests with longer screws, which were designed to exceed the tensile capacity, the 
model’s prediction of the load-carrying capacity is too high, see the blue markers in 
Figure 20. However, it was observed during the tests, that the test load is reached at 
quite large deformations. Therefore, the friction tests were re-evaluated to match the 
displacements in the shear plane. The adjusted COF µadj (i.e. the COF evaluated at the 
same displacement as was reached in the corresponding push-out tests) is between 80 
and 90% of the static COF. The expected load calculated with the adjusted COF is closer 
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to the test load. However, the model still overestimates the load-carrying capacity, es-
pecially for the tests with longer screw lengths (red markers in Figure 20). 

On closer examination, plastic hinges in the screws were observed, due to the large 
deformations (see Figure 19). This led to the assumption of bending moment-normal 
force-shear force (MNV) interaction. To check for MNV interaction, equation (3) is ap-
propriate, which was presented by Blass et al. (2017). As long as the interaction rela-
tionship according to equation (3) is maintained, the design equations according to 
Eurocode 5 can be used. If the conditions are not met, the properties of the dowel-
type fastener must be reduced accordingly. 

2

y tens

1
shear

M N V

M f f

 
   
 

 (3) 

With the normal force N in the screw and the allocation of area of the screw’s circular 
cross-section, the simultaneously acting moment M can be calculated. If these values 
are put into equation (3) together with the yield moment My and the tensile strength 
ftens, the utilisation rates for series 6 and 7 are greater than 1.0. The shear force is here 
neglected: on the one hand, the screws are almost exclusively subjected to tensile load 
due to the inclined arrangement and on the other hand, the plastic hinges are very 
close to the shear plane, due to the clamping effect in the DVW. Thus, according to 
equation (3), it has also been analytically proven that not the entire cross-section of 
the screw is available for the tensile load. It is therefore suggested to reduce the tensile 
capacity of the screws. If the ratio of the actually existing normal force N to the maxi-
mum possible normal force Ftens is evaluated, a mean value of 0.9 results. The average 
ratio of test load to the expected load with the adjusted COF and the reduced tensile 
strength is 1.04 ± 0.1 and the coefficient of determination has also increased signifi-
cantly to R² = 0.98 (green markers in Figure 20). 

To simplify the model, the dynamic COF (µdyn) instead of the static COF was used in 
equation (1), where the dynamic COF was calculated as the ratio of the friction force 
during sliding to the applied normal force. The mean values for the dynamic COF for 
the different surfaces are distinctively smaller and were as low as 50% of its static coun-
terparts. The mean ratio of FV,test to FV,exp is now significantly higher than 1.0, especially 
for the tests with short screws, where tensile failure was not decisive (black markers in 
Figure 20). Table 4 shows the progress of the mean ratio of test load to expected load 
for the different COF: static, adjusted and dynamic. 

Table 4. Ratio of test load to expected load for different COF (mean values). 

COF Series 1 Series 2 Series 3 Series 4 Series 5 Series 6 Series 7 

µstat 1.02 0.87 0.91 1.05 0.97 0.76 0.91 

µadj 1.00 1.07 1.01 1.11 0.97 0.83 0.94 

µdyn 1.18 1.13 1.09 1.22 0.97 0.95 0.95 

µadj + 0.9·ftens 1.05 1.10 1.12 1.11 0.97 0.93 0.97 
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Figure 20. Test versus model for load-carrying capacity (left) and stiffness (right) of inclined screws. 

Further failure modes discussed in chapter 5.2 also have to be considered, i.e. com-
pressive failure perpendicular to the grain of the timber members as well as the load-
carrying capacity of the connector itself. Thus, the capacity of the connection with 
inclined screws and increased shear plane friction results in the minimum of equa-
tion (4): 

ax adj

tens adj

V,inclined V,connector

c,90,header c,90,header c,90,header adj

( sin cos )

0.9 ( sin cos )

mi

1

tan

n

n F

n F

F F

A f k

  

  




   

    


 


      

  

 (4) 

Where n number of screws 

 Fax withdrawal capacity of the screws 

 Ftens tensile capacity of the screws 

 µadj adjusted coefficient of friction 

  angle of the inclined screws towards the connector plane 

 FV,connector load-carrying capacity of the connector     
  (i.e. compressive strength depending on material)  

 Ac,90,header effective contact area of header loaded perpendicular to grain 

 fc,90,header compressive strength perpendicular to grain of the header 

 kc,90,header coefficient for compression perpendicular to grain 
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5.4 Analytical model for stiffness  

To estimate the stiffness for connections with inclined screws taking the friction into 
account, Blass & Steige (2018) derived equation (5), where kax,1 and kax,2 are the stiff-
nesses of the screw in the two connected parts, depending on the respective penetra-
tion depths. 

2

inclined

ax,1 ax,2

cos (1 tan )
1 1

K n

k k

    
 



 (5) 

where n number of inclined screws 

 kax axial stiffness of the screws 

 µ coefficient of friction 

  angle of the inclined screws towards the shear plane 

The axial stiffness can be calculated with equation (6), proposed by Blass & Steige 
(2018). The equation is derived analytically and based on 290 tests with varying param-
eters. 

0.4 0.4 0.3
ax ef m0.48k d      [kN/mm] (6) 

For the two parts kax,1 and kax,2 of the total stiffness of the screw, different penetration 
lengths have to be considered. Equation (6) can be used to determine kax,1, the stiffness 
of the part in the softwood. However, using the same equation for calculating the axial 
stiffness of the part of the screw in the connector leads to too high stiffnesses and the 
overall stiffness of the connection Kinclined is overestimated. This is because the screw 
sits only loosely in the connector with some hole clearance. That is why it is suggested 
to use a calibrated value of 3.5 kN/mm for kax,2. The good fit of the model shows with 
the ratio of test stiffness to expected stiffness ranging from 0.65 to 1.76 and a mean 
value of 1.07 (blue markers in Figure 20). Alternatively, and analogous to ETAs for sys-
tem connectors, the stiffness can be calculated by dividing the estimated load-carrying 
capacity by a fixed displacement u. For the tests with screws  = 100 mm a displace-
ment of u = 4 mm is suitable, while for the tests with screws  > 100 mm a displace-
ment of u = 5 mm is suitable (red markers in Figure 20). The ratio ranges here from 
0.72 to 1.95 with a mean value of 1.17. 

6 Conclusions, relation to EC 5 and outlook 
The following conclusions can be drawn from the study: 

- The scatter of experimentally determined friction coefficients for wood on wood 
is rather high, independent of the test setup and the chosen parameters. 

- Based on a mean COF of 0.48 for softwood on softwood from the literature, the 
value of a characteristic µ = 0.25 as given in Eurocode 5 seems quite reasonable. 
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- The tests to determine the COF of the different surfaces showed that higher than 
usual COF can be obtained with easy to accomplish surface treatments. All ex-
amined surfaces led to higher COF than aluminium, which is mostly used for sys-
tem connectors (only exception being the tests with griptape). 

- In case coating as surface treatment is applied, the optimal solution would be a 
thin adhesive layer for better bonding and a small grain size for high COF 

- The tests with the milled pyramid pattern showed high static COF for larger pyr-
amids and high stiffnesses for smaller pyramids. Therefore, if a high stiffness is 
needed, small protruding surfaces should be chosen. And if a high load-carrying 
capacity is needed, surfaces with larger protruding surfaces should be chosen. 

- The tests with the sheet metals showed significantly higher COF than tests with 
normal steel (see literature review). This shows the potential for such surface 
treatments for all kinds of connectors made of steel/metal, e.g. joist hangers, 
angle brackets, hold-downs, etc. 

- The tests with inclined screws and simple connectors proved the applicability of 
the examined surfaces in an assembly situation. An effective interaction of 
treated surface and inclined screws could be established. 

- The push-out tests furthermore revealed additional failure modes which should 
be considered for connections with inclined screws: (i) a reduction of the tensile 
capacity of the screws due to bending moment-normal force interaction and (ii) 
compressive failure perpendicular to the grain of the timber parts underneath 
the connector plate. 

The load-carrying capacity for connections with inclined screws (45°) and a COF of 

µ = 0.25 as given in Eurocode 5 results in V ax1.25 / 2F F  , according to equation (1). 

If a milled surface with a pyramid pattern with a characteristic COF of µstat = 0.79 is 
chosen, the load-carrying capacity for the same connection is more than 40% higher. 
Conversely, this also means, that fewer fasteners are needed in order to reach the 
same load-carrying capacity as before. 

As mentioned before, series 6 and 7 were tests with prototype connectors. A compar-
ison of the characteristic load-carrying capacity of currently available system connect-
ors, with similar dimensions as the specimens in series 6 and 7, shows a significant 
increase in load-carrying capacity for connectors with treated surface and inclined 
screws. This is confirmed to a great extent by the ultimate load per screw (see Table 5). 

To further simplify the evaluation of the COF it should be considered to use either the 
static or dynamic COF, instead of the adjusted COF. Because of the much lower dy-
namic COF, a reduction of the tensile strength of the screws would no longer be nec-
essary. With a mean ratio of test load to expected load of 1.15 the correlation between 
tests and model is quite good (R² = 0.96). However, for all cases where the tensile ca-
pacity is not decisive, the use of the dynamic COF would largely underestimate the 
load-carrying capacity. Alternatively, if the static COF is used in the model, the tensile 
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strength of the screws should be reduced to 75%, for an adequate fit of the model. 
Here the mean ratio of test to model is 1.16 and the coefficient of determination 
R² = 0.98. However, now the model would overestimate the cases with short screws, 
where the withdrawal capacity is decisive.  

 
Table 5. Comparison of characteristic load-carrying capacities and customary system connectors. 

Connector Width 

[mm] 

Height 

[mm] 

Depth 

[mm] 

Screw type 

[mm] 

No. of screws FV,k
1) 

[kN] 

Load per screw 

[kN] 

Series 6 110 220 25 6x200 24 1542) 6.4 

Pitzl HVP 88425 120 250 15+15 8x200 20 93.3 4.7 

Sherpa XL 55 140 250 16+16 8x200 18 81.9 4.6 

Series 7 140 558 50 8x300 40 3302) 8.3 

Pitzl HVP 88555 140 550 15+15 8x300 56 395 7.1 

Sherpa XXL 280 140 570 16+16 8x2003) 54 349 6.5 
1) for glulam GL 24h 

2) 5th-percentile according to EN 14358 with ks(n) = 2.1 

3) max. allowed screw length according to ETA-12/0067 
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DISCUSSION 

The papers was presented by S Aurand 

R Jockwer asked about lower residual coefficient of friction after slip in the pyramid 
pattern and asked about ductility.  S Aurand said the behaviour is ductile in general.  
He did not observe failure of the pyramid pattern and did not observe any clear drop 
of friction forces. 

P Dietsch commented that the large pyramids might reduce risk of influence of large 
moisture changes.  He asked if there is interest to study influence of changing 
moisture content.  S Aurand replied that moisture issue is not part of the project and it 
may be considered in the future. 

P Dietsch asked which is the optimal solution based on production, performance and 
sustainability issues.  S Aurand replied that milled pyramids are work intensive to 
produce; nevertheless, replacing aluminium with a more environmentally friendly 
option is a good solution. 

I K Abeysekera and S Aurand discussed DVM availability in the market.  DVM is used in 
other industrial applications and can be milled. 

C Sigrist commented on the competitiveness of aluminium connections with respect to 
its advantages.  H Blass responded that the aluminium connections have 
disadvantages say with respect to mounting etc.  The system overcomes these issues. 

A Frangi and P Palma commented that DVM and aluminium connections were 
considered from the fire performance perspective.  Replacing the aluminium 
connections with DVM is a good idea for fire performance.  S Aurand agreed. 

S Aicher commented that dovetail aluminium connectors allowed small uptake of 
normal forces and asked if such issues have been considered.  S Aurand stated during 
the development of prototypes, tests were done with other loading conditions.  For 
example, they did not observe any issue with moment but this paper only deals with 
friction.E Ussher asked about ductility as timber connections typically rely on the 
metal to provide ductility.  He asked whether shrinkage could be an issue.  A Aurand 
replied that wood also has ductility from the compression.  H Blass also replied that 
DVM do not shrink nor swell as they are saturated with resin. 

O Sisman asked about which failure modes are more ductile and asked about using 
this in vertical joint.  For CLT walls, S Aurand said the screw withdrawal and wood 
failure with perpendicular orientation seemed to be more ductile.  H Blass replied that 
his connector was not intended to provide ductility for seismic applications and load 
slip graphs are available in the paper. 

P Dietsch commented that page limit being exceeded in the paper. He would be open 
to discuss the current limit with INTER but a set limit  will be more strictly enforced in 
the future. 
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1 Introduction  
Societal demand on sustainable buildings motivates timber as construction material. 
Actually, deciduous tree species (hardwoods) play a minor role in timber engineering 
despite their considerably increasing harvest stock, not only in Europe. The substitu-
tion of softwood by new hardwood products for structural purposes is needed and 
under development. Consequently, rules for execution and design of joints established 
for softwood must be adapted as well. With focus on the dowel-type fastener self-
tapping timber screw, applications in hardwood usually coincide with distinctively 
higher insertion moments but also higher capacities and stiffnesses. In respect to the 
insertion moment, EAD 130118-00-0603:2016 forces a ratio of ≥ 1.5 between the char-
acteristic (5 %) torque of the screw and the mean value of maximum insertion moment 
(along the maximum inserted length). This demand remarkably restricts deep insertion 
of self-tapping screws in dense hardwood products. So, for common screw types ap-
plied in hardwood pre-drilling is required (e.g. ETA-12/0114:2017, ETA-11/0190:2018, 
ETA-11/0027:2019, ETA-12/0062:2019, ETA-12/0197:2019), at least at longer penetra-
tion length and/or for larger diameters (e.g. ETA-11/0030:2019, ETA-12/0063:2019, 
ETA-19/0175:2020, ETA-19/0553:2020, ETA-20/0558:2020). Recently, self-tapping 
screws explicitly for applications in hardwood became available: apart from screw type 
RAPID®hardwood, regulated in ETA-12/0373:2020, also other screw types are ap-
proved for applications without pre-drilling, e.g. in beech-LVL according to EN 
14374:2005 and/or ETA-14/0354:2018 (e.g. ETA-11/0030:2019, ETA-11/0190:2018 
and ETA-20/0558:2020). 
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With a look on the global scale, screws applied in hardwood are commonly laterally 
loaded, e.g. Draft Malaysian Standard:2017, or, in its real high capacity vantage, axially 
loaded, as it is common in Europe. Design standards like EN 1995-1-1:2014 (EC 5) or 
SIA 265:2012 as well as diverse European Technical Approvals/Assessments (ETAs) pro-
vide regulations separately for both lateral and axial loading whereas for the latter a 
tighter group design is allowed.  

With focus on joints of axially loaded screws, classification can be made in respect to 
the angles between the screw axis and the grain, α, and between the screw axis and 
the loading direction, γ; see Figure 1. In case of α = γ, the outer (steel) members take 
off when screws are loaded, enabling a free (unrestricted) surface deformation of the 
timber member. For joints with inclined screws and α ≠ γ, between inner and outer 
members friction is activated which restricts the surface deformation. Blaß et al. (2006) 
classify such joints as being primary axially loaded for α ≤ 45°. Krenn (2017) propose to 
consider lateral loading at α ≥ 60° and Gehri (2010) defines α ≤ 60° as brittle and 
60° < α ≤ 75° as ductile. Due to the increasing risk of splitting in conjunction with an 
increasing share of lateral load, joints of inclined screws with α > 45° are seen as critical 
and regulations for laterally loaded screws should be considered as well.  

α = 0° 0° < α < 90° α = 90° parameters 
end-grain ten-
sion joint, γ = α 

 

hanger with angle to 
grain, γ = α 

 

tension lap joint, 
γ ≠ α 

 

hanger perp.-to-grain, 
γ = α  

  

Figure 1.  (left) overview of joints with primary axially loaded groups of screws classified in respect 
to the thread-grain angle α and the load-grain angle γ; (right) main parameters. 

The stress distribution of the joint is influenced by the joint type, angles (α, γ), member 
dimensions and group arrangement, determined by minimum edge and end distances, 
a1,CG and a2,CG, spacing parallel and perpendicular-to-grain, a1 and a2, member thick-
ness t and point-side penetration length lpe as sum of embedment length lemb and ef-
fective thread length lef. The all are key parameters for the overall behaviour of the 
joint, e.g. the resistance, stiffness, ductility and failure mode. In respect to edge and 
end distances care has to be taken as some ETAs, in contrast to EC 5, provide explicit 
regulations for purely axial loading, which leads to the fact, that member ends and 
edges are treated unloaded, i.e. a1,CG = a3,c and a2,CG = a4,c.  

There is a number of different joint failure modes which are further differentiated in 
(i) failure modes sufficiently determined by single fastener properties in conjunction 
with the effective number of screws in the group, nef, usually referred to as ductile 
failure modes (what is considered questionable in the case of axially loaded screws), 
e.g. withdrawal, steel tension, head pull-through and buckling, and (ii) failure modes 
which cannot be derived from the individual screw parameters alone and which are 
frequently described as brittle joint failure modes, e.g. failure of the net cross section, 
splitting as well as row, plug and block shear; see e.g. Mahlknecht & Brandner (2019).  

lef

ltip

lemb

l lpe

d
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In respect to (i), models for calculating the withdrawal strength, fax, or capacity Fax of 
screws applied in hardwood, are provided in e.g. Hübner (2013), Brandner et al. (2019) 
and Westermayr & van de Kuilen (2019; 2020), and values for the characteristic capac-
ity of screws in tension, ftens,k, are given in ETAs. Consequently, for a specific joint design 
the selection of the effective thread length, lef, decides the failure mode in group (i) 
Thereby, for hardwood species steel failure can be expected already at shorter lef than 
for softwood. Consequently, the preferred screw tension failure mode, associated also 
with much lower uncertainties, is easier to achieve. However, apart from better pre-
diction there is no further benefit in the design, e.g. by a lower partial safety factor γM, 
i.e. EC 5 does not differentiate between joint types nor failure modes. However, for a 
number of applications much higher ratios of lef / d are required, e.g. in hangers (lpe / H 
≥ 0.7), in tension lap joints (required overlap between opposite screws in the member 
center) and for reinforcements. As also the insertion moment increases with increasing 
lef and density, pre-drilling and/or the use of partially-threaded screws might be advan-
tageous, also in respect to ductility.  

More generally spoken, European standards like EC 5 or SIA 265:2012 provide a frame-
work with minimum geometric and execution requirements as well as design proce-
dures for most but not all of the possible failure modes but request to verify all of them 
at ultimate limit state (ULS). There is widely convergence between these two stand-
ards. Differences are only given in respect to spacing perpendicular-to-grain and re-
quirements for pre-drilling of screws used in hardwood. As already mentioned before, 
there are a number of ETAs which also regulate the application of screws in hardwood. 
Their design and execution rules partly go beyond code regulations, e.g. in case of axi-
ally loaded screws by allowing shorter minimum spacing parallel and perpendicular-to-
grain {a1; a2; a3,c; a4,c} ≥ {5; 2.5; 5; 3} as long as a1 ∙ a2 = 25 d².  

Although the characteristic properties of single screws were tailored for hardwoods, 
this is usually not the case for the geometric minimum requirements. Actually, the min-
imum spacing, distances and member thicknesses in ETAs have to be (partly) deter-
mined according to EAD 130118-01-0603:2016 by evaluating crack surfaces after con-
ducting insertion tests perpendicular-to-grain. This procedure, so far not tailored for 
hardwood, should secure a reliable joint execution, but misses a direct relationship to 
the performance of screws when loaded. However, both insertion and loading gener-
ate stresses perpendicular-to-grain provoking local cracking as initiator of most failure 
modes, in particular of type (ii). Consequently, a set of minimum geometric require-
ments able to limit cracks has the potential to control also the failure modes.  

Looking more specific to the different joint types and current regulations it is found 
that EC 5 limits the application of axially loaded screws to α ≥ 30°, whereas 
SIA 265:2012 and diverse ETAs even allow the execution of end-grain joints. Further, 
EC 5, SIA 265:2012 and all mentioned ETAs demand for all groups of screws which are 
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also axially loaded nef = n0.9. However, in case of 30° ≤ α ≤ 60° and α ≠ γ some ETAs al-
low nef = max{n0.9; 0.9 n}, partly with n as number of screws in a row parallel-to-grain 
and partly with n as the entire number of screws in a commonly acting group.  
The efficiency of joints is usually discussed by means of utilisation ratios η, commonly 
defined as ratio between the resistances of joint and timber member at its gross cross 
section. In end-grain joints the number of fasteners in a group is limited by the mem-
ber’s cross section and the capacity of screws in tension. Any brittle failure mode of 
group (ii) further limits the overall capacity; see e.g. Obermair (2014), Grabner & Ring-
hofer (2014), Koppauer (2017), Eckerstorfer (2017), Meyer & Blaß (2018), Wester-
mayer & van der Kuilen (2019), Brandner (2019), Franke et al. (2019) and Meyer 
(2021). Consequently, to optimise the capacity in end-grain joints, a tight joint design 
with minimised spacing and edge distance and a maximised steel capacity by prevent-
ing brittle failure modes are needed, latter due to additional minimum geometric and 
execution conditions and/or reinforcements.  

For such a tight joint design in hardwood, Koppauer (2017) outlines the necessity of 
pre-drilling; to achieve failure modes (i) in beech glulam he recommends a2 = a2,CG = 
3 d in conjunction with lemb ≥ 8.3 d; see also Brandner (2019). The positive effect of lemb 
was already earlier reported in Grabner & Ringhofer (2014) and confirmed later in 
Westermayer & van der Kuilen (2019) and Meyer (2021) who demonstrated a reduced 
risk for splitting at lemb ≥ 5 d by testing joints in glulam of birch, beech and beech-LVL.  

In contrast, investigations on axially loaded screw joints in hardwood with α = 90°, e.g. 
hangers, or inclined screws, e.g. tension lap joints, the number of previous are rather 
limited. Schiro et al. (2018), for example, conducted shear-compression tests on lap 
joints with four inclined screws on each side (d = 10 mm; α = 45°; a1 = 7 d) and with 
beech-LVL (t = 40 mm; ETA-14/0354:2018) as outer members. Although partially 
threaded, the thread length in conjunction with the head pull-through resistance of 
screws in combination with washers were sufficient to observe screw tension failure.  

Considering all this previous information as summary of current state-of-knowledge 
and state-of-the-art, there are still a number of open or insufficiently elaborated ques-
tions from execution to design even for these relatively simple joints of primary axially-
loaded screws in hardwood, which motivates the publication presented here. Based 
on a number of comprehensive investigations conducted on single screws and screwed 
joints in hardwood products over the last years, the aim is to summarise and conclude 
what is available for execution and design of joints.  

2 Materials and Methods 
2.1 Materials 
Further reported data origin from tests, which were conducted on two diffuse porous 
hardwood species, namely beech (Fagus sylvatica; BE) and birch (Betula pendula; BI). 
The selection of these two species was motivated by their availability, i.e. stock volume 
in Central and Northern Europe, and their suitability to be used for structural purposes. 
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The raw material of birch from Hasslacher Norica Timber in Sachsenburg (A) had a 
thickness of 42 mm and featured facultative heart wood in most of the planks. The 
beech sideboards from Pollmeier Furnierwerkstoffe GmbH in Creuzburg (D) with thick-
nesses 52, 63 and 78 mm were graded as superior quality, featured no facultative heart 
wood and was widely free of any local growth characteristics like knots or checks. To 
build up specimen of required dimensions, after conditioning the raw material at 
20°C / 65 % rel. hum. for a couple of months, side-face gluing of boards was performed 
in institutional own laboratory by means of a two-component melamine adhesive 
(DYNEA; adhesive prefere 4546; hardener prefere 5022). Apart from thereby produced 
glulam specimen also beech-LVL according to ETA-14/0354:2018 was used.  

Two types of screws were tested: the RAPID®hardwood (ETA-12/0373:2017), a self-
tapping, partially-threaded screw, with nominal diameter d = 8 mm and total 
screw / thread length of 400 / 100 mm and of 396 / 300 mm (α = 90°), 240 / 100 mm 
(α = 90° and 0°), and of 160 / 100 (α = 45°). The second type was ASSYplus (ETA-
11/0190:2018), a fully threaded, self-tapping screw with d = 10 mm and total length of 
400 mm. Note: the second type was solely applied for α = 0° and screw tension failure 
as target failure mode.  

2.2 Methods 
2.2.1 General settings 

The investigations cover a wide range of joint types, from end-grain joints with 
α = γ = 0° to hangers loaded perpendicular-to-grain with α = γ = 90°, both allowing free 
surface deformation, as well as tension lap-joints with inclined screws (α = 45°; γ = 0°). 
For these tension lap-joints failure behaviour and corresponding geometric parame-
ters can be partly transferred from other tests by applying trigonometrical relations, 
thus, one focus in these investigations was rather on the loaded end distance a1,CG.  

The overall targets of all these investigations were (1) to check the applicability of min-
imum geometric requirements, in particular a1, a2, lef and lemb, as currently anchored in 
EC 5 and diverse ETAs or even of further reduced settings, also for joints in hardwood, 
(2) to identify corresponding failure modes and relations between different settings of 
these geometric parameters, as well as (3) to find feasible/practicable geometric and 
execution requirements to reach the target or at least easy to handle failure modes (i), 
i.e. withdrawal and screw tension failure.  

Apart from geometric parameters also the group size n and arrangement of screws in 
groups were varied to an extend that was possible with regard to the test equipment 
and the maximum capacities of used facilities. Equal loading of all screws in the group 
was realised by applying a torque, i.e. by pre-tensioning the screws. In case of steel-to-
timber joints (α = 0° and 90°) thick steel-plates were applied which allowed to limit the 
maximum deformation differences between two farthermost screws in the group to a 
minimum (< 0.1 mm). Furthermore, in the same groups pure loading in tension was 
realised by bi-directional hinge chains on both ends of the specimen. 
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The applied test procedure followed the regulations in EN 26891:1991. In case of tim-
ber failure modes, the crack pattern was analysed in detail, e.g. by cutting the speci-
men after testing at specific positions, and the information obtained from this com-
pared with the information from the load-deformation diagram.  

To have adequate reference withdrawal properties for evaluation of the group perfor-
mance also single screw tests according to EN 1382:1999 were performed; this by 
means of a push-pull test setup for α = 45° and 90° series and a pull-pull test setup for 
series α = 0°. The tension capacity of the partially threaded screw type 8 × 396 / 300 
was determined from six tension tests according to EN 1383:2016.  

The joint performance was evaluated in comparison to the performance of the single 
fasteners, among others based on the effective number of commonly acting screws, 
nef, as ratio between group resistance Fmax and the withdrawal or steel capacity of sin-
gle screws, Fax or ftens, multiplied by n. To have the best estimators for statistics of the 
performance of single joints, in test series with α = 0° realised as pull-pull setup with 
two identical joints on both member ends, representing a serial system of two compo-
nents, the Maximum Likelihood Estimation technique for right censored data (MLErc) 
was applied; see Benjamin & Cornell (1970). Thereby lognormal distributed strengths 
were assumed. In case of timber failure modes, dependency between the timber prop-
erties at both specimen ends was considered; because of the high timber quality at the 
joints by a correlation coefficient of 0.7, see Brandner et al. (2015) and Brandner 
(2018). MLErc was also applied to estimate statistics for specific failure modes in series 
featuring mixed failures. For a better comparison of the lot of test series despite ob-
served density variations, the test data is multiplied with the factor (ρref,species,mean / ρi)1.6 
according to Brandner (2019) with ρref,BI,mean = 590 kg/m³, ρref,BE,mean = 730 kg/m³ and 
ρref,BB,mean = 780 kg/m³.  

2.2.2 End-grain joints (α = γ = 0°) 

The investigations on end-grain joints are separated in two groups: the first group of 
new test series represents a follow up from the works of Koppauer (2017) and Ecker-
storfer (2017) who tested beech glulam and LVL; see also Brandner (2019). The ap-
plicability of their findings and suggestions, e.g. lemb ≥ 10 d, a2 = a2,CG ≥ 3 d for beech 
glulam and a2,paral-to-layer = a2,CG ≥ 3 d together with a2,perp-to-layer ≥ 4 d for beech-LVL, was 
checked also for birch glulam by applying the same settings as in the previous works.  

In the second group of test series, aiming on increasing the efficiency of end-grain 
joints and based on previous works of Obermair (2014) and Grabner & Ringhofer 
(2014), end-grain joints of up to n = 12 fully-threaded screws of d = 10 mm were inves-
tigated in birch and beech glulam with lef to provoke screw tension failure in combina-
tion with a tight spacing a2 = 2.1 d and lemb = 10 d.  

In both groups all screws were applied pre-drilled, with a pre-drill diameter along the 
total lef of dPD = 6 and 7 mm and along lemb of dlemb,PD = 8.5 and 10 mm, respectively, for 
d = 8 and 10 mm screws. The test setups are schematically shown in Figure 2 (a) & (b) 
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and the test series together with their main parameters are listed in Table 1. Further 
details are provided in Schweiger (2021) and Oboril (2021).  

2.2.3 Hangers loaded perpendicular-to-grain (α = γ = 90°) 

The representation of girders as classical hangers loaded perpendicular-to-grain under 
realistic conditions would request a span of at least six times the member depth; this 
to allow load spreading and to avoid influences from supports. Variation of parameters 
would consequence resource intense research. Hence, Mahlknecht & Brandner (2019) 
suggest a test setup with near supports to reduce the demand on material. So for a 
first group of series hangers with cross section B x H and support distance Lsup-dist are 
tested in the configuration with near supports (90n). The aim was to check a number 
of geometric parameters and their influence on the performance of the joints and cor-
responding failure modes. With the target to obtain failure modes withdrawal and/or 
screw tension failure in the group, tests at various spacing a1 and a2 and penetration 
length were conducted on beech boards and glulam. Thereby, also the failure modes 
associated with minimum spacing according to diverse ETAs, with {a1; a2} / d = {5; 5}, 
and, due to available testing facilities, spacing close to diverse ETAs (spacing cETA), 
with {a1; a2} / d = {7.5; 2.5} and a1 ∙ a2 = 19 d², were investigated. This group of test se-
ries comprised also tests in beech boards with three screws arranged in one row and 
screwed through the boards, with spacing a1 = 5 d; here, the specimen thickness 
t = 49 mm does not fulfil the required minimum member thickness tmin. Found mini-
mum spacing for withdrawal failure from tests in beech as well as spacing cETA are 
additionally reviewed also for birch glulam and beech-LVL, the latter with insertion of 
screws perpendicular to the veneers (radially).  

In the second group of test series an adapted test setup for single span girders made 
of beech glulam and LVL as well as birch glulam (90d) was applied and only a limited 
number of parameters varied. For a comparison with outcomes from tests with near 
supports again the spacing cETA together with lef = 7 d or lef = 10 d were tested. To fulfil 
the required ratio between penetration length and member depth of lpe / H ≥ 0.7, the 
embedment of screws was necessary. All screws were inserted with pre-drilling solely 
of lemb with demb,DP = 8.5 mm.  

Both setups are schematically shown in Figure 2 (c) & (d) and the series together with 
their main parameters listed in Table 1. More details are provided in Luef (2020). 

2.2.4 Timber-to-timber tension lap joints with single row of screws (α = 45°; γ = 0°) 

Given the available resources for tests on timber and screws, symmetric timber-to-
timber tension lap joints with one single row of three screws on each side and overlap-
ping screw tips in the center, as proposed by Krenn (2017), were investigated. The in-
ner members consisted of structural timber of beech or birch with cross section 
60 x 80 mm² whereas the outer members were made of beech-LVL (BauBuche Q; Z-
9.1-838:2018). The partially-threaded screws were inserted at α = 45° to the grain and 
additionally with β = 7° out of plane in order to avoid contact problems with opposite 
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screws in the center. To increase the resistance against head pull-through and for a 
more controlled loading washer (douter = 50 mm; dinner = 16 mm; t = 6 mm) and an angle 
washer 45° according to ETA-11/0190:2018 were applied. The aim was to check the 
applicability of a1 = a3,t = 5 d. As a consequence of available member, screw and 
washer dimensions, required overlapping, a2,CG and target failure mode withdrawal, 
for the inner members the following setting applied: lemb + lef = 1.5 d + 9 d. The screws 
were inserted non-pre-drilled solely at the length of lemb = 12 mm with demb,PD = 10 mm. 
The test setup is schematically shown in Figure 2 (e), the test series and their main 
parameters are listed in Table 1. Further details are provided in Mahlknecht et al. 
(2021) and Schweiger (2021).  

 
Figure 2.  Schematic overview of joints tested in end-grain with traget failure mode (a) withdrawal 

and (b) screw tension; hanger loaded perpendicular-to-grain with (c) near and (d) distant 
supports, and (e) tension lap joints. 

Table 1.  Test series on axially loaded (groups of) screws with α = 0°, 45° and 90° 
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10.8 
7.3 

EC5 

90n BB 9 7.5/7.5 0+7.0 185x160 240 2 817(-) 7.3  
90n BB 4 10.0/10.0 0+7.0 185x160 240 4 817(-) 7.1  
90n BE 9 5.0/5.0 0+7.0 138x138 180 6 675(4.7) 10.6 ETA 
90n BE 9 5.0/5.0 4.0+6.0 183x138 240 6 737(4.7) 10.4 ETA 

90n 
BE 
BI 
BB 

9 7.5/2.5 0+7.0 
138x92 

182x126 
185x160 

240 
6 
6 
4 

735(5.2) 
591(5.0) 
822(0.7) 

10.7 
11.1 
7.4 

cETA 
 

90n BE 6 7.5/2.5 0+12.0 138x138 180 6 693(4.7) 10.3 cETA 

90n BE 6 7.0/2.5 
5.0/3.5 0+15.01) 138x138 210 

180 
5 
6 

708(5.7) 
713(5.0) 

10.2 
10.5 

cETA 

90d 
BE 
BI 
BB 

9 7.5/2.5 24.0+7.0 104x360 2200 
3 
3 
3 

757(-) 
596(-) 
812(-) 

11.1 
10.8 
5.8 

cETA 

90d BE 
BI 9 7.5/2.5 24.0+7.0 144x360 2200 3 

3 
750(-) 
637(-) 

11.1 
11.0 

cETA 

90d BB 9 7.5/2.5 24.0+7.0 160x360 2200 3 794(-) 6.2 cETA 
90d BB 6 10.0/2.5 3.0+10.0 150x160 800 6 807(1.4) 6.7 ETA 
90d BI 6 10.0/2.5 6.0+10.0 160x178 800 8 612(1.0) 10.8 ETA 

45 BE 
BI 1 - 10.8 

10.8 
65x100 
80x100 

160 
134 

17 
18 

733(6.1) 
610(5.7) 

9.5 
10.7 

struct. timber 

45 BE 3+3 5.0/5.0 1.5+9.0 80x60 1000 6 696(5.8) 10.0 struct. timber, cETA 
45 BI 3+3 5.0/5.0 1.5+9.0 80x60 1200 6 594(5.5) 10.7 glulam, cETA 

90n … near support; 90d … distant support; BB … beech-LVL acc. to ETA-14/0354:2018; BE … beech; BI … birch; 
spacing and distances close to diverse ETAs (cETA), acc. to diverse ETAs (ETA) and acc. to EC 5 (EC5); 1) threaded 
length to provoke screw tension failure; 2) data of Eckerstorfer (2017) 

3 Results and Discussion 
Statistics of density ρ12 and moisture content u are already listed in Table 1.  

3.1 Analysis of observed failure modes 
In the group of failure modes (i), withdrawal failure mode (W) could be identified after 
the screw channel had been opened and even in unclear overall joint behaviour by 
shearing off of the fibers along lef. Initial cracking close to the surface caused by screw 
insertion was observed in test series 90n on joints without thread embedment 
(lemb = 0) as well as in corresponding single screw tests. These cracks further propa-
gated during axial loading. No initial cracking was observed in any of the single fastener 
and joint tests with lemb > 0. In case of screw tension failure (S), also group (i), all or 
almost all screws of the group failed within their free length.  

The classification of failure modes in group (ii), brittle failure modes, was done by an-
alysing cracks in cross cuts made at specific positions at the joint. In series 90n and 90d 
the most frequent observed failure mode was block shear (B) and/or a combination of 
block shear with tension perpendicular-to-grain (BP). In case of (B), cracks propagating 
in-grain (rolling shear) where visible in length along the outer rows of screws delimiting 
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the group and in depth corresponding to lef. In series 90d, with lemb = 24 d, cracks in-
grain were observed solely in depth of lef and not over lemb. In joints within series 90n 
featuring a2 = 5 d a similar crack was additionally observed at the middle row. In addi-
tion to the cracks corresponding to rolling shear failure, in case of (B) there was also a 
crack at the bottom of the group of screws, in depth of the screw tips (in glulam of 
beech and birch at lemb + lef and in beech-LVL at approximately 2 mm above lpe) and in 
width limited by the width of the group of screws, caused by the local exceedance of 
the tension perpendicular-to-grain resistance; see Figure 3 (B).  

In case of failure mode (BP), the tension perpendicular-to-grain crack at the plane of 
screw tips runs across the entire width of the specimen; see Figure 3 (BP). In some 
cases during testing internal cracking, although not visible from the outside, was acous-
tically perceptible and also detectable by short load drops in load-deformation curves. 
The intermediate maximum load recorded at such short load drops is further referred 
to load at first failure, F1st. However, formation of tension perpendicular-to-grain and 
rolling shear cracks usually occurred at the maximum (ultimate) resistance, Fmax. The 
tension perpendicular-to-grain failure mode (P) was characterized by a tension per-
pendicular-to-grain crack across the entire width of the specimen; see Figure 3 (P). As 
failure modes (P) and (BP) are clearly distinguishable, (BP) was further interpreted as 
block shear failure, followed by propagation of tension perpendicular-to-grain cracks. 

    
Figure 3.  Observed failure modes (ii): (R) row shear, (B) block shear, (BP) block shear combined with 

tension perpendicular-to-grain, and (P) tension perpendicular-to-grain  

In series 90d_BB_n9_cETA_l24+7_B160 another limit case between withdrawal and 
block shear failure (WB) mode was observed. Although the crack pattern indicates 
block shear failure, the course in load deformation curve and overall resistance indi-
cate withdrawal failure. At one test of series 90n_BE_n9_cETA_l0+7 with block shear 
failure tension perpendicular-to-grain crack partially followed the glue line, failure (K). 
Finally, in series 90n_BE_n3_a5_l0+6.1 row shear (R) was observed; see Figure 3 (R). 
Only one specimen of the tested end-grain joints failed by splitting (SP). The ultimate 
load of this specimen was higher than that of the remaining specimen of this series 
which all failed in withdrawal. 

3.2 Analysis of series with screw tension failure  
In herein tested joints, screw tension failure already occurred at lef ≥ 15 d. The param-
eters and main statistics of the corresponding test series are summarised in Table 2 

49
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56 15
0
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160
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and Figure 4. Neither for glulam of birch nor beech splitting failure was observed alt-
hough even rather tight group arrangements were tested, e.g. a2 = 2.1 d in combina-
tion with lemb = 10 d at α = γ = 0° and a1∙a2 = 17.5 d² at α =γ = 90°. Common action of 
screws and balanced loading is indicated as all screws of the group failed in tension, 
which consequences in a high nef,mean ≥ 0.99 n (note: because of the limited number of 
tests per series nef,05 is omitted). To be able to calculate nef,mean, the reference value for 
the average screw tension capacity of end-grain joints, Ftens,mean = 35.9 kN, was back 
calculated from the characteristic tension capacity as given in ETA-11/0190:2018 by 
assuming a coefficient of variation (CoV) of 5 % and by following the rules in 
EN 14358:2016.  

A high effective number of screws was reported also in Grabner & Ringhofer (2014) 
({a2; a2,CG; lemb} / d = {2.1; 3; 5}; n = 13; birch-LVL; nef,mean ≥ 0.92 n), Westermayer & van 
der Kuilen (2019) ({a2; a2,CG; lemb} / d = {2; 1.5; 6.4} n = 9; glulam of beech; not all screws 
of the group failed) and Meyer (2021) ({a2; a2,CG; lemb} / d = {2.5; 1.5; 5}; n = 4; beech-
LVL; failure of all screws). The reason for nef < n in these reports is seen in splitting 
failures as observed in some of the tests. Gehri (2010) proposes for ash glulam, based 
on {a2; a2,CG} / d = {4; 2.8} and n = 8, nef ≥ 0.85 n, even for joints without thread embed-
ment. Concluding, present results confirm the positive effect of lemb ≥ 10 d as proposed 
by Brandner (2019) to reach failure mode (i) and nef close to n.  

In series 90n screw tension failure occurred within the rolled thread which features 
much fewer surface discontinuities than the starting thread produced by means of flat 
die rollers, that part of the thread which usually determines the tensile capacity of 
screws, see Ringhofer (2017). Consequently, the capacity observed from joint tests is 
4 % higher than Fmax,n=1,mean = 36.5 kN (CoV[Fmax,n=1] = 0.6 %), which is in-line with re-
sults from screw tension tests explicitly conducted on both parts of the thread; see e.g. 
Ringhofer & Schickhofer (2019). 
Table 2.  Series with screw tension failure at α = γ = 0° and 90° 

series name containing  
characteristic identification  
parameters 
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0_BI_n12_cETA_l10+23 4S (i) 427(0.8) - 1.00 
0_BE_n12_cETA_l10+18 2S (i) 425(-) - 0.99 
90n_BE_n6_cETA-a7/2.5_l0+15 
90n_BE_n6_cETA-a5/3.5_l0+15 

5S 1W 
6S 

(i) 
(i) 

228(0.3) 
227(0.9) - 1.04 

1.04 

W… withdrawal, S… screw tension failure

 

 
Figure 4.  Load per screw 

vs. test series 

In assessing the efficiency of tested end-grain joints for glulam of birch via the utilisa-
tion ratio, in lack of tensile tests on tested timber specimen the characteristic tension 
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parallel-to-grain strength ft,0,k was assumed with 30 MPa according to data of Ober-
mair (2014). Consequently, for series 0_BI_n12_cETA_l10+23 the utilisation ratio was 
estimated with η05,gross = 0.98. Westermayer & van der Kuilen (2019) report of achiev-
ing a high efficiency for target screw tension failure with ηmean ≥ 0.80 for joints in glu-
lam of beech built up of rather low quality boards. 

3.3 Analysis of series featuring timber failure modes 
As in a number of test series more than one timber failure mode was observed, in the 
following all series featuring primary timber failures are presented and discussed to-
gether; see Table 3, Figure 5 and Figure 6. To be able to trace the data and observations 
in a very compact format, the following information is provided: failure mode and cor-
responding number of tests, statistics of ultimate load Fmax,mean / n per screw and 
CoV[Fmax], average load F1st,mean / n per screw and corresponding number of tests, 
mean value, τax,ref,mean, CoV[τax] and 5 %-quantile, τax,ref,05, of the axial shear stress per 
screw at ultimate load, adjusted to reference density, according to Eq. (1) for 
α = γ = 90° and 0° and according to Eq. (2) for α = 45° | γ = 0° (assumed friction coeffi-
cient µ = 0.25), as well as the effective number of screws based on mean values, 
nef,mean, and 5 %-quantiles, nef,05. Thereby, joints with pre-drilled embedment length, 
lemb > 0, are referenced to single data tested with lemb = 6 d for beech-LVL and glulam 
of birch and 4 d for glulam of beech, whereas joints without thread embedment 
(lemb = 0) are referenced to corresponding single screw tests. In Figure 5 and Figure 6 
the horizontal dashed lines represent the 5 %-quantile of single screw withdrawal re-
sistance whereas the dotted lines additionally consider the regulations for nef accord-
ing to EC 5 by multiplying these 5 %-quantiles with the factor knef = n0.9 / n.  

τax,i = Fmax,i ∙ (ρref,species / ρi)1.6 / (ni ∙ di ∙ lef ∙ π) (1) 

τax,i = Fmax,i ∙ (ρref,species / ρi)1.6 / (ni ∙ di ∙ lef ∙ π ∙ (cosα + μ ∙ sinα)) (2) 

In series featuring mainly withdrawal failures, τax,MLErc,mean and CoV[τax,MLErc] are esti-
mated from MLErc analysis and further used to discuss nef for the withdrawal failure 
mode, i.e. values of tests failing in modes others than withdrawal are treated as right-
censored. In series featuring mainly failure modes of group (ii), τax,mean, CoV[τax] and nef 
are calculated by considering all tests per series; thus calculated nef only serves for 
comparison of load levels.  

Table 3.  Test series featuring primary timber failure modes 

series names including main pa-
rameters 
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0_BE_n1_l3+11.5 
0_BI_n1_l6+11.5 
0_BB_n1_l8+10 

21W 
20W 
16W 

(i) 
28.7(16.3) | - 
15.3(11.6) | - 
26.4(9.5) | - 

12.6(9.4) 
6.7(10.1) 
12.9(7.4) 

- 
10.8 
5.6 

11.4 
- 
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0_BE_n19 (Eckerstorfer 2017) 6W (i) 26.1(15.2)1) | - 10.4(6.1) 0.83 9.41) 0.87 
0_BI_n19_ETA-a3/3_l10+11.5 6W (i) 15.5(4.6)1) | - 6.1(3.31) 0.91 5.81) 1.04 
0_BB_n19_ETA-a3-4/3_l10+11.5 5W 1SP (i) 24.7(3.1)1)2) | - 10.7(3.1)1) 0.83 10.21) 0.89 
90_BE_n1_l0+6.1 
90_BI_n1_l0+5.4 
90_BB_n1_l0+7.3 

21W 
20W 
20W 

(i) 
17.8(13.1) 
10.3(12.1) 
22.3(5.8) 

14.5(7.4) 
9.6(6.0) 

15.0(5.6) 
- 

12.8 
8.7 

13.7 
- 

90_BE_n1_l4+9 
90_BI_n1_l6+7 
90_BB_n1_l6+7 

20W 
20W 
20W 

(i) 
29.5(7.5) 

14.9(13.9) 
25.4(6.7) 

16.2(5.3) 
10.2(5.3) 
18.1(5.1) 

- 
14.9 
9.3 

16.7 
- 

90n_BE_n3_a5_l0+6.1 
90n_BE_n9_ETA-a5/7.5_l0+6.1 

5R 
2W 

(ii) 
(i) 

14.9(9.6) 
19.6(-) 

11.9(3.8) 
15.2(-) 

0.82 
1.05 

11.2 
- 

0.88 
- 

90n_BE_n9_EC5-a7/5_l0+7 
90n_BI_n9_EC5-a7/5_l0+7 
90n_BB_n9_EC5-a7/5_l0+7 

5W 1B 
5W 1B 

2B 

(i) 
(i) 
(ii) 

21.3(13.92) 

15.2(12.6)2) 

17.9(-) 

14.8(7.9)3) 

10.1(3.5)3) 
12.1(-) 

1.02 

1.04 

0.81 

13.23) 

9.53) 

- 

1.03 
1.09 

- 
90n_BB_n9_a7.5/7.5_l0+7 2B (ii) 19.1(-) | 116.2 12.6(-) 0.84 - - 
90n_BB_n4_a10/10_l0+7 4W (i) 23.5(3.2) | 118.2 15.5(3.5) 1.03 14.7 1.07 
90n_BE_n9_ETA-a5/5_l0+7 1W 5B (ii) 18.9(10.0) 15.2(5.3)2) 1.05 13.9 1.09 
90n_BE_n9_ETA-a5/5_l4+7 1W 5B (ii) 24.6(9.2) | 521.0 17.1(4.7)2) 1.18 15.9 1.07 
90n_BE_n9_cETA-a7.5/2.5_l0+7 
90n_BI_n9_cETA-a7.5/2.5_l0+7 
90n_BB_n9_cETA-a7.5/2.5_l0+7 

5B+1K 

6B 
4B 

(ii) 
(ii) 
(ii) 

18.3(9.2)2)| 521.0 
10.7(11.0) | 49.6 
12.7(5.7) | 411.9 

12.9(8.9) 
7.6(12.3) 
8.2(5.6) 

0.89 
0.79 
0.55 

11.1 
6.1 
7.5 

0.87 
0.70 
0.56 

90n_BE_n6_cETA-a7.5/2.5_l0+12 3W 3B (ii) 31.0(7.4)2)| 129.8 14.1(13.0)2) 0.97 11.4 0.89 
90d_BE_n9_cETA_l24+7_B104 3W (i) 24.6(-) 16.5(-) 1.02 - - 
90d_BE_n9_cETA_l24+7_B144 3W (i) 22.8(-) 15.5(-) 0.96 - - 
90d_BI_n9_cETA_l24+7_B104 2W 1P (ii) 16.9(-)2) 11.8(-)2) 1.11 - - 
90d_BI_n9_cETA_l24+7_B144 3W (i) 20.4(-) 12.8(-) 1.21 - - 
90d_BB_n9_cETA_l24+7_B104 3BP (ii) 20.5(-) |319.3 13.7(-) 0.76 - - 
90d_BB_n9_cETA_l24+7_B160 3WB (i) 27.4(-) | 220.9 19.0(-) 1.05 - - 
90d_BB_n6_ETA5_l3+10 6BP (ii) 28.6(3.4) 13.5(3.8) 0.75 12.6 0.75 
90d_BI_n6_ETA_l6+10 8W (i) 23.3(4.3) 10.9(4.1) 1.03 10.2 1.10 
45_BE_n1_l0+10.8 15W 2S (i) 34.5(18.0)3) 15.6(4.2)3) - 14.63) - 
45_BI_n1_l0+10.8 18W (i) 24.2(12.9 10.0(9.3) - 8.6 - 
45_BE_n3+3_ETA-a5/5_l1.5+9 6W (i) 21.0(23.5)1) 13.1(5.8)1)4) 0.84 11.91)4) 0.82 
45_BI_n3+3_ETA-a5/5_l1.5+9 6W (i) 13.0(9.1)1) 8.2(12.2)1)4) 0.82 6.61)4) 0.77 

W … withdrawal; SP … splitting; R … row shear; B … block shear; K … block shear combined with partially failed 
glue line; P … tension perp.-to-grain; BP … block shear combined with tension perp.-to-grain crack; WP … with-
drawal combined with block shear cracks; 1) via MLErc assuming equi-correlated and lognormal data; 2) mean 
value over all failure modes; 3) via MLErc assuming lognormal data; 4) determined with Eq. (2) 

Overall, the behaviour of joints tested in glulam of beech and birch is quite similar, 
which allows a common discussion of their results. The behaviour of joints tested in 
beech-LVL, however, partially differs and needs to be discussed separately. A safe ap-
plication in beech and birch glulam following the regulations in diverse ETAs and EC 5 
can be concluded. In contrast, for beech-LVL according to ETA-14/0354:2018 the ap-
plication of self-tapping screws is seen critically; pre-drilling might significantly reduce 
initial cracking.   
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Figure 5.  Test results at α = 90° of series featuring mainly timber failure modes: (left) beech BE 

and (right) birch BI 

   
Figure 6.  Test results of series featuring mainly timber failure modes: (left) α = 90°, beech-LVL BB; 

(middle) α = 0°, beech glulam BE, birch glulam BI, beech-LVL BB; (right) single rows of 
screws at α = 45° in beech glulam BE 

3.3.1 Hangers loaded perpendicular-to-grain (α = γ = 90°)  

Initial cracking close to the surface, as observed in single tests at α = 90° and lemb = 0, 
has a negative impact on the withdrawal capacity because of unintended reduction of 
lef. Thread embedment can prevent initial cracking and help to maintain lef as intended, 
as especially demonstrated by tests in beech-LVL featuring lemb = 6 d. Apart from 
lemb > 0, the capacity of screwed joints can be further improved by anchoring screws in 
a number of layers activating a system effect as observed for beech and birch single 
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tests with lemb = 4 d and 6 d, respectively. E. g. Ringhofer et al. (2015) report a system 
factor, as multiplication factor for the withdrawal capacity determined from testing 
screws in structural timber of Norway spruce (single layer), of ksys,mean = 1.05 already 
for anchoring in two layers.  

Partly, intermediate load peaks identified as first failures were observed. In case of e.g. 
90n_BI_n9_cETA_l0+7, the resistances at first failures are comparable with the ulti-
mate loads, see Figure 5. In contrast, e.g. in 90d_BB_n9_cETA_l24+7 both resistances 
are clearly different, see Figure 6. First failures as consequence of partial failures, i.e. 
cracking, is seen critical in respect to the long-term behaviour, and the potential for 
crack propagation, e.g. due to cyclic variation in climate conditions. Therefore, it is sug-
gested to consider F1st rather than Fmax at the resistance level for the design in ultimate 
limit states.  

One interesting aspect is also apparent comparing series 90n_BE_3n_a5_l0+6.1 
(t = 6.1 d) with 90n_BE_9n_ETA-a5/7.5_l0+6.1. Although both series feature compara-
ble group arrangements, with a1 = 5 d and lef = 6.1 d, specimen in the first series failed 
in row shear, featuring capacities even below fax,05 ∙ knef (see Figure 5), whereas in the 
latter series withdrawal was observed. Differences in specimen’s stiffnesses are seen 
as one reason. Furthermore, specimen in the first series also fall short of tmin = 12 d 
according to ETA-12/0373:2017.  

Although test series with a1 = a2 = 5 d fulfil the minimum spacing requirements accord-
ing to diverse ETAs, in series 90n_BE_n9_ETA-a5/5_l0+7 block shear failure as predom-
inant failure mode occurred; however, at ultimate loads exceeding the estimated av-
erage withdrawal capacity, i.e. nef,mean = 1.05. Overall, the capacities of series 
90n_BE_n9_ETA-a5/5_l4+7, featuring lemb = 4 d, exceed the one of previous series but 
values at first failures are comparable. In comparison to series 90n_n9_cETA_l0+7 
(lef = 7 d) with group arrangement cETA {a1; a2} / d = {7.5; 2.5} and although the group 
arrangements are similar, even higher resistances are achieved in series 
90n_n6_cETA_l0+12 (lef = 12 d), with close supports, and 90d_n9_cETA_l24+7 
{lemb; lef} / d = {24; 7}, tested as single span girder; in the last series differing stress dis-
tributions might have an influence as well. The influence of close vs. distant supports 
is even more evident when comparing failure modes and capacities for specimen of 
beech-LVL featuring {a1; a2} / d = {7.5; 2.5} or rather {10; 2.5}; 90n_BB_n9 _cETA_l24-
7, 90d_BB_n9_cETA_l24-7 and 90d_BB_n6_ETA_l3-10. These comparisons underline 
that in addition to minimum spacing requirements also the third dimension, i.e. in di-
rection of the thread axis, need to be regulated as well. Apart from that, tension perp.-
to-grain failures in series 90d_BI_n9_cETA_l24+7 alert not to use the combination of 
{a2; a2,CG} / d = {2.5; 4} although currently allowed in some ETAs.  

In joints tested in beech and birch glulam which fulfil the spacing according to EC 5 the 
target failure mode withdrawal was observed in series 90n. However, joints tested in 
beech-LVL at α = 90°, spacing according to EC 5 and near supports failed in block shear; 
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withdrawal was only observed in a group of n = 4 screws and a1 = a2 = 10 d. Independ-
ent of the timber product, for series which predominately failed in withdrawal show 
nef,mean ≥ 0.96 n. Based on 5 %-quantiles even nef,05 ≥ 1.03 n can be concluded; this is 
because of a reduced variation in withdrawal capacities of groups of screws in compar-
ison to tests on single screws and due to laboratory conditions. 

Finally, all joint configurations tested in glulam of birch and beech featuring spacing 
and distances according to diverse ETAs or EC 5 or cETA fulfilling lpe / h ≥ 0.7, achieve 
resistances above the withdrawal capacity of single screws times knef, with nef = n0.9 ac-
cording to EC 5 and diverse ETAs, at least under laboratory conditions. For beech-LVL 
the current regulations are judged as being not sufficient to relay on safe side with 
Fax,k ∙ nef. As alternative, the arrangement of the screws with preferable wider spacing 
than according to EC 5 or, effective length for screw tension failure as easily to reach 
within the high density of beech-LVL or corresponding verification of failure modes (ii) 
are suggested.  

3.3.2 Timber-to-timber tension lap joints with single row of screws (α = 45°; γ = 0°) 

In tests on timber-to-timber tension lap joints with spacing and end distance 
a1 = a1,t = 5 d, withdrawal failure was observed for both birch and beech structural tim-
ber. Consequently, although diverse ETAs allow a1,c = 5 d only for cases of pure axial 
loading, the same minimum end-distance proofed to be sufficient also for the tested 
tension lap joints.  

In contrast to hangers loaded perpendicular-to-grain, nef according to Eq. (2) applying 
a rather conservative value μ = 0.25 is found with nef,05 ≥ 0.77 n, which is below current 
design regulations in diverse ETAs and EC 5. Reasons for this low value are not com-
pletely clarified yet. Possible reasons are a slight loss of contact by the system defor-
mations influencing the effective thread embedment or by the used distance block, 
see Figure 2, possibly causing a reduced friction activation. Nevertheless, current find-
ings are in contrast to literature, e.g. tension lap joints with outer steel plates (e.g. 
Krenn 2017) and timber-to-timber joints (e.g. Blaß et al. 2006) who both report nef / n 
close to one.  

3.3.3 End-grain joints (α = γ = 0°) 

In regard to end-grain joints, all tests conducted with screws applied pre-drilled, with 
lemb = 10 d and a2 = a2,CG = 3 d for beech and birch glulam and a2,paral-to-layer = a2,CG ≥ 3 d 
together with a2,perp-to-layer ≥ 4 d for beech-LVL are assigned to withdrawal failure with 
nef,mean ≥ 0.83 n. Overall, the regulation for the effective number of screws in the group, 
nef = n0.9 from EC 5, gives results on the safe side for end-grain joints.  

4 Conclusions 
Limited experience on joints in hardwood in contrast to the variety of deciduous timber 
species necessitates regulations to endeavour well controllable failure modes of type 
(i). Apart from adequate minimum spacing and distances, thereby, the effective length 
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and thread embedment length, as geometric parameters in the third dimension, need 
to be regulated as well. To be able to insert self-tapping screws in hardwood sufficiently 
deep even without pre-drilling, special screws with sufficient torsional strength are re-
quired; meanwhile some screw types especially developed for hardwood are available, 
further developments can be expected. However, for some joint types, e.g. end-grain 
joints, which require an extremely tight group arrangement to achieve acceptable de-
grees of utilisation, predrilled application, which allows smaller spacing and distances 
by about half (e.g. Brandner 2019), is seen as advantageous, with predrilling diameter 
equal or close to the thread core diameter. In particular for this type of joints but also 
more generally, partially threaded screws might be advantageous as well; on the one 
hand to easily achieve sufficient insertion depth and thread embedment to prevent 
failure modes (ii), on the other hand to provide some additional deformation capacity 
before reaching the ultimate load which also leads to better load distribution. In this 
respect, for herein presented steel to-timber joints equal loading of all commonly act-
ing screws in a group is seen as prerequisite for safe joints featuring reliable utilisation 
ratios and high effective number of screws. Therefore, the application of torque, to 
secure a tight fit and equal loading of each screw in the group, in case of α = γ in con-
junction with thick outer steel plates, which allow only minimal differential defor-
mations between screws, are required as well.  

More specifically, for glulam of beech and birch and self-tapping application of screws, 
failure modes (i) can be achieved with minimum spacing and distances according to 
EC 5. To attain the same failure modes under the same conditions in beech-LVL accord-
ing to ETA-14/0354:2018 or EN 14374:2005, much larger spacing and distances, pre-
drilling and/or effective length for screw tension failure are recommended. In case of 
cross joints in hangers which are under pure axial load (α = γ and 30° ≤ α ≤ 90°; see 
Figure 1), lpe / H ≥ 0.7 is recommended.  

In case of end-grain joints and pre-drilled application, again failure modes (i) can be 
reached reliably with spacing and distances a2 = a2,CG = 3 d for beech and birch glulam 
and a2,paral-to-layer = a2,CG ≥ 3 d and a2,perp-to-layer ≥ 4 d for beech-LVL, all in combination 
with lemb = 10 d. For an even higher efficiency within beech and birch glulam 
a2 = a2,CG > 2 d with lemb = 10 d and target screw tension failure is possible. However, as 
indicated from comparison of test data in Westermayer & van der Kuilen (2019) with 
tests reported in Brandner (2019), a severe negative impact of additional moments in 
planed pure axially-loaded end-grain joints cannot be excluded. Thus, a combination 
of stiff and high capacity screwed end-grain joints with ductile site-joints arranged in a 
chain and designed according to overstrength principles and/or screws featuring a duc-
tile shaft are considered advantageous. Furthermore, for pre-drilling over lengths of 
≥ 25 d, as required for such end-grain joints, adequate drilling equipment is indispen-
sable; otherwise and to prevent contact between screws and/or lateral exit from tim-
ber members, larger, uneconomic spacing and distances would be necessary.  

INTER / 54 - 7 - 6

187



 

Tighter spacing and distances according to diverse ETAs, with {a1; a2; a3,c; a4,c} = {5; 2.5; 
5; 3} and as long as a1 ∙ a2 ≥ 25 d², are also possible for glulam made of beech and birch, 
as long as the joints are designed to fail by screw tension failure and are under pure 
axial load. This concerns hangers loaded perpendicular-to-grain (α = γ and 
30° ≤ α ≤ 90°); a similar behaviour is expected also for steel-to-timber tension lap joints 
(α ≠ γ and 30° ≤ α ≤ 45°), although latter were not part of experimental investigations. 
Note: although withdrawal failure was shown with a small distance for loaded end, 
a1,CG, as a consequence of geometrical requirements (e.g. to avoid protruding screws) 
a1,CG ≥ 10 d is recommended.  

If all these requirements are fulfilled, i.e. failure modes (i) are attained, the regulations 
for the effective number of screws according to EC 5 and diverse ETAs lead to con-
servative estimates for the joint capacity. Otherwise, the verification of all failure 
modes, (i) and (ii), is inevitable. Actually, verification models for axially loaded groups 
of screws considering row shear, tension perpendicular-to-grain and block shear fail-
ure are under discussion, see Blaß et al. (2019) and Mahlknecht & Brandner (2019). 
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DISCUSSION 

The papers was presented by U Mahlknecht 

M Westermayr commented about neff of 1 with respect to screw failure.  As variation 
between manufacturers seemed too high, with some manufacturer having COV of 5%, 
careful consideration of material used would be needed as knot and growth defect 
could have affected the results.  U Mahlknecht agreed in general.  The beech material 
is of high quality and the birch has bit more growth defects.  M Westermayr 
commented that his own work indicated material quality could affect the direction of 
the drilling. 

W Dong asked about the small spacing and what type of equipment was used to drill 
the holes with tight screw spacing that can avoid contact of the screws.  U 
Mahlknecht agreed that this could depend on the drilling equipment.  They did not 
encounter screw contact with 600 screws installed.  U Mahlknecht clarified that 
predrilling was done stepwise to the total insertion step.  70 mm was drilled first with 
a fixed machine and the rest with a manual drill to allow more consistent angle at the 
beginning.  W Dong commented that on site installation might be an issue. 

G Ravenshorst asked if there is any relationship with density, e.g. how would this work 
with say high density material of say 1000 kg/m3.  U Mahlknecht responded that their 
dataset did not have a large density range. With the available screws of 8 mm at 10d 
screw tensile failures were encountered for material at 550 kg/m3.  In higher density 
cases tensile capacity of the screws would govern. 

R Brandner commented that predrilling and not on‐site installation are advised.  R 
Brandner tested Eucalyptus LVL.  The results seemed to show more brittle behaviour 
with splitting failures.  The conclusions in this paper only relate to the products tested 
in the paper. 

I K Abeysekera asked about the distinction between ductile and brittle failure mode 
and why withdrawal failure was identified as ductile. U Mahlknecht responded that 
ductile in the sense of comparison to splitting failure and not in the sense of seismic 
applications.  Also there is a possibility of formation of plastic hinges with slender 
screws. 
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1 Introduction 
Several different modelling techniques to analyse the mechanical behaviour of the fas-
tener-wood interaction, and thus indirectly to model a dowel-type timber connection, 
have been developed. However, due to the complex mechanical behaviour of the 
wood material, no model is capable to satisfactorily analysis the complex stress state 
and to predict the brittle fracture due to splitting of timber elements around the drilled 
hole. In addition, most of the advanced material models are based on a complex math-
ematical formalism, which makes their application in engineering work cumbersome 
and their integration in a design standard such as Eurocode 5 challenging. Further-
more, their high computing times hinder application in engineering practice (Lemaître, 

2020). 

This paper continues the work presented in Lemaître et al. (2018, 2019) on strength 
and stiffness estimation of multiple dowel joints using a Beam-on-Foundation (BoF) 
model. In the two previous papers, the modelling was inspired by Hirai’s work pre-
sented in 1983, see Hirai (1983). Even though Lemaître et al. (2018, 2019) were limited 
to joints subjected to normal force, they showed that numerical modelling can help 
engineers to fill the gaps of current regulations in Eurocode 5 and to improve the de-
sign process. Moreover, the use of engineered wood materials in structures with large 
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spans and in tall timber buildings increase even more the gap between the engineer’s 
needs and currently available regulations in Eurocode 5. Due to their shapes and sizes, 
the global mechanical behaviour of large timber structures highly dependents on the 
stiffness of their connections, which influences eigenmodes and eigenfrequencies, de-
formation and internal load distribution. In addition, the connections are subjected to 
more complex loading. For this reason, the BoF model is herein extended to dowelled 
timber connections subjected to in-plane loading, in the connection shear planes (in-
plane bending moment, forces parallel and perpendicular to the neutral axis of the 
connected timber elements). 

Applying a BoF model means to idealize the fastener-wood interaction by non-linear 
springs. The stiffness of these springs is expressed by mathematical functions, which 
are empirically determined. Several authors have worked on this type of modelling, 
see Lemaître (2020) for a review. Previous works however were limited to one-dimen-
sional foundation, which limits the applicability of the model to connections subjected 
to pure normal or shear loading. The objectives of this paper are to (i) propose tech-
niques to extend this approach to a three-dimensional modelling of the fastener-wood 
interaction, (ii) show the suitability of the model for estimating the connection stiff-
ness, plastic capacity (no brittle failure can be considered) as well as the load distribu-
tion and (iii) highlight the advantages of this type of model for the design of dowelled 
timber joints in the context of Eurocode 5. 

This paper is limited to dowel fasteners. No normal force is considered along the fas-
teners axis, and thus, neither screwed connections (with inclined or not inclined 
screws) nor bolted connections were calculated, since the rope effect is not consid-
ered. 

 

2 Materials and methods 
To simulate the mechanical behaviour of dowel-type timber connections, a three-di-
mensional finite element model is developed using Cast3M, a French finite element 
(FE) calculation code1. The model integrates the different material behaviours for this 
type of connection: the elastic behaviour of the components wood and steel (Part 2.2), 
the elasto-plastic behaviour of the steel fasteners (Part 2.3) and the non-linear behav-
iour of the fastener-wood interaction (Part 2.4). The general approach to three-dimen-
sional modelling of dowel-type timber connections is illustrated in Figure 1 through a 
steel-to-timber connection with multiple shear planes and two rows of four dowels. In 
the following, the modelling approach as well as the behaviour of the materials, gov-
erning the behaviour of the connection, are described in detail. 

 

                                                
1 http://www-cast3m.cea.fr/index.php 
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Figure 1. Three-dimensional modeling principle of dowelled timber connections. a) Example on steel-
to-timber connection with four shear planes and two rows of fastener. b) FE mesh of the example with 
timber and steel plates, elasto-plastic beam elements and three-dimensional, non-linear foundation. 

 

2.1 General approach to modelling dowelled timber connections 

The numerical calculation of the connection’s mechanical behaviour is done incremen-
tally. At each increment n (until the increment number ninc), a linear system is con-
structed from the elementary stiffness matrices of the different elements of the 
model: plates, beams, springs (see Figure 1). These elementary stiffness matrices are 
then assembled to build the global stiffness matrix of the system. The general approach 
to modelling dowelled timber connections and the pre- and post-processing steps are 
illustrated in the flowchart in Figure 2. 
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Figure 2. General flowchart for the proposed dowelled timber connection model. 

 

The non-linear behaviour of the fasteners and the fastener-wood interaction is inte-
grated into the model by calculating at each increment new elementary stiffness ma-
trices, ke. This solution method therefore consists of constructing a solution sequence 
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{U0}, {U1}, …, {Un}, where {Un} is the vector of displacements at the increment n calcu-
lated from the solution {Un-1} obtained at the previous increment n – 1 by solving the 
linear system 

{Fn} = K({Un-1}) {Un}, n = {1, 2, 3, …}  (1) 

Since the solution {Un-1} is known, it is possible to build the elementary stiffness matri-
ces ke

fastener({un-1}) and ke
spring({un-1}), where ke

fastener({un-1}) is the elementary stiffness ma-
trix for a beam element (see Part 2.3); ke

spring({un-1}) is the elementary stiffness matrix 
for a spring element (see Part 2.4); and {un-1} is the local displacement vector at the 
element nodes for the n - 1 increment. 

These elementary stiffness matrices are then assembled with those of the plate ele-
ments ke

plate to obtain the global system stiffness matrix K({Un-1}). Since the material 
behaviour constituting the plates is elastic, the matrices need to be calculated only 
once. This is done before the start of the calculation loop to reduce the computing 
time. 

The calculation method used herein does not include a convergence test, like used at 
the Newton-Raphson method. The convergence of the results is then linked to the 
choice of the increment size. 

 

2.2 Elastic behaviour of the components 

The mesh of the connection members, which were modelled as plate elements, con-
sists of two-dimensional, triangular, linear elements. The mesh is automatically gener-
ated from the plate edges by a Cast3M’s subroutine. The mesh density around the 
nodes P0

i,j linking the plates and the dowels is also controlled to avoid high stress sin-
gularities. The definition of nodes P0

i,j is illustrated in Figure 4 in Part 2.4. 

For the timber, elastic and orthotropic material behaviour is used. This type of behav-
iour is defined by four parameters: two moduli of elasticity E1 and E2, in the directions 
parallel and perpendicular to the fibres, respectively (in MPa), a Poisson's ratio ν12 in 
the plane of the plate, and a shear modulus G12 in the plane of the plate (in MPa). For 
steel, the material model is elastic and isotropic. It requires only two parameters: a 
modulus of elasticity E (in MPa) and a Poisson's ratio ν. The kinematic plate model cho-
sen is that of Love-Kirchhoff. The Poisson’s ratios are taken equal to the average value 
of νLT and νLR, which are given for softwood in Guitard (1987). The Poisson’s ratio ν12 
for laminated veneer lumber with parallel oriented veneers (LVL-S) from spruce wood 
is assumed equal to the value for glulam. 

Material parameters for the timber and steel members, used for the simulations in 
Part 3, are given in Table 1. 
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Table 1. Elastic properties of timber and steel members used for FE modelling. 

 Timber plate  Steel plate 

 GL24h* GL28h* LVL-S**    

E1 (MPa) 11 500 12 600 13 800  E (MPa) 210 000 

E2 (MPa) 300 300 430  ν 0.3 

ν12 0.41 0.41 0.41    

G12 (MPa) 650 650 600    

* Values from EN 14080:2013. 
** Values for Kerto-S© (MetsäWood). 

 

2.3 Elasto-plastic behaviour of the steel dowels 

Steel dowel fasteners are discretized by one-dimensional linear elements with six de-
grees of freedom per node. Beam elements based on Euler-Bernoulli beam theory and 
with a circular cross-section were used. This type of element is characterized by two 
material parameters, i.e. the modulus of elasticity E and the Poisson's ratio ν, as well 
as by four geometric parameters, namely the cross-sectional area S, the area moments 
of inertias Iy and Iz around the local axes y and z, respectively, and the polar moment 
of inertia J. 

The elasto-plastic behaviour of the steel dowel is integrated using an own procedure 
developed in Cast3M. This procedure enables to integrate the elasto-plastic behaviour 
while keeping one dimensional beam elements. Therefore, the computing time is sub-
stantially reduced. The basic idea of this procedure is to integrate for each beam ele-
ment the evolution of the plastic zone in the cross-section by associating Young’s mod-
uli at different support points, see Figure 3. Considering a simple bending case, the 
plastic zone extends inwards from the outer fibres of the fastener cross-section with a 
circular segment shape. By a sufficiently larger number of support points and a suitable 
distribution in the cross-section, the physical phenomenon of plasticity in steel dowels 
can be modelled (Lemaître 2020). 

 
Figure 3. Modelling of the elasto-plastic behaviour of steel dowel fasteners. 
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The Young's modulus associated at one support point is calculated by first calculating 

the axial strain xx at this position of the cross-section, 

xx (y, z) = [ui+1  ui  y (rz,i+1  rz,i)  z (ry,i+1  ry,i)] / Li  (2) 

where ui+1 and ui are the longitudinal displacements, rz,i+1, rz,i, ry,i+1 and ry,i are the rota-
tions at the nodes of the beam element, Li is the length of the beam element and (y, z) 
are the local cross-sectional coordinates of the support point. 

If the computed axial strain from Equation (2) is lower than fy / E, then the Young’s 
modulus associated to the support point is equal to the elastic Young’s modulus E0, 
else the Young’s modulus is equal to the plastic modulus Et. This test assumes a bilinear 
behaviour of the fastener under uniaxial tension. E0 and Et are the Young’s modulus 
and the plastic modulus of the steel dowel fastener, respectively, both in MPa, and fy 
is the yield strength of the fastener (in MPa). 

Once the operation described above has been performed for each support point in the 
cross-section, it is possible to calculate the new equivalent stiffness of one beam ele-
ment by integration over the cross-section S, 

(𝐸𝑆)𝑒𝑞 =  ∬ 𝐸(𝑦, 𝑧)d𝑆
𝑆

  (3.a) 

(𝐸𝐼)𝑦,𝑒𝑞 =  ∬ 𝐸(𝑦, 𝑧)z2 d𝑆
𝑆

  (3.b) 

(𝐸𝐼)𝑧,𝑒𝑞 =  ∬ 𝐸(𝑦, 𝑧)y2 d𝑆
𝑆

  (3.c) 

(𝐸𝐼)𝑦𝑧,𝑒𝑞 =  ∬ 𝐸(𝑦, 𝑧)𝑦𝑧 d𝑆
𝑆

  (3.d) 

The coordinates of the support points are chosen to numerically compute the different 
Equations (3). In this study, these coordinates are defined by the Gauss-Legendre 
quadrature rule. A number of 36 points in the cross-section gives a good balance be-
tween computing time and relative error compared to the analytical solutions, see Le-
maître (2020). 

The different equivalent stiffness computed with Equations (3) allow to calculate the 
effective modulus of elasticity E and the area moments of inertia Iy and Iz (expressed in 
the principal axes of inertia) of one beam element. From these three parameters, the 
elementary stiffness matrix ke

fastener({un-1}) is computed. At each increment, the whole 
operation described above is repeated for each beam element of each steel dowel 
fastener. 

The approach here is limited to the case of asymmetrical bending. In the case of bend-
ing with normal force, the calculation of the new centre position of the plasticized 
cross-section needs to be added. With this extension, the influence of the rope effect 
on the mechanical behaviour of the dowelled connection could be considered. 
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2.4 Non-linear behaviour of the fastener-wood and fastener-steel interaction 

2.4.1 Description of the spring elements 

The complexity of local deformation and stress state in wood close to the dowel sug-
gests using a simpler approach to describe the fastener-wood interaction than using 
continuum modelling approaches. Thus, beam-on-foundation approaches have been 
developed, where non-linear spring elements are used as contact elements between 
the nodes of the elasto-plastic beam elements forming the dowels and connection 
nodes P0

i,j belong to the plates (see Figure 4). 

 
Figure 4. Modelling the fastener-wood interaction with coupled non-linear spring elements. 

The orthotropic behaviour of wood is accounted for by using two coupled orthogonal 
non-linear springs which depend on two orthogonal, local displacements uy and uz, re-
spectively in the direction parallel and perpendicular to the grain (see Figure 4). The 
two springs are defined in the three-dimensional elementary stiffness matrix kf by four 
coefficients ky, kz, kyz and kzy. The other coefficients kx, kr,x, kr,y and kr,z are constant and 
independent of the dowel displacement. Thus, the steel dowel is three-dimensionally 
embedded in the wood. 

The discretisation of the embedment behaviour, i.e., the number of spring elements 
along the dowel, depends on the side member thickness (Hirai 1983). A previous study 
showed that a minimum distance between spring elements of 0.4d is suggested (Le-
maître et al. 2019). This value is used for all simulations presented in this paper. 

For the fastener-steel plate interaction, an isotropic and elastic behaviour is consid-
ered. Thus, stiffness ky,steel and kz,steel are assumed to be constant, uncoupled and inde-
pendent of the dowel displacement, 

ky,steel (uy, uz) = kz,steel (uy, uz) = λ  (4.a) 

kyz,steel (uy, uz) = kzy,steel (uy, uz) = 0  (4.b) 

Different values of λ included in {102; 103; 104} are used and discussed in Part 3. 

 

2.4.2 Phenomenological embedment surfaces for fastener-wood interaction 

Several parametric equations for the non-linear material behaviour have been pro-
posed in literature. Some of these equations can be applied to the ductile embedment 
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behaviour of steel dowels in timber, see Schweigler et al. (2018) for a review. In this 
study, an adaptation of two phenomenological functions is applied to build two sur-
faces, which described embedment stress parallel and perpendicular to the grain, fh0 
and fh90, as a function of dowel displacement, uy and uz, in the orthotropic coordinate 
system of timber. In cylindrical coordinates, the parametric equations read as 

fh0 (r, θ) = (fh,inter + kf,pl·r) · (1 − exp (− kf,el·r / fh,inter)) · (arctan ((a6·|θ| + a5)a4) + a2) / (arctan (a5
a4) + a2)  (5.a) 

fh90 (r, θ) = (fh,inter + kf,pl·r) · (1 − exp (−kf,el·r / fh,inter)) · (arctan ((a6·| / 2 − θ| + a5)a4) + a2) / (arctan (a5
a4) + a2) (5.b) 

with fh0 and fh90 as the embedment stress parallel and perpendicular to the grain, re-
spectively, the displacement r = (uy

2 + uz
2)1/2 and the displacement-to-grain angle 

θ = arctan (uz / uy). The parameters a2, a4, a5 and a6 can be considered as shape param-
eters which can be fitted from experimental results of load-to-grain embedment tests. 
The derivatives of Equations (5) with respect to the orthogonal displacements parallel, 
uy, and perpendicular to the grain, uz, yield the coefficients of the elementary stiffness 
matrix of the springs (see Figure 4). 

ky (uy, uz) = ∂fh,0 / ∂uy  (6.a) 

kz (uy, uz) = ∂fh,90 / ∂uz  (6.b) 

kyz (uy, uz) = ∂fh,0 / ∂uz  (6.c) 

kzy (uy, uz) = ∂fh,90 / ∂uy  (6.d) 

Schweigler et al. (2019) compiled a database for embedment properties of different 
engineered wood products and dowel diameters, for modelling of dowel-type timber 
connections. Three experimental embedment test series used herein (for simulations 
presented in Section 3) include two different dowel diameters d (12 and 16 mm), as 
well as three different materials: spruce and larch glued laminated timber (GLT) and 
spruce LVL-S. The corresponding embedment parameters for Equations (5) are given 
in Table 2. 

Table 2. Physical and mathematical parameters assigned to the non-linear spring elements. 

   kf,el
*

 kf,pl
**

 fh,inter
***

 a2 a4 a5 a6 

   [N/mm3] [N/mm3] [MPa] [rad] [-] [mm] [-] 

GLT (spruce) 0°  25.11 −0.07 34.15 − / 2 5 −2.5 2.5 

d = 16 mm 90°  10.18 −0.99 14.92 − / 2 5 −2.5 2.5 

GLT (larch) 0°  46.90 −0.67 43.48 − / 2 5 −2.5 2.5 

d = 16 mm 90°  23.81 −1.50 19.60 − / 2 5 −2.5 2.5 

LVL-S 0°  27.62 −0.14 35.79 − / 2 5 −2.5 2.5 

d = 12 mm 90°  21.42 −1.26 20.42 − / 2 5 −2.5 2.5 

*  Elastic foundation modulus. 
**  Plastic foundation modulus. 
*** Embedment stress at the intersection of kf,pl with the stress axis. 

INTER / 54 - 7 - 7

201



 

3 Results 
Four experimental connection test campaigns, previously reported in literature 
(Bocquet et al. 2012; Bader et al. 2015), are simulated with the BoF approach de-
scribed in Part 2. In these works, one timber-to-timber (Series 1) and three steel-to-
timber connections (Series 2 to 4) were tested. The tested connections in Bocquet 
et al. (2012) and Bader et al. (2015) were tested with dowel diameters of 16 and 
12 mm, respectively. More information on the connection geometries, material prop-
erties and experimental programs can be found in Bocquet et al. (2012) and Bader 
et al. (2015). A schematic sketch of the tested connections can be see in Figure 5. 

For each series, the experimental and the numerical global moment-rotation response 
are compared. This comparison conforms the capability of the model to estimate 
rotational stiffness as well as bending moment load bearing capacity of dowelled 
connections. The importance the coupling between the two orthogonal springs for the 
parallel and perpendicular to the grain embedment behavior, is shown by the 
comparison with simulations with uncoupled springs. 

 

3.1 Global Moment-Rotation response 

Regarding rotational stiffness, differences between numerical and experimental re-
sults are given in the Table 3. For each series, a small difference of the rotational stiff-
ness is observed between coupled and uncoupled approach. For steel-to-timber con-
nections (Series 2 to 4), different values of λ are used (see Equation 4) to investigate 
the influence of the fastener steel-plate interaction on the rotational stiffness, ex-
tracted from the numerical simulations. For these series (2 to 4), the rotational stiff-
ness increases with increasing λ. However, for Series 2, the difference with experi-
mental results decreases with decreasing λ while for Series 3 and 4 the difference with 
experimental results increases with increasing λ. This can be explained by the different 
deformation measurement and evaluation procedures in the corresponding experi-
mental campaigns. In contrast, only small differences are observed for Series 1 (tim-
ber-to-timber connection), which highlights the importance of an accurate definition 
of the λ value in steel-to-timber connections. 

Table 3. Differences between numerical and average experimental rotational stiffness for each series. 

 Series 1  Series 2 Series 3 Series 4 

Uncoupled −1.0 % Uncoupled (λ=103) +34.0 % −25.6 % −29.1 % 
Coupled −3.1 % Coupled (λ=102) +10.7 % −43.2 % −50.8 % 
  Coupled (λ=103) +33.5 % −20.1 % −31.3 % 
  Coupled (λ=104) +34.0 % −16.2 % −27.7 % 

 

From Figure 5 it can be seen that, the simulations with uncoupled springs always over-
estimate the numerical global moment-rotation response with coupled springs which 
the latter gives good agreement with the experimentally observed slip curves. 
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Figure 5. Comparison of experimental moment-rotation curves with simulations. Experimental curves 
of Series 1 and 2 come from Bocquet et al. (2012). Experimental curves of Series 3 and 4 come from 
Bader et al. (2015). For Series 2 to 4, a value of λ = 103 is used for the simulations, see Equation (4). 
The steel properties used for the simulations are: fy in (400 MPa, 900, 300, 300) and Et in (1 Gpa, 0, 4, 
4) for Series 1, 2, 3 and 4, respectively. 
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Comparison of the uncoupled/coupled model (λ = 103 for Series 3 and 4) with experi-
ments gives differences in the bending moment of −7.2%/−11.2% (at 0.5°) and 
−6.8%/−14.0% (at 1°) for Series 1; −2.2%/−11.0% (at 0.5°), +3.0%/−9.7% (at 1°) and 
+26.9%/+4.7% (at 5°) for Series 3; −0.7%/−14.4% (at 0.5°), +9.1%/−10.0% (at 1°) and 
+39.6%/+7.1% (at 5°) for Series 4. Since the connection tests in Series 2 showed brittle 
failure modes, the model was not compared with the experimental data. 

 

3.2 Load distribution 

The simulations from Series 3 and 4 are exploited to study differences in the load dis-
tribution predicted by the coupled and the uncoupled approach. Figure 6 compares 
the numerical results for both test series and both modelling approaches. The load 
observed for the dowels in the connection’s corners (numbers 1, 3, 7 and 9) with an 
uncoupled approach is considerably higher than with a coupled approach. For Series 3 
and 4, differences are at 1° relative rotation were as high as +31.9% and +37.0%, and 
at 5° relative rotation the difference was +48.4% and +50.2%, respectively. Almost no 
differences are observed for dowels loaded parallel to the grain (numbers 2 and 8) and 
perpendicular to the grain (numbers 4 and 6). The differences in dowels loaded under 
an angle to the grain explain why an uncoupled approach is always overestimating the 
global moment-rotation response. 

 
Figure 6. Comparison of single-dowel load between coupled and uncoupled springs for Series 3 and 4. 
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4 Discussion and conclusion 
This paper brings together a certain number of concepts and proposes a numerical 
method for the design of dowelled timber connections subjected to in-plane loading. 
It showed that it is possible to simulate the global mechanical behaviour of a connec-
tion with a BoF modelling approach using the finite element method. In order to limit 
the size of the system to be solved, the finite elements used in this three-dimensional 
model are linear with one-dimensional (beam) and two-dimensional (triangular) plate 
elements. The main idea of this work is to idealize the fastener-wood interaction by an 
elasto-plastic beam on non-linear foundation. This pattern is repeated for each dowel 
and it connects in thickness to the different nodes at the intersection of the two-di-
mensional timber/steel plate with the elements of the one-dimensional dowel. The 
timber/steel elements are modelled by two-dimensional plates, with elastic, ortho-
tropic material behaviour for timber and elastic, isotropic behaviour for steel mem-
bers. To simulate the embedment behaviour of the dowel over the thickness of the 
wood, the non-linear elastic foundation is composed of two coupled orthogonal 
springs, one in the direction parallel to the grain and another in the perpendicular di-
rection. This choice of modelling is a way to tackle the difficulties raised by the complex 
mechanical behaviour of timber under embedment loading of dowels. 

The model has been validated with different experimental connection tests: timber-
to-timber and steel-to-timber with different fastener arrangements. The experimen-
tally determined moment-rotation curves of the different tests have been compared 
with simulations. The comparisons showed a good agreement between the experi-
mental and numerical results. The relative error of the rotational stiffness is close to 

3% for a timber-to-timber connection with a circular pattern (Series 1). For steel-to-

timber connections (Series 2 to 4), the differences vary from +33.5% to 31.3%. The 
importance of the elastic fastener steel-plate interaction and its influence on the rota-
tional stiffness was shown in the simulations. This interaction needs to be investigated 
further in order to increase model accuracy for steel-to-timber connections. Moreover, 
a part of the difference can be explained by the method used to measure of connection 
member’s rotations. The proposed model highlighted the influence of the orthotropic 
material behaviour of timber members on the load distribution. Simulations showed 
that with a high shear modulus and neglecting shear deformations in timber, the load 
in the direction perpendicular to the grain is reduced. 

The computing time for the simulated configurations varied from 3 to 30 min, which is 
suitable for application in engineering practice. A further decrease in computation time 
can be achieved by optimizing the programming. Thanks to the integration of the 
model for single fasteners in the model for the group of fasteners, normal force, shear 
force and bending moment along the fasteners can be evaluated as well. This allows 
to study failure modes of the steel fastener, typically seen in connections with mem-
bers of high strength, like hardwood joints. Future works will include new develop-
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ments in the proposed BoF modelling. Second order effects can be included for quan-
tifying the influence of the rope effect. Other investigation on the load distribution 
such as the influence of cracks on wood as well as drilling quality could be considered. 
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DISCUSSION 

The papers was presented by R Lemaître 

This paper was already presented in 2020. By request of the authors it was not 
published in 2020. Discussion of 2020: 
P Quenneville asked why the evaluation of Kser started from origin and was not 
started from the post cyclic zone.  R Lemaître said that there was no initial 
gaps/clearance in the connection between the steel plate and timber. 

P Gronquist asked if the BoF approach was compared with other models and 
compared the difference between timber and steel.  R Lemaître said no this was not 
done. 

E Serrano asked about consideration of coupled and uncoupled springs to model 
connector behaviour.   R Lemaître responded that uncoupled springs were used 
because comparisons with test results showed good agreement for the embedment 
behaviour.  However the path of the dowel movements between simulations and test 
results were different.  Perhaps coupled springs should be considered. 

C Sigrist asked about the power function in the proposal and whether it was possible 
to determine the power from the model.  R Lemaître responded that it was possible by 
regression approach of the test data one could fit the BoF approach to get the power 
parameter. 

C Sigrist commented that models that can consider axially loaded connectors and Ku 
would also be needed.  R Lemaître responded that past work on 2-D BoF presented in 
INTER could deal with axially loaded connections.  Ku could be estimated from the 
current approach. 

G Hochreiner asked whether out-of-plane bending behaviour could be predicted.  R 
Lemaître responded that this BoF model could work in principle but more work would 
be needed as the coefficients of the stiffness matrix would need more consideration 
and input. 

in 2021 R Lemaître provided a rationale to accommodate a revision to the paper on a 
similar subject because coupled springs instead of two uncoupled springs are needed 
based on observed failure modes. 
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1 Introduction 
It is well understood that load transfer in joints with laterally loaded dowel-type fas-
teners is a function of the bending deformation of the fastener and embedment de-
formation in the wood. This load transfer mechanism was the basis for the derivation 
of the European Yield Model (EYM). The corresponding equations for the load-bear-
ing capacities, given in Eurocode 5 (EN 1995-1-1, 2004), were derived with equilib-
rium conditions applied on the undeformed state of the fastener, i.e., based on geo-
metrically linear analysis. Second order theory effects, as a result of equilibrium defi-
nition in the deformed state, are however less understood and less investigated. 
Svensson and Munch-Andersen (2018) derived an analytical model based on mechan-
ical equilibrium in the deformed state of the fastener. However, as for the EYM, com-
patibility between connection forces and deformations was not considered. Compati-
bility could be considered by application of a second order theory approach, which 
would not only allow to consider large deformation effects, but also to include the in-
fluence of the rope effect on the connection load-displacement behavior. 

As an alternative design method, phenomenological approaches like Beam-on-Foun-
dation (BOF) models have been proposed not only for the prediction of connection 
capacity but also for the slip modulus and the nonlinear load-displacement behavior 
(including the deformation) of dowelled connections (Hirai 1983, Sawata and Ya-
sumura 2003, Hochreiner et al. 2013, Bader et al. 2016, Lemaître et al. 2018, 2019, 
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2021). Validity of the method was proven by good agreement between the EYM and 
BOF-model predictions for single-fastener joints. The BOF-model gave moreover new 
insight into stiffness and load distribution in multiple-dowel joints. The model was 
however not yet fully exploited as regards second order theory effects, which is the 
content of this paper. The purpose of this paper is to  

 define the rope effect and large deformation effects in dowelled connections, 

 present a theoretical framework for the local load-displacement behavior of spring 
elements used in BOF-models, 

 validate the proposed method by comparison with novel experiments, 

 present parameter studies in order to assess the influence of certain factors. 

The aim of this paper is moreover to strengthen the reliability of the method, which 
has strong potential to be used for the design of connections in advanced timber 
structures, as well as for the derivation and validation of simplified design rules for 
design standards. Current Eurocode 5 regulations regarding the rope effect in later-
ally loaded connections of different fastener types can be validated and adjusted, 
based on results from this study. 

2 Beam-on-foundation model with the rope effect 
Beam-on-Foundation (BOF) modeling of dowel-type timber joints relies on beam ele-
ments with elasto-plastic material behavior of the steel fastener, which are con-
nected to a discrete number of nonlinear spring elements that represent the embed-
ment behavior of the fastener in wood. A possible withdrawal resistance of the fas-
tener is considered either by nonlinear spring elements, or by friction in the axial di-
rection of the fastener. Coupling between the embedment behavior and the with-
drawal behavior is considered in the spring properties. In three-dimensional model-
ing, three spring elements (two for embedment and one for withdrawal) in orthogo-
nal directions are assigned to each coupling between the beam and the foundation, 
while only two orthogonal springs are required in case of two-dimensional modeling. 
A schematic illustration of the BOF-model can be found in Lemaître et al. (2018). 

2.1 The rope effect 

The expression “rope effect” covers several load transfer effects. These effects can 
be quantified if a second order theory approach is applied. This also means, that large 
deformations are required to activate the rope effect. In the following, three differ-
ent effects being part of the “rope effect” are presented. 

2.1.1 Effect 1 - Normal force in the fastener 

The normal force in the fastener, N, contributes to the shear resistance, Fv,R, of a con-
nection, if the fastener axis, or a part of the fastener axis, is inclined in the deformed 
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state. This is the case for connection failure modes with plastic hinges. The normal 
force in the fastener, N, might be caused by friction between the fastener and the 
borehole (Figure 2.1a left), and/or by a mechanical resistance against withdrawal like 
the thread of a screw or the washers of a bolted connection (Figure 2.1a right). This 
effect appears also in connections with initially inclined fastener axis, like in connec-
tions with inclined screws (Bejtka and Blaß, 2002). 

2.1.2 Effect 2 - Friction in the shear plane 

The normal force in the fastener, as described in Section 2.1.1, causes in addition to 
the component parallel to the shear plane, also a compression component perpen-
dicular to the shear plane (Figure 2.1b). If this compression force component is larger 
than the counteracting force component from the inclined embedment loading (see 
Figure 2.2), then a resultant compression force acts perpendicular to the shear plane. 
This compressive force generates frictional forces parallel to the shear plane, which 
increase the shear resistance, Fv,R, of the connection (Hilson, 1995). This is the rope 
effect as considered in the current Eurocode 5, with a friction coefficient of 0.25. 

2.1.3 Effect 3 – Straightening of the fastener 

Additional embedment forces, and thus an additional connection resistance, Fv,R, can 
be activated in some connections with failure modes exhibiting multiple plastic 
hinges. For example in bolted connections (Figure 2.1c), the washer acts as an an-
chor, which induces normal forces in the bolt. This normal force causes a straighten-
ing of the fastener, which generates additional embedment resistance in the area of 
the plastic hinge. This effect can also appear in e.g. screwed connections, or doweled 
connections with steel plates as outer members or multiple shear planes. 

 
Figure 2.1. Rope effect in dowel and bolt connections. Illustration of effects contributing to an 
increased Fv,R by (a) normal force in the fastener, (b) friction in the shear plane, and (c) straightening 
of the fastener. 
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2.2 Large deformation effects 

Different spring definitions for embedment and withdrawal behavior of the fastener 
in BOF-models can be used (Figure 2.2 right). In Definition 1, spring displacements, 
CU, and spring forces, CTF, are defined in the undeformed system (first order ap-
proach). In Definition 2, CU is considered in the undeformed system, and CTF in the 
deformed system, while in Definition 3, both CU and CTF are considered in the de-
formed system (second order approaches). 

By applying second order theory approaches (Definition 2 and 3), large deformation 
effects can be considered in BOF-modeling. In these approaches, the withdrawal 
force, CTF1, and the embedment force, CTF2, are respectively assumed to be parallel 
and perpendicular to the deformed state of the fastener. Thus, both components 
(CTF1 and CTF2) cause force components perpendicular, F1, and parallel, F2, to the 
shear plane. Furthermore, the rope effect as described in Section 2.1, can only be 
considered if second order theory approaches are applied. 

In Figure 2.2 the influence of large deformation effects on the overall load-displace-
ment behavior of a steel-to-timber connection is shown. To separate these effects 
from the rope effect as described in Section 2.1, no withdrawal resistance of the fas-
tener was considered. Reaction forces F1 appear only if second order theory effects 
are considered, see Definition 2 and 3 in Figure 2.2. Compared to the first order the-
ory (Definition 1), lead second order approaches to a decreased F2 (Definition 2 and 
3) with increasing u2. This is a result of the embedment forces acting perpendicular to 
the deformed, i.e. inclined fastener axis, which divides the embedment force into a 
component parallel and perpendicular to the shear plane. Thus, with increasing fas-
tener inclination the embedment force share moves from F2 (parallel to the shear 
plane) to F1 (perpendicular to the shear plane). 

 
Figure 2.2. BOF-model predictions for a steel-to-timber connection based on first order and second 
order theory with different definitions of spring properties. 
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Definition 2 was found to be the most suitable approach when considering large de-
formation effects in BOF connection models. This approach mimics best experimental 
investigations and engineering design approaches by using input data definitions in 
the undeformed state, but still considers second order theory effects by force appli-
cation in the deformed state. This allows for the use of conventional experimental 
data as model input, and for comparison with experimental results from connection 
tests. Thus, Definition 2 is used for the remaining examples in this paper. 

3 Validation of the model with novel experiments 
To validate the BOF-model with second order theory effects, a novel test set up was 
developed. In addition to the overall load-displacement behavior, the tensile force in 
the dowel of a laterally loaded steel-to-timber connection was measured with a 
strain gauge inserted in the dowel’s neutral axis. Thus, this tensile force can be di-
rectly compared with the normal force in the beam element of the BOF-model. 

In addition to the connection tests, embedment tests, dowel friction tests and dowel 
tensile have been carried out by using the same material as in the connection tests. 
Results from these tests serve as input to the BOF-model, and thus allow for a con-
sistent validation of the model. 

3.1 Experimental investigations 

3.1.1 Connection tests 

In order to determine the rope 
effect, five connection tests were 
carried out in accordance with 
EN 26891. Two displacement 
transducers were attached to the 
steel plate in order to measure 
the displacements during the test 
(see Figure 3.1). 

For the timber elements, beech-
LVL with cross-layers (LVL Q) and 
without cross-layers (LVL S) were 
used. Furthermore, steel plates 
with steel grade S235, and mild 
steel dowels with a diameter of 
11.99 mm were applied. Connec-
tions with slotted-in steel plates 
as shown in Figure 3.1 were 
tested. In order to avoid frictional 

Figure 3.1. Test setup for shear tests. Left: cross section; 
top right: axonometric view; bottom left: exploded view. 
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forces between connection members, a distance tgap of 0.5 mm between these ele-
ments was ensured, by gluing two spruce boards with a thickness of 11 mm next to 
the 10 mm thick slotted-in steel plate (see Figure 3.1). 

In order to measure the rope effect of the con-
nection, a 64 mm deep hole with a diameter of 
2 and 3 mm was drilled into the dowels and a 
strain gauge was glued in (see Figure 3.1 and 
Figure 3.2). The strain gauge measured the 
strain of the dowel in the neutral axis, which al-
lows to calculate normal forces inside the dowel 
during the test. 

During the connection tests, a mean maximum machine load per shear plane Fmax of 
30.9 kN at a displacement wFmax of 14.2 mm was measured. In all specimens, the 
dowel formed two plastic hinges per shear plane and sheared off at connection fail-
ure. The average maximum normal force in the dowel Fmax,SG measured with the 
strain gauges was 3.6 kN. 

The slip modulus, Kser, was determined following the principles of EN 26891. How-
ever, the yield capacity was used instead of the connection capacity, Fv,R, for determi-
nation of Kser. The yield capacity was defined at a displacement offset of 0.1d, as pro-
posed by Schweigler et al. (2019) for embedment tests. Kser, was then defined as incli-
nation of the line connecting the points on the curve at 10% and 40% of the yield ca-
pacity. Results are summarized in Table 3.2 and load-displacement curves are given in 
Figure 3.6. 

3.1.2 Embedment tests 

A total of 15 embedment tests were carried out 
to determine the embedment strength of beech 
LVL as shown in Figure 3.3. The specimens were 
obtained from the side members of the connec-
tion tests described previously: 12 tests with LVL 
Q (from specimens 1 to 4), 3 tests with LVL S 
(from specimen 5). The specimens were not rein-
forced. The tests were carried out according to 
EN 383 until a maximum vertical displacement of 
15 mm. An overview of the results is given in Ta-
ble 3.2. 

  

Figure 3.3. Test setup for embedment 
tests. 

Figure 3.2. Dowels with strain gauge 
"KFB-3-120-C20-11 N5C2" from Kyowa 
Electronic Instruments Co., Ltd. 
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3.1.3 Friction tests 

Friction between dowel and narrow face of beech LVL was 
investigated experimentally on five specimens. The test 
set-up for friction tests in Schmidt (2018) was adopted, 
see Figure 3.4. The force F is applied axially to the dowel 
and hence parallel to the friction surface, while the con-
stant force FN is applied at 90 degrees to the friction sur-
face, so that an embedment pressure σN of 2.5 N/mm² 
acted at the dowel-wood interface. The force F is applied 
on the dowel up to a dowel displacement of 15 mm and at 
a speed of 5 mm/min. Static friction corresponds to the 
maximum force, Fstat, necessary to initiate a displacement between dowel and timber 
members. Dynamic friction corresponds to the average force, Fdyn, after the initial 
force peak, Fstat, when dowel and timber members move relative to each other. The 
static and dynamic friction coefficients, μ, were calculated according to ASTM G115 
(Equation (1)) and the results are shown in Table 3.1. 

 

μstat/dyn = 
𝐹𝑠𝑡𝑎𝑡/𝑑𝑦𝑛

2 𝐹𝑁
  (1) 

 

Table 3.1. Results of friction tests. 

μstat μdyn σN 

n 
mean CoV mean CoV N/mm² 

0.22 20.6 % 0.15 18.8 % 2.5 5 

μstat = coeff. of static friction; μdyn = coeff. of dynamic fricion; n = number of specimens 

 

3.1.4 Tensile tests on dowels 

In order to define the mechanical proper-
ties of the dowels, 10 tensile tests were 
realized. The tests were carried out ac-
cording to EN ISO 6892-1 on dowels with 
no reduction of their cross section (with-
out “dog-bone shape”). An overview of 
the results can be seen in Figure 3.5.  

  

Figure 3.4. Test setup for 
friction tests. 

Figure 3.5. Stress-strain curves of tensile tests. 
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Table 3.2. Results of the shear connection tests and embedment tests. 

specimen mat. 
ρ u fh,EN383 fh,Fmax Fmax wFmax Fmax,SG Kser 

(kg/m³) (%) (N/mm²) (N/mm²) (kN) (mm) (kN) (kN/mm) 

1 LVL Q 833 8.8 78.2 87.7 31.20 15.23 4.0 27.9 

2 LVL Q 828 8.8 76.1 82.0 31.42 14.48 3.8 25.0 

3 LVL Q 833 8.9 73.9 83.1 31.24 14.33 3.0 22.1 

4 LVL Q 854 8.5 79.3 89.4 31.36 12.83 4.3 28.4 

5 LVL S 806 7.9 67.0 67.0 29.48 14.14 2.9 24.9 

mean  831 8.5 74.9 81.8 30.9 14.2 3.6 25.7 

CoV  2.1% 4.8% 6.5% 10.8% 2.7% 6.1% 17.2% 10.0% 

mat. = material, ρ = density, u = moisture content, SG= strain gauge 

3.2 Input for model validation 

The connection geometry, i.e. side member thickness, t1, steel plate thickness, tsteel, 
dowel diameter, d, and gap between connection members, tgap, as well as results 
from connection component tests (Section 3.1), i.e. embedment tests, friction tests, 
and dowel tensile tests, were used as input to the BOF-model (Table 3.3). 

The non-linear embedment load-displacement curve was defined by the parameteri-
zation method presented in Schweigler et al. (2019), using the herein presented ap-
proach from Richard and Abbott reading as 

𝑓ℎ(𝑢𝑒𝑚𝑏) =
(𝑘𝑓,𝑒𝑙

𝑙𝑜𝑎𝑑−𝑘𝑓,𝑝𝑙) 𝑢𝑒𝑚𝑏

[1 + [
(𝑘𝑓,𝑒𝑙

𝑙𝑜𝑎𝑑−𝑘𝑓,𝑝𝑙) 𝑢𝑒𝑚𝑏

𝑓ℎ,𝑖𝑛𝑡𝑒𝑟
]

𝑎

]

1
𝑎⁄

+ 𝑘𝑓,𝑝𝑙 𝑢𝑒𝑚𝑏 . (2) 

Corresponding values are presented as mean values in Table 3.3. 

Table 3.3. Some BOF input properties for the model validation (mean values). 

t1 tsteel tgap d fh,inter 𝑘𝑓,𝑒𝑙
𝑙𝑜𝑎𝑑 kf,pl a 

(mm) (mm) (mm) (mm) (N/mm2) (N/mm3) (N/mm3) (-) 

72 10 0.5 12 70.5 110.8 0.547 3 

 

For the elasto-plastic behavior of the dowel, the mean stress-strain curve from dowel 
tensile tests presented in Section 3.1.4 was taken. The applied friction between 
dowel and borehole is based on the findings from the friction tests (see Sec-
tion 3.1.3). As regards the development of the coefficient of friction, μfast, with in-
creasing embedment displacement, uemb, and thus with increasing embedment 
stress, three hypotheses were investigated (see Table 3.4). In Hypotheses ℋ1 and 
ℋ2, the coefficient of friction was assumed to be constant and independent from the 
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embedment displacement. In Hypothesis ℋ3 a linear increase of the coefficient of 
friction with increasing embedment displacement was assumed. μfast= 0.80 at large 
embedment displacements was found in pretests at Linnaeus University. 

Table 3.4. The different hypotheses used to apply the friction between dowel and borehole. 

 ℋ1 ℋ2 ℋ3 

𝜇𝑓𝑎𝑠𝑡 0 0.15 0.15 + (
0.80 − 0.15

15
) 𝑢𝑒𝑚𝑏 

3.3 Engineering design approaches 

In addition to the experimental results from connection tests, current connection de-
sign approaches are applied for model validation, both in terms of capacity, Fv,R, and 
slip modulus, Kser. 

For the estimation of Fv,R,EYM the European Yield Model (EYM) was used. The mean 
embedment strength, fh, as input to the EYM; was calculated by computing Equa-
tions (2)) for uemb= 15 mm. For the connection geometry, values given in Table 3.3 
were used. The fastener yield moment was calculated by My,R= d3 Rm / 6, with Rm as 
the mean value of the experimental dowel tensile strength given in Figure 3.5. The 
current prefactors given in Eurocode 5 were not applied.The connection slip modu-
lus, Kser,EC5, was estimated according to Eurocode 5, with the dowel diameter as given 
in Table 3.3, and the mean density for beech LVL given in Table 3.2. 

3.4 Model validation 

Consistent use of materials in experiments, input data for BOF-model and engineer-
ing design approaches, as well as consistent use of evaluation methods allow for di-
rect comparison of experiments, BOF model and design approaches. This is done by 
means of connection load-displacement curves, tensile force in the fastener, connec-
tion capacity and slip modulus. 

In Figure 3.6a, the shear load, F2, per side member (shear plane) is plotted over the 
connection displacement, u2. In addition, the evolution of the normal force, N, in the 
dowel with u2 is illustrated. Thin gray lines represent experiments, while the three 
thick lines represent the results from the BOF model, corresponding to the three hy-
potheses for the friction between fastener and borehole. The horizontal red line gives 
the connection capacity, Fv,R,EYM, according to the EYM. 

From experiments and BOF-model, a pronounced nonlinear, ductile connection be-
havior can be seen. The BOF-model prediction follows closely the experiments in the 
quasi-elastic part of the load-displacement curve. However, as soon as yielding of the 
connection starts, a considerable deviation can be seen. It is also seen, that BOF-
curves for the three hypotheses start to deviate, which indicates the importance of 
the friction between dowel and borehole, which is the only difference in the three 
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hypotheses. Friction between LVL side member and steel plate was prevented in the 
BOF-model as it was done for the experiments. One explanation for the deviation be-
tween BOF and experiments after yielding could be an even higher friction between 
dowel and borehole as assumed in the three hypotheses for the BOF-model. Assump-
tion of a linearly increasing friction with the embedment displacement fits best but 
the relationship might be nonlinear. Additionally, a significant load transfer in fas-
tener direction in the area of largest embedment displacement, i.e. close to the steel 
plate, could take place. This area is located between the strain gauge and steel plate, 
and thus does not contribute to an increase of the normal force at the position of the 
strain gauge. 

 
Figure 3.6. Comparison of BOF-model (ℋ1, ℋ2 and ℋ3) with connection tests and EYM; (a) shear 
load, F2, per shear plane and normal force, N, in the dowel, plotted over connection displacement, 
u2, at the steel plate; (b) deformed state of the dowel for BOF-model (ℋ2) and experiment. 

In general, a good correlation of the normal force, N, from experiments and BOF-
model ℋ2 and ℋ3 is seen. Nevertheless, BOF-model ℋ3 overestimates N. Beside the 
aforementioned uncertainty in the assumed friction behavior between dowel and 
borehole, there are uncertainties in the measured strains from the strain gauge. Even 
if it was aimed to place the strain gauge exactly in the neutral axis of the dowel, it still 
might have happened that the measured strains included strains from bending defor-
mations, and thus falsified the calculated normal force. As expected, no significant N 
builds up if no friction is considered between dowel and borehole (ℋ1). 

In Figure 3.6b, the distribution of N along the fastener is illustrated (only half of the 
connection is illustrated). Considerable normal forces can only be seen in the part be-
tween the plastic hinges, since only in this part, significant embedment loads to acti-
vate friction exist. It also can be seen that the measured N strongly depends on the 
position of the strain gauge along the fastener. Compared to the chosen position, an 
about 50% higher N gets visible next to the steel plate (BOF-model ℋ2). In addition, 
Figure 3.6b shows the deformed state of the dowel from experiments and BOF. A 
good agreement of the deformed shape and position of the plastic hinge was found. 
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Comparing the connection capacity, Fv,R, the EYM prediction was about 20% lower 
than the mean value of the experiments (Table 3.5). The BOF-model with no friction 
(ℋ1) gives about 10% lower capacity as the EYM. This can be explained by the as-
sumption of full plastic embedment behavior in the EYM, which results in an overesti-
mation of the connection capacity. Compared to ℋ1, ℋ2 and ℋ3 lead to 8% and 20% 
higher capacities, respectively. Nevertheless, experiments still show about 10% 
higher capacity compared to the BOF-model with (ℋ3). The slip modulus, Kser, shows 
a very good agreement between experiments, BOF-model and EC5, with deviations of 
less than 5%. 

Table 3.5. Comparison of Fv,R, Nmax,SG and Kser from experiments, BOF-model, and EYM/EC5. 

 friction Fv,R  Nmax,SG Kser 

  (kN) (kN) (kN/mm) 

Experiments (mean) - 30.9 3.6 25.7 

BOF ℋ1 23.1 -0.36 26.9 

 ℋ2 24.9 3.5 26.9 

 ℋ3 27.7 5.5 26.9 

EYM / EC5 - 25.5 0 25.0 

4 Parameter study 
A parameter study is performed to investigate the influence of material properties, 
i.e., the fastener withdrawal behavior, as well as friction in the shear plane. Further-
more, the influence of the connection geometry on the rope effect is studied by vary-
ing the connection slenderness. Results are expressed as connection capacity, Fv,R, 
and slip modulus, Kser, and are compared to the EYM and stiffness estimations by EC5. 

The connection used for model validation (see Section 3.1), serves as reference con-
figuration. Hence, a steel-to-beech LVL connection with two shear planes, connected 
with a steel dowel is used. Friction between side member and steel plate was pre-
vented, if not other stated. In the following, individual parameters are varied to study 
their effect on the connection behavior. 

4.1 Withdrawal behavior 

Here the influence of the Effect 1, i.e., the normal force in the dowel (see Sec-
tion 2.1.1), on Fv,R and Kser is studied. This is done by variation of the coefficient of 
friction, μfast, between dowel and borehole from 0 to 1.0. A constant μfast over the 
embedment displacement is assumed, as it was done for ℋ1 and ℋ2. 
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Figure 4.1. Connection capacity,Fv,R, and slip modulus, Kser, per shear plane depending on the 
coefficient of friction, μfast, acting between fastener and borehole. 

The connection capacity, Fv,R, increases considerably by up to 55% with increasing 
μfast (Figure 4.1 left). In contrast, the EYM prediction is constant with changing μfast 
since it is based on first order theory. Thus, EYM gives up to 40% lower capacity. The 
increase in capacity is solely based on Effect 1, i.e., the additional force component 
from the normal force in the dowel, acting in direction of the shear plane, since fric-
tion in the shear plane is prevented. Nevertheless, it needs to be mentioned, that it 
can be questioned if μfast= 1.0 can be achieved in dowel connections, and that the 
steel dowel might fail due to M/N/V-interaction (Blaß et al., 2017) before the connec-
tion capacity at 15 mm displacement is reached. 

The slip modulus, Kser, shows to be independent from μfast (Figure 4.1 right). The same 
is true for the prediction by EC5, which was about 7% lower than the model predic-
tion. A constant, Kser, is expected, since it is a quasi-elastic property, and thus inde-
pendent from the rope effect, which is activated at larger connection displacements. 

4.2 Friction in the shear plane 

In this parameter study, Effect 2, i.e., activation of friction in the shear planes (see 
Section 2.1.2) is investigated. The corresponding coefficient of friction, μshear, be-
tween side members and steel plate is varied from 0 to 1.0. For the friction between 
fastener and borehole, μfast, is chosen according to ℋ2 to be constant 0.15. To cover 
two different connector types, a bolted connection is investigated in addition to the 
dowel connection, by extending the dowel connection with washers at both ends. 

The connection capacity, Fv,R, is illustrated in Figure 4.2 left. For the dowel connection 
no influence of μshear on its capacity was seen. This can be explained by the side mem-
bers not getting in contact with the steel plate, since the force component from the 
inclined embedment loading is larger than the counteraction force component from 
the tensile force, N, in the fastener, which would generate the contact pressure in 
the shear plane to activate friction. In contrast, for the bolted connection, an increase 
of Fv,R with increasing μshear by up to 50% is seen. Interestingly, an about 35% higher 
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capacity of the bolted connection compared to the dowel connection is seen, even if 
μshear= 0. This can be explained by the larger normal force in the bolt, which leads to a 
stronger Effect 1. In addition, Effect 3, i.e., straightening of the fastener, can be acti-
vated for the bolted connection. For the dowel connection a good agreement with 
the EYM was found, while the BOF bolt model showed 3%-59% higher capacity. As 
discussed in Section 4.2, μshear= 1.0 might be questioned, and the connection capacity 
could be limited by M/N/V-interaction of the fastener, which is not considered in the 
model. Nevertheless, for μshear= 0.25, which is the basis for the EYM, a 17% higher ca-
pacity was found in the BOF bolt model as for the EYM. 

The slip moduli, Kser, of the dowel and bolt connection are identical and constant with 
μshear, since the rope effect is activated at larger displacements (Figure 4.2 right). The 
same is true for Kser calculated according to EC5. 

 

Figure 4.2. Connection capacity ,Fv,R, and slip modulus, Kser, per shear plane depending on the 
coefficient of friction, μshear, acting in the shear planes between connection members. 

4.3 Connection slenderness 

The influence of the connection slenderness, t1/d, was investigated. This was done by 
using the reference connection for hypotheses ℋ2 and ℋ3, by adjusting the side 
member thickness t1. As for the model validation, activation of friction in the shear 
planes was prevented. For a connection with a slotted-in steel plate, three failure 
modes are possible, namely failure mode (f) no plastic hinge; (g) one plastic hinge at 
the steel plate, and (h) one plastic hinge in the steel plate and one in each side mem-
ber (see Figure 4.3). 

In Figure 4.3, qualitatively the same trend can be seen for the EYM model and for the 
BOF-model (ℋ2 and ℋ3). However, development of the first plastic hinge starts ear-
lier than predicted by EYM. For mode (g), a similar nonlinear trend as for the EYM is 
seen, however with a stronger increase of Fv,R with t1. Highest Fv,R is found at the tran-
sition from mode (g) to (h), follow by a decreasing Fv,R with increasing t1 for mode (h). 
This decrease is in contrast to the constant Fv,R from EYM, and can be explained by 
second order theory effects, which are neglected in the EYM. For failure mode (g) 
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and (h), Fv,R from BOF with ℋ2 is underestimated by 5-10%. This can be explained by 
assuming full plasticity in the EYM, which overestimates Fv,R. In contrast, the more 
pronounced rope effect in the BOF-model with ℋ3 results in up to 15% higher Fv,R. 

In failure mode (f), the BOF-model shows a linearly increasing trend of Kser with t1. 
Thereafter, Kser is almost constant, with first a slight decrease for mode (g) followed 
by a slight increase for mode (h) with increasing t1. The exactly same Kser was found 
for BOF with ℋ2 and ℋ3, which once more proves its independence from the rope 
effect. According to EC5, the slip modulus Kser is independent from the side member 
thickness and thus from the failure mode, which is shown by BOF to be a strong sim-
plification. For mode (f), EYM overestimates Kser by up to 40%, while an underestima-
tion of up to 10% was seen for mode (g) and (h). 

 

Figure 4.3. Connection capacity ,Fv,R, and slip modulus, Kser, per shear plane depending on the side 
member thickness, t1. Illustration for ℋ2 and ℋ3. 

5 Conclusions 
Comparing the European Yield Model (EYM) and BOF-model with experimental find-
ings demonstrated the potential of gaining higher connection capacity due to the 
rope effect in engineering design. In the example presented here, the capacity of the 
dowelled connection from experiments was about 20% higher as predicted by the 
EYM. This indicates that also in dowelled connections, a rope effect can be activated 
and thus could be considered in the design equations of the EYM. 

From model validation and parameter study it can be concluded that the rope effect 
considerably influences the capacity of dowelled and bolted connections. Thus, a re-
vision of the EYM could allow to consider the rope effect also for dowel connections 
and allow for a higher increase of the connection capacity of bolted connections. 
However, it was also seen that a displacement of several millimeters is required to 
activate the rope effect. Especially, to activate friction in the shear planes requires 
large displacements if a gap between connection members exists for assembly pur-
poses. It was also seen that the slip modulus is not influenced by the rope effect, but 
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by the connection slenderness, which should be considered in future revisions of de-
sign standards. 

In this contribution, the importance of the friction between connection members in 
the shear planes, and of the withdrawal behavior of the fastener was shown. To in-
crease the validity of the BOF-model, considering second order theory effects, more 
experiments including different connection types are required. Furthermore, it is of 
highest importance to deepen the understanding for the interaction between em-
bedment stress and withdrawal behavior of dowel-type fasteners, as an essential in-
put to phenomenological approaches, like BOF-models. Taking these steps, we are 
convinced that this type of models can be a valuable tool for advanced engineering 
design of connections in timber structures. 
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DISCUSSION 

The papers was presented by M Schweigler and M Vedovelli 

R Jockwer asked if the 0.25 factor to account for rope effect in the current Eurocode 5 
is correct.  M Schweigler responded that the 0.25 factor can account for the friction in 
shear mode; therefore, it is a good factor.  R Jockwer commented that maybe this 
factor accounted for more than just the friction. 

G Hochreiner asked what would be the plan to account for the gap and friction.  M 
Schweigler said one should not replace EYM.  But using this approach would require 
more parameters to be defined in the standard.  G Hochreiner also asked about the 
impact of elasticity perpendicular to grain, the size of side member, and the size of the 
washer.  M Schweigler said these issues should be investigated in future work. 

P Palma questioned on modelling with springs based on embedment tests and asked 
why not calibrate the model with single fastener tests.  M Schweigler said there are 
many parameters to be considered in a single fastener test which could mask the 
embedment properties. 

E Tuhkanen asked about the friction between the steel plate and timber member as in 
real connections movement might not be allowed.  M Schweigler said only one 
fastener was considered in this study.  With multiple fasteners the modelling 
approach of R Lemaître would be more realistic which would also work with slotted in 
steel plate. 

S Aicher asked about the density and compressive stiffness of the side member 
required to activate the friction force.  M Schweigler agreed that modelling of spring 
stiffness k is a challenge. 

S Franke agreed with the findings of 20% value as proposed. 
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1 Introduction 
Timber construction is gaining more and more importance, 
also because of the growing public awareness of the build-
ing industry's impact on the climate footprint. In order to 
enable the use of timber construction with its many posi-
tive properties in as many areas of application as possible, 
developments in the design methods have to take place 
parallel to further developments on the material side. To-
day the use of computer-based design methods is state of 
the art and is indispensable, especially in the case of highly 
indeterminate structures. At first sight, these numerical de-
sign methods provide very precise results for the internal 
forces and the deformations of the structure, but require 
just as precise input parameters. The stiffness of the cross-
sections used and, above all, of the modelled joints have a 
major influence on the results. Since timber construction 
with its slender load-bearing members and relatively low cross-sectional stiffness is 
highly dependent on the correct consideration of the connection stiffness, there is a 
great need to provide more detailed rules for adequate stiffness assumptions. 

Figure 1.1. Tensile test on 
steel-timber connection with 
2x3 fasteners 
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Within a former INTER publication (KUHLMANN & GAUß (2019 b)), the possibilities and 
advantages of the application of the component method in timber construction were 
pointed out, but also the need of an accurate prediction of the joint load-displacement 
behaviour. However, several investigations (KUHLMANN & GAUß (2019 a), KUHLMANN & 

GAUß (2019 b), JOCKWER & JORISSEN (2018), SANDHAAS & VAN DE KUILEN (2017), DORN ET AL. 
(2013)) showed that the stiffness calculation according to EN 1995-1-1 (2004) is not 
satisfactory and the revision of rules regarding the connection stiffness consequently 
is also part of the current work of PT SC5.T5 within the Mandate M/515 of CEN/TC 250. 
The deviations of the calculated and the experimental stiffness values are caused by 
the neglect of important influencing parameters like the load-to-grain angle, the slen-
derness of the fastener or the occurring group effect. 

In 2019 the stiffness and the load-carrying capacity of 66 steel-timber dowel connec-
tions have been presented in KUHLMANN & GAUß (2019 b). As a result, the deviation of 
the stiffness of the investigated connections compared with EN 1995-1-1 (2004) has 
been stated. A further series of 260 tests on steel-timber connections (see Fig. 1.1) 
were therefore carried out in a current research project, see KUHLMANN & GAUß (2021).  

Content of this paper are the results of experimental tests (steel-timber dowel connec-
tions, timber embedment tests, steel tensile tests), the results of numerical investiga-
tions based on Beam on Foundation (BoF)-models and a discussion of the formulas to 
determine the connection stiffness given in EN 1995-1-1 (2004). 

2 Experimental research  
2.1 General 

In the scope of the IGF research project No. 20625 N (see KUHLMANN & GAUß (2021)) 
tests on 260 steel-timber dowel connections and 18 tensile tests of fasteners were 
conducted. To gain realistic load-displacement curves as input values for the numerical 
modelling, within a DFG research project (see KUHLMANN ET AL. (2021)) additionally 93 
embedment tests on clear and faulty (e.g. cracks, knots) softwood and beech-LVL spec-
imens were carried out. The most important results are listed below, for more detailed 
information see the related project reports. 

2.2 Tensile tests on steel-timber dowel connections 

2.2.1 Test programme and setup 

In Table 2.1 the experimental programme of the tensile tests on steel-timber dowel 
connections is shown. Besides the type (dowels, bolts), the diameter (12 mm, 16 mm, 
20 mm) and the number of fasteners, the load-to-grain angle α, the type of reinforce-
ment with fully threaded screws, the slenderness of the fastener λ (t / d) and the spac-
ings a1 and a3,t related to the minimum distances were varied (see Figure 2.1). The 
standard timber grade was GL 24h, but comparative tests were also carried out on 
GL 28h and beech-LVL (GL 75h). In consultation with practitioners, the centred rein-
forcement with fully threaded screws was chosen as the standard case. 
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Table 2.1. Experimental programme of the component tests 

Fastener Ø [mm] n⊥ x n‖ α Reinforcement Timber grade λ (t) a1, a3,t 

Single (dowel) 

12 

16 

20 
1 x 1 

0° 

30° 

60° 

90° 

Without (1) 

Centred (2) 

Close (3) 

GL 24h 

GL 25h 

GL 75h 

1.7 (t3) 

4.5 (t2) 

7.0 (t1) 

1.0 

Single (bolt) 

12 

16 

20 

1 x 1 0° 
Without (1) 

Centred (2) 
 7.0 (t1) 1.0 

Group (bolts + 
dowels) 

12 

16 

20 

1 x 3 

1 x 5 

2 x 3 

2 x 5 

0° Centred (2)  7.0 (t1) 

1.0 

+25 % 

+ 50 % 

Example short name: “SD16 11 0 2” = dowel – Ø = 16 mm – 1x1 – 0° – centred reinforcement (2) 

For the tests with the load-to-grain angles 0°, 30° and 60° a symmetrical setup was 
chosen so that in each case two connections per specimen were tested at the same 
time. In Figure 2.1 the specimen of the tensile test of a connection with 1x3 fasteners 
and a centred reinforcement is shown. The measurement devices were placed follow-
ing the specifications of EN 383 (2007). The application of the load followed the proce-
dure according to EN 26891 (1991). Further information on the geometry and the test 
setup of the component tests are given in KUHLMANN & GAUß (2021). 

 

  

Dowel

Bolt

Steel plate

Support displacement
transducer

Fully threaded screw

Timber part

Front Side Isometry

Cross section

a1

a3,t

t

a1

Figure 2.1. Example of a specimen for tensile test parallel to grain with 1x3 fasteners 
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2.2.2 Test results 

The main test results for the initial stiffness Kser and the reloading stiffness Ke are 
summarised in Table 2.2 to Table 2.4 for the different fastener diameters. They also 
give a comparison of the mean values to the stiffness according to EN 1995-1-1 (2004), 
as well as the respective standard deviation (SD) and the coefficient of variation (CV). 
For a better understanding of the tables, the main characteristics of the individual test 
series are briefly explained below. The name of the test series is composed as follows: 

G- SD 16 11 0 2 _t2 

 Fastener type 
 
SD = dowel / group 
B = bolt 

Diameter 
in [mm] 

No. of 
fasteners 
 
n⊥ x n‖ 
11 = 1x1 
25 = 2x5 

Load-to-
grain angle 

Reinforcement 
 
1 = without 
2 = centred 
3 = close 

Additional 
properties 
 
Timber thickness 
Timber grade 
Spacings 

Additional properties are for example the timber thickness t (t2, t3), the timber grade 
(GL 28h, GL 75h) or the spacing of fasteners (a1, a3,t). In the standard case, t was di-
mensioned in such a way that two plastic hinges are formed per shear plane (t1). The 
thickness t2 was chosen so that one plastic hinge is formed, for t3 the connection should 
show an embedment failure. Another variant is the spacing of the fasteners. In the 
standard case, the minimum distance according to EN 1995-1-1 (2004) was used. As 
variations of the fastener group with 1x5 fasteners (Ø 16 mm) the minimum distance 
between the fasteners a1 and the minimum distance to the end grain a3,t were enlarged 
by 25 % and 50 %. To support the evaluation of test results and to be able to better 
quantify the influence of the material scattering on the connection stiffness, 3D-com-
puter tomography (3D-CT) scans of the timber parts of 60 connections were carried 
out before testing. The scans also delivered very interesting results (see KUHLMANN & 

GAUß (2021)), but are not dealt with further in this paper due to lack of space. 

Table 2.2. Initial stiffness Kser and reloading stiffness Ke from tensile tests on steel-timber dowel con-
nections Ø = 12 mm; SD = standard deviation, CV = coefficient of variation 

Ø 12 mm Mean [kN/mm] (Ktest / KEC5) SD [kN/mm] CV [%] 

Series  Kser  Ke Kser Ke Kser Ke 

G-SD12 11 0 1  23.5  (131 %)  58.9  (250 %) 4.7 16.7 19.8 28.4 

G-SD12 11 0 2  20.2  (112 %)  52.0  (258 %) 5.1 10.2 25.3 19.6 

G-SD12 11 0 3  17.8  (99 %)  49.6  (279 %) 1.9 6.9 10.6 13.8 

G-SD12 11 0 1_t2  22.4  (124 %)  44.2  (198 %) 4.1 9.0 18.1 20.4 

G-SD12 11 0 1_t3  15.3  (85 %)  44.1  (288 %) 2.3 4.3 15.3 9.6 

G-SD12 11 90 1  11.3  (63 %)  22.5  (200 %) 1.5 2.5 13.2 11.0 

G-SD12 11 90 2  9.4  (53 %)  18.5  (196 %) 2.5 3.5 26.1 19.1 

G-SD12 13 0 2  44.5  (83 %)  124.9  (281 %) 6.1 8.6 13.7 6.9 

G-SD12 15 0 2  80.6  (90 %)  195.7  (243 %) 12.9 16.1 16.0 8.2 

G-B12 11 0 1  21.1  (118 %)  53.2  (252 %) 4.1 10.6 19.2 19.9 

G-B12 11 0 2  20.9  (117 %)  54.1  (259 %) 3.3 3.6 15.7 6.7 
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Table 2.3. Initial stiffness Kser and reloading stiffness Ke from tensile tests on steel-timber dowel con-
nections Ø = 12 mm; SD = standard deviation, CV = coefficient of variation 

Ø 16 mm Mean [kN/mm] (Ktest / KEC5) SD [kN/mm] CV [%] 

Series  Kser  Ke Kser Ke Kser Ke 

G-SD16 11 0 1  33.0  (138 %)  57.7  (175 %) 10.9 11.8 33.1 20.4 

G-SD16 11 0 2  37.5  (157 %)  68.0  (181 %) 5.3 8.4 14.0 12.4 

G-SD16 11 0 3  35.8  (149 %)  70.2  (196 %) 3.6 10.0 9.9 14.3 

G-SD16 11 0 1_t2  30.4  (127 %)  48.7  (160 %) 5.0 6.7 16.4 13.8 

G-SD16 11 0 1_t3  22.2  (93 %)  57.9  (308 %) 4.4 9.3 19.7 16.0 

G-SD16 11 0 2_GL28  34.4  (144 %)  70.9  (206 %) 1.9 8.7 5.6 12.2 

G-SD16 11 0 2_GL75  61.7  (98 %)  98.5  (160 %) 17.3 25.6 27.9 26.0 

G-SD16 11 30 1  26.4  (110 %)  43.3  (164 %) 3.5 2.1 13.4 4.8 

G-SD16 11 30 2  26.7  (111 %)  43.1  (162 %)) 2.8 1.9 10.5 4.5 

G-SD16 11 60 1  24.2  (101 %)  36.6  (152 %) 2.0 1.5 8.5 4.2 

G-SD16 11 60 2  22.3  (93 %)  32.9  (148 %) 3.0 4.3 13.5 13.0 

G-SD16 11 90 1  22.4  (94 %)  33.5  (149 %) 1.1 0.9 4.8 2.6 

G-SD16 13 0 2  91.3  (127 %)  199.7  (219 %) 10.4 14.4 11.4 7.2 

G-SD16 15 0 2  148.4  (124 %)  290.4  (196 %) 28.2 47.8 19.0 16.5 

G-SD16 15 0 2_1.25 a1  150.9  (126 %)  326.4  (216 %) 16.1 21.9 10.7 6.7 

G-SD16 15 0 2_1.5 a1  169.8  (142 %)  345.7  (204 %) 19.6 55.3 11.6 16.0 

G-SD16 15 0 2_1.25 a3  172.4  (144 %)  330.0  (191 %) 23.5 45.2 13.6 13.7 

G-SD16 15 0 2_1.5 a3  134.4  (112 %)  282.9  (210 %) 10.7 20.8 8.0 7.3 

G-SD16 23 0 2  172.6  (120 %)  323.8  (188 %) 17.4 10.6 10.1 3.3 

G-B16 11 0 1  38.3  (160 %)  72.4  (189 %) 6.0 12.4 15.6 17.1 

G-B16 11 0 2  40.7  (170 %)  76.4  (187 %) 5.8 12.5 14.3 16.4 

 

Table 2.4. Initial stiffness Kser and reloading stiffness Ke from tensile tests on steel-timber dowel con-
nections Ø = 20 mm; SD = standard deviation. CV = coefficient of variation 

Ø 20 mm Mean [kN/mm] (Ktest / KEC5) SD [kN/mm] CV [%] 

Series  Kser  Ke Kser Ke Kser Ke 

G-SD20 11 0 1  62.7  (210 %)  99.2  (158 %) 8.9 12.0 14.2 12.1 

G-SD20 11 0 2  56.2  (188 %)  111.0  (197 %) 7.4 25.2 13.1 22.7 

G-SD20 11 0 3  58.8  (197 %)  99.6  (169 %) 9.3 22.5 15.7 22.6 

G-SD20 11 0 1_t2  57.7  (193 %)  87.5  (152 %) 10.2 16.7 17.7 19.1 

G-SD20 11 0 1_t3  55.5  (185 %)  105.8  (191 %) 4.9 11.0 8.8 10.4 

G-SD20 11 90 1  32.7  (109 %)  48.1  (147 %) 2.3 4.8 7.1 9.9 

G-SD20 11 90 2  32.3  (108 %)  51.2  (159 %) 3.9 9.2 12.2 18.0 

G-SD20 13 0 2  145.1  (162 %)  273.1  (188 %) 11.2 25.9 7.7 9.5 

G-SD20 15 0 2  255.1  (170 %)  483.9  (190 %) 43.2 58.3 16.9 12.0 

G-B20 11 0 1  48.2  (161 %)  94.2  (196 %) 8.4 12.6 17.3 13.4 

G-B20 11 0 2  60.3  (202 %)  110.2  (183 %) 11.5 16.4 19.1 14.8 
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The influence of the individual parameters on 
the load-displacement behaviour of the con-
nections was evaluated. The most important 
findings regarding the connection stiffness are 
summarized in Chapter 4 together with the re-
sults of the numerical and analytical investiga-
tions. In Figure 2.2 exemplarily the stiffness val-
ues Kser and Ke are compared for connections 
with a fastener diameter of 16 mm and a vary-
ing number of fasteners. The solid lines repre-
sent the ideal linear correlation between the 
number of fasteners and the connection stiff-
ness, the dashed lines connect the mean values 
of the respective series. It can be seen that the 
stiffness per fastener is lower for the fastener groups than for the single fastener. How-
ever, there is no significant decrease of the stiffness Kser per fastener with a further 
increasing number of fasteners, but rather a general reduction for fastener groups 
compared to the single fastener. 

2.3 Tensile tests on dowels and bolts 

The dowels and bolts were made from cold-drawn bars (ordered S235JR) with a length 
of 6 m and then were galvanized. The bolts correspond to longer dowels, which were 
threaded at both ends. The material properties of the connectors listed in Table 2.5 
have been determined by tensile tests on the basis of randomly taken samples. The 
actually existing tensile strength fu,k (see Rm in Table 2.5) is on average considerably 
higher than the minimum strength according to the standard for a structural steel S235 
acc. EN 1993-1-1 (2005) or for the screw tensile strength 4.6 acc. EN 1993-1-8 (2005). 
This overstrength coincides with the values determined in other research projects for 
the material properties of dowels (e.g. BRÜHL (2020), SCHWEIGLER (2018), SANDHAAS 

(2012)). For the determination of the connection stiffness the tensile strength of the 
fastener plays a subordinate role, but it is decisive for the load-bearing capacity. 

Table 2.5. Mean values of the material properties of fasteners from tensile tests 

Diameter  
[mm] 

Yield strength Rp 0.2  
[N/mm²] 

Tensile strength Rm  
[N/mm²] 

MoE 
[N/mm²] 

No. of tests 

12 521.4 579.3 212 728 7 

16 595.3 623.9 208 250 5 

20 593.6 627.4 211 107 6 

2.4 Embedment tests 

Normally clear samples are used for embedment tests. In real connections, however, 
it cannot be prevented that there are different material imperfections like knots or 
cracks in the embedment area of the fasteners. In order to be able to consider the 

Figure 2.2. Comparison of the stiffnesses 
Kser and Ke of fastener groups 
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influence of these imperfections on the embedment behaviour and to ensure compa-
rable boundary conditions between the connection and embedment tests, 93 own em-
bedment tests were carried out on clear and faulty softwood and hardwood specimens 
within the framework of the Cluster of Excellence “IntCDC” (see KUHLMANN ET AL. 
(2021)). In addition to the timber grade (GL 24h, GL 75h), the fastener diameter 
(12 mm, 16 mm, 20 mm) and the load-to-grain angle (0°, 90°) were varied. The defor-
mation measurements were carried out with the optical measuring system ARAMIS. 
The mean values of the different embedment tests were used as input values for the 
numerical models and also for the verification and validation of the models. For more 
detailed information see also KUHLMANN ET AL. (2021). 

3 Numerical investigations 
3.1 Model description 

In order to be able to examine the influence of the various parameters involved in the 
load-displacement behaviour of dowel-type fasteners, such as the embedment prop-
erties of the timber below the fastener, the stress-strain curve of the steel or the ge-
ometry of the specimen, a numerical model was developed in RFEM (Dlubal). The nu-
merical model is based on the approach presented by HOCHREINER ET AL. (2013) and ex-
panded by SCHWEIGLER (2018). The load-displacement behaviour of the connection is 
approximated by means of a non-linearly embedded beam. Figure 3.1 shows a detail 
of the numerical model and gives an overview of the individual components and node 
properties. Deviating from the original approach, the modelling of the contact area 
between the fastener and the steel plate was modified. The occurring deformations of 
the fastener and the development of the plastic hinges at the edge of the steel plate 
are considered in detail. The modelling of the embedment behaviour of the timber and 
the steel plate as well as the material properties of the fasteners were carried out using 
multilinear approaches. The timber embedment was approximated through 9 individ-
ual points, the steel plate embedment and the fasteners material by 12 points. 

 

Figure 3.1. Detail of the numerical model and overview of the individual components 
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The model was verified and validated by the experimental tests (connections and em-
bedment) and a numerical parameter study was carried out on the basis of the vali-
dated model. 

3.2 Results 

The modeling approach based on the non-linearly 
embedded beam is a good way of predicting the load-
displacement behaviour of steel-timber dowel con-
nections. The embedment behaviour of the timber could 
be verified on the basis of embedment tests carried out. 
The occuring deformations in the contact area of the steel 
plate and the fastener has proven to be an important 
parameter that influences both the connection stiffness 
and the load-bearing capacity. However, it is not the 
deformations of the steel plate that is decisive, but the 
large plastic deformations of the fastener due to their multi-axial stress state, see Fig-
ure 3.2. The material behaviour of the fastener can be described very well by the 
stress-strain relationship obtained in the tensile tests of the fasteners.  

If the input parameters were appropriately 
selected, the load-displacement behaviour 
and the stiffness K of the numerical models 
always showed a very good accordance with 
the experimental results (see “RFEM” in Fig-
ure 3.3). Using averaged input values from 
the embedment and the tensile tests, it was 
also possible to predict the connection 
behaviour under varying geometric boundary 
conditions (see “Mean”). Therefore, the 
modeling approach seems to be suitable for 
predicting the connection stiffness in the 
context of a numerical parameter study. An 
important finding of the numerical investigations is that the tolerances in the 
connection have a greater effect on the connection stiffness than expected. Such 
tolerances can arise from the scheduled hole tolerance between the fastener and the 
steel plate, from the initial slip in the embedment of timber or from tolerances in the 
timber geometry and can hardly be avoided in real connections. The existing tolerances 
lead to a delayed activation of different embedment areas for the individual fasteners 
or, in the case of fastener groups, to a stepwise activation of the fasteners. This 
stepwise activation reduces the maximum stiffness of the connection, as individual 
areas begin to plasticize before others can develop their full stiffness.  

Figure 3.2. Occuring plastic 
deformations of the fastener 
for large bending angles 
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4 Conclusions and suggestions for the deter-
mination of the connection stiffness 

4.1 General 

This chapter summarizes the most important findings from the conducted experi-
mental, numerical and analytical investigations regarding the influencing parameters 
on the load-displacement behaviour of steel-timber dowel connections. Due to the 
large scatter of the stiffness values occurring within the individual test series and when 
comparing it with other research results, it is not meaningful to specify one single value 
for the connection stiffness within EN 1995-1-1. Rather, it is recommended to specify 
limit values for minimum, average and maximum expected stiffness values in future 
versions of the design standards, which are based on the scatter observed in the tests. 
This procedure would increase the understanding and acceptance of the values given 
in the standard and enable the planner to use the most unfavourable connection stiff-
ness depending on the design situation. In order to be able to specify the scatter range 
as realistically as possible, the values should be based on the largest possible data ba-
sis. This requires the establishment of a comprehensive database of connection stiff-
nesses, which, in the ideal case, contains not only the pure stiffness values but also 
boundary conditions such as the way of deformation measurement, the dimensions of 
the individual parameters and information on the manufacturing tolerances. As part of 
the IGF research project, a first step was taken and the stiffness values recorded in this 
and another research project were included into a database. The extension by further 
data records and the evaluation of the data can thus take place in the next step. De-
spite the large spread of the stiffness values, the influence of the individual factors is 
quantified as well as possible. Based on this, the following suggestions for the calcula-
tion of the connection stiffness can be made. 

4.2 Embedment properties of timber 

The embedment behaviour of the timber has a direct effect on the load-displacement 
behaviour of the connection. The evaluation of the numerical parameter study has 
shown that an increase in the elastic embedment stiffness by 20 %, for example, leads 
to an increase in the maximum stiffness of the connection by 12 %. The initial slip u0 
also has a strong effect on the maximum value of the stiffness due to a delay in reach-
ing the maximum connection stiffness. An initial slip of 0.1 mm leads to a decrease in 
the maximum connection stiffness of approx. 7 %, a slip of 0.2 mm leads to a decrease 
of approx. 15 % compared to a connection without an initial slip. The initial slip result-
ing from the roughness of the borehole surface or from deviations in the borehole 
geometry from the nominal size thus has a strong effect on the connection stiffness 
even with relatively small values of u0. The maximum embedment stress of the timber 
and the course of the embedment curve in the plastic area, on the other hand, have 
a strong effect on the load-bearing capacity of the connection, but only have a minor 
influence on its initial stiffness. 
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However, due to the numerous material but also geometric imperfections that occur 
in the timber components, these properties vary widely. By using mean values for the 
embedment properties from experimental tests, the fundamental load-displacement 
behaviour of the connection can, however, be predicted relatively precisely. An esti-
mation of the scatter range of the connection stiffness can be made by using minimum 
and maximum embedment properties. Through the work of SCHWEIGLER & SANDHAAS 

(2018), numerous experimentally determined embedment values have already been 
collected and made available in the form of a database, which can be used as input 
values for the numerical and analytical modelling. 

4.3 Fastener diameter d 

For the influence of the fastener diameter d, when determining the connection stiff-
ness according to EN 1995-1-1 (2004), a linear relationship between diameter and 
stiffness is currently assumed. In Table 4.1, various parameters of the different dia-
meters are set in relation to each other. As a comparison, the individual diameters and 
the respective cross-sectional areas in relation to the fastener Ø 12 mm are given. 
There is thus a linear relationship between the values of the diameter d and a quad-
ratic relationship between the diameter d and the ratio value for the cross-sectional 
area. If one compares the ratios of the initial stiffness Kser, it is noticeable that for the 
timber thickness t1 (mean value over all reinforcement variants in each case) the ratios 
of the individual diameters show a quadratic relationship rather than a linear one. For 
the timber thicknesses t2 and t3, the values for the diameter 16 mm lie between the 
ratios of the linear and the quadratic relationship, for the diameter 20 mm, there is 
still a quadratic relationship with the diameter. Since the stiffness values for the timber 
thicknesses t2 and t3 are subject to significantly larger geometric imperfections and 
the sample size is small, these ratio values are, however, subject to greater uncertain-
ties than the values for the timber thickness t1.  

Based on the results of the experimental investigations, it can be stated that the influ-
ence of the diameter on the connection stiffness is currently underestimated by EN 

1995-1-1 (2004). The approximately quadratic relationship between the fastener di-
ameter and the connection stiffness determined in these investigations should there-
fore be checked using further existing test results and other fastener diameters. If the 
relationship is confirmed, the size influence of the diameter could be considered, for 
example, by introducing an exponent (e.g. d1.9) for the diameter in the equation of the 
stiffness. The specific value of the exponent should be checked with further test data. 

Table 4.1. Comparison of the ratios of the diameter, the area and the stiffness values Kser for different 
timber thicknesses t related to the fastener diameter 12 mm, value = Kser / Kser,12mm 

Series  Diameter d Area A Kser (t1) Kser (t2) Kser (t3) 

Ø 12 mm 1.0 1.0 1.0 1.0 1.0 

Ø 16 mm 1.33 1.78 1.72 1.36 1.45 

Ø 20 mm 1.67 2.78 2.89 2.58 3.6 
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4.4 Load-to-grain angle α 

The load-to-grain angle α is currently only con-
sidered when determining the load-bearing 
capacity of a connection and not when deter-
mining the connection stiffness. The experi-
mental and numerical investigations with ex-
perimentally determined embedment values 
have shown, however, that with increasing an-
gle α a strong decrease in connection stiffness 
can be observed. Since load-to-grain angles 
not equal to 0° in complex structures, such as 
trusses, are the rule rather than the exception, 
the load-to-grain angle should be considered, 
when determining the connection stiffness. 
Table 4.2 shows the stiffness values deter-
mined for the different diameters for the in-
vestigated load-to-grain angles in relation to the stiffness with a load in grain direction. 
It can be seen that the stiffness for a load perpendicular to the grain direction is ap-
prox. 50 % lower than for a load in the grain direction. The value for α = 90° for a 
diameter of 16 mm is only of limited significance, as it is only made up of the results 
of three unreinforced connections. For the remaining diameters, at least 10 values 
each (5x unreinforced and 5x reinforced) could be used. From the values for the angles 
α = 30° and 60°, a disproportionate large decrease in stiffness with increasing load-to-
grain angle can be seen at the beginning. However, as α continues to increase, the 
rate of decrease in stiffness becomes lower and lower (see Figure 4.1).  

Table 4.2. Comparison of the initial stiffness Kser for different load-to-grain angles α in relation to  
loading parallel to the grain-direction (α = 0°), value = Kser / Kser,0° 

Series  α = 0° α = 30° α = 60° α = 90° 

Ø 12 mm 1.0 - - 0.51 

Ø 16 mm 1.0 0.75 0.63 (0.63)* 

Ø 20 mm 1.0 - - 0.55 

  * Only a small sample size was available 

It is recommended to reduce the initial stiffness for a load-to-grain angle α = 90° com-
pared to a loading parallel to the grain (α = 0°) by 50 %, as is already the case, for 
example, in the Swiss timber construction standard SIA 265 (2012). For the investi-
gated load-to-grain angles between 0° and 90°, a non-linear relationship between the 
load-to-grain angle and the stiffness was found. For example, an approach based on 
the Hankinson equation could be used to determine the intermediate values. For an 
exponent between 1.5 and 2.0, a relatively good accordance is achieved for the con-
nections examined (see Figure 4.1 with exponent 1.6). However, the test results are 
subject to a certain degree of uncertainty due to the test setup chosen and the small 
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sample size. A comparison with other test results or with numerical results is therefore 
recommended. Since the scatter of the stiffness values is usually very large, a simpli-
fied approach in the form of a linear interpolation between the stiffness values for α 
= 0° and α = 90° would certainly also be a reasonable approximation that would signif-
icantly reduce the effort of determination. 

4.5 Number of fasteners 

A group effect for the initial stiffness could be determined for all examined diameters 
(experimental results see Figure 2.2). In Table 4.3, the experimental initial stiffness Kser 
per fastener is given in relation to the stiffness of a single fastener for the examined 
diameters. It can be seen that the values all fluctuate around the value 0.8. A clear 
dependence of the values on the total number of fasteners cannot be seen when con-
sidering all diameters. The numerical investigations have shown that the decrease in 
stiffness per fastener can be explained by a stepwise activation of the individual fas-
teners within the fastener group. This stepwise activation can mostly be explained by 
the existing hole tolerance between fastener and steel plate and is therefore subject 
to a certain scattering depending on its distribution within the connection. The defor-
mation of the timber matrix between the individual fasteners also contributes to an 
uneven distribution of the forces within the connection, but this proportion is to be 
assessed as low in relation to the hole tolerance. 

Table 4.3. Comparison of the initial stiffness Kser per fastener for a different number of fasteners in 
relation to the stiffness of a single fastener, value = Kser / (Kser,1x1 ∙ n) 

Series  1x1 1x3 1x5 2x3 

Ø 12 mm 1.0 0.72 0.79 - 

Ø 16 mm 1.0 0.85 0.83 0.81 

Ø 20 mm 1.0 0.82 0.86 - 

Due to the complexity of precisely considering the hole tolerance within a fastener 
group, it is recommended to reduce the stiffness for fastener groups by a fixed value 
of 0.8, independently of the number of fasteners. The initial slip of the connections 
examined was usually one third of the maximum possible hole play, i.e. 0.33 mm on 
average with an oversize of the holes in the slotted plate of 1 mm. 

5 Summary 
The interaction of the non-linear behaviour of the timber and the fastener is challeng-
ing, when predicting the load-displacement behaviour of dowel connections. In 
chap. 4, the most important influencing factors on the connection stiffness were sum-
marized, considering the experimental, numerical and analytical results, and recom-
mendations were given for consideration in the design. The establishment and evalu-
ation of a comprehensive database is seen as the key for the revision of the values for 
Kser given in EN 1995-1-1 (2004) as well as for the specification of minimum, mean and 
maximum values. In addition to the numerous tests on steel-timber dowel connections 
carried out at the Institute of Structural Design at the University of Stuttgart, further 
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results from other research projects should also be included to be able to realistically 
assess the large scattering of stiffness values. However, important adjustments could 
already be made in the context of the next generation of Eurocode 5. For example, a 
50 % reduction of the initial stiffness for a load perpendicular to the grain direction 
compared to a load parallel to grain direction could easily be included. A reduced stiff-
ness for α = 90° is already considered in the Swiss timber standard SIA 265 (2012) and 
has already been published several times in various research projects and therefore 
may be regarded to be state of the art. The reduction of the stiffness per fastener for 
fastener groups has also been known for a long time (BRÜHL (2020), JORISSEN (1998), 
SANDHAAS (2012)) and could be considered as a first approach using a general reduction 
factor (e.g. 0.8). The influence of the diameter is also underestimated according to the 
results of this research project and should therefore be further evaluated in compari-
son with other research results. In addition to the respective research reports, a fur-
ther summary of the overall results is currently being prepared (GAUß (2022)). 
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DISCUSSION 

The papers was presented by J Gauß 

J M Cabrero asked about the details of the embedment test and received explanation 
of the position of the reinforcement. J Gauß said that small steel plates were used to 
load the specimen in tension.  J M Cabrero and J Gauß discussed the possible reasons 
of why lower stiffness was measured for some of the reinforced cases as close position 
of the reinforcements could have densified some wood material leading to lower 
stiffness.   

H Blass received clarification that with reinforcement stiffness decrease was observed 
but ultimate load was increased.  Also the stiffness was based on absolute not relative 
load.  

F Lam received clarification that full hole tests used in the embedment tests did not 
result in bending of the dowel. 

S Aicher and J Gauß discussed the range of the observed stiffness information in terms 
of fitting of the model curve to the data.  J Gauß said some values are 50% to 100% 
higher than the lowest values.  The COV of the embedment test might be around 40% 
and the COV of the tensile test might be around 25%.  Also embedment test results 
with only the undisturbed specimens might be unrealistic. 

A Frangi commented that the reasoning behind group effect as explained was difficult 
to understand.  He suggested not to include group effect for Kser as only having a 
single connector would be unrealistic.  J Gauß said that the hole tolerance limit has 
large scatter and agreed it would be easier to provide an overall stiffness reduction.  A 
Frangi commented that d1.7 is in the Swiss code. 

T Tannert asked about the sensitivity of the data to the variability of steel.  J Gauß said 
steel variability did not affect Kser but affected load capacity.  T Tannert asked about 
extending the work to multiple steel plate connections.  J Gauß said the beam on 
foundation model should be applicable for multiple steel plate connections. 
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1 Introduction
Timber connections with steel dowel‐type fasteners are currently the most com‐
monly used type of connection in timber engineering. In the case of structures
submitted to low loads, such as housing and low‐rise buildings, usually connec‐
tions with small diameter fasteners such as nails, screws, and rivets, which par‐
tially penetrate the timber element, are used. A representative timber‐to‐steel
connection loaded parallel‐to‐grain with a total of 15 small diameter dowel‐type
fasteners distributed in 5 columns and 3 rows is depicted in Fig. 1a, while Fig. 1b
and Fig. 1c show the side view of the connection before and after the brittle fail‐
ure, respectively. The geometrical parameters that describe the connection and
the used nomenclature within this paper are included in Fig. 1.

Fig. 2 depicts different configurations of a connection with small diameter fasten‐
ers, by combining timber members with steel plates (Fig. 2a and Fig. 2b) or only
timber elements (Fig. 2c and Fig. 2d). The number of shear planes ns depends on
the total number of elements of the connection: connetions in Fig. 2a and Fig. 2c

INTER / 54 - 7 - 10

243



d

a4

a2

a 1
bc

L c

a 3

b

nr

nc

F

F

(a) Front view

tp

Lp

nc

t

L

F

F

(b) Side view

tef

tpt

F

F

(c) Side view after failure
Figure 1. Basic geometry of a generic timber‐to‐steel connectionwith small diameter dowel‐type
fasteners.

have twomembers and one shear plane, whereas those in Fig. 2b and Fig. 2d have
three elements and two shear planes.

A ductile response is desirable in connections, especially in seismic regions. Duc‐
tile behaviour relates to the embedment of the wood and the yielding of the fas‐
teners. A brittle behaviour implies a sudden failure of the connection related to
the wood fracture. The European Yield Model (EYM) included in most of the stan‐
dards worldwide considers ductile mechanisms. In contrast, models dealing with
brittle failure modes are quite recent, and its inclusion in standards such as the
Eurocode 5 (2004), the CSA Standard O86‐09 (2009) or in the connection chapter
of the future version of the New Zealand standard (Quenneville and Zarnani, 2017)
is still ongoing. Regarding connections with small diameter fasteners, due to the
usual high slenderness Lp/d of the fasteners, a pure brittle failure is quite unusual.
Instead, a mixed failure (as noticed by Zarnani and Quenneville (2014) and Yurrita,
M. and Cabrero, J.M. (2021)), in which the cracks of the wood are developed after
yielding of the fastener has begun, is more probable.

The most relevant brittle failure type of timber connections with small diameter
dowel‐type fasteners loaded parallel to the grain is plug shear, which is depicted
in Fig. 3c. In this failure mode, the wood planes that define the volume of the
connection are activated: two lateral shear planes L, a bottom shear plane B and
a head tensile plane H. The area Av,L of the L plane is defined by the length of the
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(a) wood‐steel (b) steel‐wood‐steel (c) wood‐wood (d) wood‐wood‐wood

Figure 2. Side view of the possible configurations in connections with partially penetrating small
diameter dowel‐type fasteners.

L
H

(a) Mode A

H

B

(b) Mode B

L
H

B

(c) Mode C
Figure 3. Failure modes including the failure planes (lateral shear L, bottom shear B and head
tensile H).

connection Lc and the effective thickness tef of the timber member. The area Av,B
of the B plane is defined by the length of the connection Lc and the width of the
connection bc. Finally, the area At,H of the H plane is obtained by multiplying the
width of the connection bc by the effective thickness tef. Fig. 3a and Fig. 3b depict
two additional types of plug shear in which one of the described failure planes is
not activated: in Mode A (Fig. 3a), the lack of a bottom shear plane expands the
lateral shear planes up to the whole timber thickness t (block shear failure); in the
case of Mode B (Fig. 3b), the lateral shear planes disappear, leading to a bottom
shear plane and including the whole timber width b.

2 Existing proposals
Existing models for brittle failure of timber connections with small diameter fas‐
teners focus on Mode C (plug shear, Fig. 3c), while not all of them considers the
two other variants. All of them are conceived as design models which determine
the capacity of each of the failure planes. Such capacity is obtained by multiply‐
ing the area of each failure plane by the corresponding strength (tensile strength
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Table 1. Summary of the existing models for brittle failure in connections with small diameter
dowel‐type fasteners.

Model Mode A Mode B Mode C
Stahl et al. (2004) Av,Lfv + At,Hft,0 Av,Bfv + At,Hft,0 (Av,L + Av,B)fv + At,Hft,0
Eurocode 5 (2004) max{ 1.5At,Hft,0

0.7Av,Lfv
− max{ 1.5At,Hft,0

0.7(Av,L + Av,B)fv
Kangas and Vesa (1998) − − Av,Bfv + At,Hft,0
Johnsson and Parida (2013) − − max{ At,Hft,0

Av,Bfv
Quenneville and Zarnani (2017) Stiffness approach Stiffness approach Stiffness approach
a Stahl et al. (2004) and Eurocode 5 (2004) consider Lnet instead of Lc for L planes.

parallel‐to‐grain ft,0 for the head plane H and shear strength fv for lateral planes L
and bottom plane B). They differ on how the area of the involved failure planes
is defined (specially regarding the effective thickness tef, and considering net or
gross values for the length and width of the connection) and on how the load car‐
rying capacities of these failure planes are combined to achieve the total capacity
of the connection. A summary of the criteria followed by each model is given in
Table 1.

Themodel from Stahl et al. (2004) considers the three previously described failure
modes. The load‐carrying capacity of each failure mode is defined as the sum of
the capacities of the involved failure planes. The effective thickness tef is equal to
the penetration length Lp of the fastener.

Originally, the prenormative version from 1995 of the Eurocode 5 (2004) did not
consider plug shear. In the current version, modes A and C were considered in its
informative annex A. The load‐carrying capacity is considered as either the maxi‐
mum among that of the H plane or the sum of the capacities of the L and B planes.
The effective thickness tef depends on the yielding mode of the fastener (none,
one or two plastic hinges) derived from the EYM.

Themodels from Kangas andVesa (1998) and Johnsson and Parida (2013) consider
only Mode C and define the effective thickness tef as that corresponding to the

yielding mode with two plastic hinges (tef = √ My
fh,0d

). Both of them also described
that the failure of L planes was reached prior to the failure of the other planes and,
therefore, they discarded them: Kangas and Vesa (1998) defines the load‐carrying
capacity as the sum of the capacities of the H and B planes, while Johnsson and
Parida (2013) considers only the maximum capacity between the H and B planes.

The model from Zarnani and Quenneville (2014), included in the draft of the New
Zealand standard (Quenneville and Zarnani (2017)) is the most recent and exhaus‐
tive model. Originally developed for rivets, it considers the three failure modes.
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The load carrying‐capacities of the failure planes are combined by means of a stiff‐
ness model. In addition, brittle and mixed failure modes are distinguished, and
therefore, two different effective thickness (elastic tef,el and plastic tef,pl) are de‐
fined, and the calculation must be applied twice.

3 Proposal of a new model
3.1 General considerations

The proposed model intends to improve the prediction accuracy of the existing
ones, which were previously benchmarked (Cabrero and Yurrita (2018) and Yur‐
rita, M. and Cabrero, J.M. (2021)). Previous works allowed to identify the main
parameters related to plug shear. The following model is based on that proposed
by Yurrita and Cabrero (2020) for connections with large diameter dowel‐type fas‐
teners so that they are coherent between them.

The tests performed by Yurrita, M. and Cabrero, J.M. (2021) featured both brittle
and mixed failure. Therefore, and as done by Quenneville and Zarnani (2017), the
model considers both brittle andmixed behaviours bymeans of an elastic effective
thickness tef,el and a plastic effective thickness tef,pl.

As noticed by Kangas and Vesa (1998) and Johnsson and Parida (2013), Yurrita, M.
and Cabrero, J.M. (2021) also detected that the L planes failed normally before
than the B andH planes, which always collapsed simultaneously. However, since it
is not possible to determine that the L planeswill fail in advance in all the cases, the
plug shear capacity Fplug is assumed as the maximum between the load‐carrying
capacity of the L planes and the addition of the capacities of the B and H planes:

Fplug = max{kvAv,Lfv
ktAt,Hft,0 + kvAv,Bfv,

(1)

where Av,L, Av,B and At,H are the areas of the L, B and H planes, respectively; fv and
ft,0 are the shear and tensile parallel‐to‐grain strengths of the timber product; kv
and kt are the shear and tensile factors already considered by Yurrita and Cabrero
(2020) and defined as kv = 0.4 + 1.5√ G

E0
, and kt = 0.9 + 1.5√ G

E0
.

3.2 Areas of the failure planes

As in the other existing models, the proposal requires the definition of the areas
of the three involved failure planes:
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• Head tensile plane, defined by the effective thickness tef of the timber mem‐
ber and the net width of the connection bnet. At,H = tefbnet.

• Lateral shear planes, defined by the effective thickness tef of the timber mem‐
ber and the gross length Lc of the connection: Av,L = 2Lctef.

• Bottom shear plane, defined by the net width bnet and the gross length Lc of
the connection: Av,B = Lcbnet.

Where Lc = a1(nc − 1) + a3, bnet = (a2 − d)(nr − 1), and tef is the effective
thickness of the timber element, defined as the minimum between the elastic
effective thickness tef,el and the plastic effective thickness tef,pl.

3.3 Effective thickness

The elastic effective thickness tef,el is obtained by applying the same formula pro‐
posed by Yurrita and Cabrero (2019) for the case of outer timber elements with
thick steel plates (Görlacher (1995) and Yurrita, M. and Cabrero, J.M. (2021) no‐
ticed that there is no difference between thin and thick plates when combined
with small diameter fasteners), which are based on a beam on elastic foundation
model:

tef,el = {Lp if Lp
d ≤ 11.5

max (1.95 − Lp
12d ; 0.65) Lp if Lp

d > 11.5
(2)

The plastic effective thickness tef,pl, is defined as the distance between the first
plastic hinge and the shear plane, plus an extra distance that considers the con‐
tact between the timber element and the unyielded part of the fastener. This
extra distance depends on whether the connection is assembled with or without
predrilling, as the insertion of the fasteners without predrilling leads to additional
local perpendicular‐to‐grain stresses (Blaß and Uibel (2009)). In the case of in‐
sertion without predrilling, (3) considers this distance as half of the penetration
length Lp. In the case of predrilling, the extra distance is obtained by applying (2)
(based on a beam on elastic foundation model), but now considering the distance
Lp,pl (6), in which the distance to the plastic hinge is excluded (4).

No pre‐drilling: tef,pl = √ My
fh,0d

+
Lp
2

(3)
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Pre‐drilling: tef,pl = √ My
fh,0d

+ c1 (4)

where c1 is the elastic effective thickness of the fastener after discounting the plas‐
tic hinge distance, and it is defined as:

c1 = {Lp,pl if Lp,pl
d ≤ 11.5

max (1.95 − Lp,pl
12d ; 0.65) Lp,pl if Lp,pl

d > 11.5
(5)

where Lp,pl is defined as:

Lp,pl = Lp − √ My
fh,0d

. (6)

3.4 Modes A and B

Modes A and B are indirectly considered by respecting some design limitations.

The limitation regardingModeA (block shear, Fig. 3a) affects the timber thickness t,
which should be enough to ensure that the block shear capacity defined by Yurrita
and Cabrero (2020) is higher than the plug shear capacity, leading to:

tmin = Fplug − kvAv,Lfv
ktbnetft,0

(7)

in which the difference between the plug shear capacity and that of the L planes
from block shear is divided by the capacity of the block shear H plane.

Mode B (Fig. 3b) is avoided by establishing a minimum distance to the lateral edge
a4, so that the load‐carrying capacities of the extra areas of the expanded H and
B planes are higher than the load‐carrying capacity of the L planes:

a4,min = Lcteffv
Lcfv + tefft,0

(8)

4 Validation of the new design model
An extensive database of experimental tests has been gathered in order to evalu‐
ate and compare the prediction accuracy of the five existing models and the new
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proposal. In total, the database gathers 629 single tests distributed in 163 differ‐
ent configurations from 9 test campaigns. A summary of them is given in Table 2.

The validation has been performed in two stages. Firstly, the prediction ability of
the studied brittle models is assessed. Therefore, only the tests in which brittle
failure was reported were included in this phase. In the second stage, the dis‐
crimination ability between ductile and brittle failure modes for each model was
evaluated. For this stage, all the tests, including those with a ductile failure, were
considered.

4.1 Evaluation of the prediction accuracy of brittle load‐carrying capacity

Due to the reduced number of replicates per configuration inmost of the test cam‐
paigns, the mean level is considered to be more adequate than the characteristic
one to establish a proper comparison of the prediction ability of the models with
the tested results. The mean material properties have been obtained from the
characteristic ones given in standards by means of the model from Jockwer et al.
(2018), and are used to calculate the theoretical brittle load‐carrying capacity of
each test configuration according to the four analysed models.

The prediction ability of each model is plotted in Fig. 4, which compares the test
results (FT, abscissas axis) with the theoretical predictions (FP, ordinates axis). A
linear fitting passing through the origin of coordinates is depicted, and its corre‐
sponding slope m and coefficient of correlation R2 are given. A dashed line pro‐
vides the reference of the ideal slope 1:1.

The model from Stahl et al. (2004) (Fig. 4a) is the least accurate, and the only
unconservative model (Fig. 4a), even with many results falling out of the shown
area. On the other hand, the most conservative one is that from Quenneville and
Zarnani (2017) (Fig. 4e), with the lowest R2. The models from Kangas and Vesa
(1998) (Fig. 4b) and Johnsson (2003) (Fig. 4c) get similar performance. Both are
slightly conservative, with a lower scatter in comparison to the models above. Re‐
garding the existing models, the closest slope to the ideal value of 1 is reached
by the Eurocode 5 (2004) (Fig. 4d). However, its low R2 demonstrates a high scat‐
ter of the results with many unconservative predictions. The proposal improves
the results of the existing models, obtaining both the best slope and coefficient of
correlation.

The boxplot depicted in Fig. 5 complements the previous figures by evaluating the
ratio between the predicted FP and the experimental capacities FT, whose ideal
ratio FP/FT = 1 is given as a reference by a vertical dashed line. Similar results
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(a) Stahl et al. (2004)
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(c) Johnsson and Parida (2013)
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(e) Quenneville and Zarnani (2017)
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Figure 4. Comparison between the experimental load‐carrying capacities FT and the correspond‐
ing theoretical values FP predicted by the existing models and the proposal.
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Figure 5. Boxplot considering the accuracy of the ratio between the predicted failure load‐
carrying capacity FP and the tested one FT.

Table 3. Evaluation of the accuracy obtained by the six studied models. The metrics used are
the already used and described by Cabrero and Yurrita (2018).

Model Q2 MRE (SD) m c CCC
Stahl et al. (2004) ‐3.505 1.241 (0.995) 2.138 0.930 0.464
Eurocode 5 (2004) 0.604 0.306 (0.358) 1.027 0.923 0.838
Kangas and Vesa (1998) 0.840 0.206 (0.217) 0.870 0.956 0.918
Johnsson and Parida (2013) 0.768 0.253 (0.257) 0.840 0.940 0.880
Quenneville and Zarnani (2017) 0.568 0.319 (0.375) 0.676 0.885 0.727
Proposal 0.949 0.116 (0.121) 1.006 0.978 0.976

are obtained. The model of Stahl et al. (2004) appears again as the least accurate
andmost scattered approach. The boxes (representing the 25th to 75th percentile
range of the results) from the three conservativemodels (Quenneville and Zarnani
(2017), Kangas and Vesa (1998) Johnsson (2003)) fall below the ideal ratio FP/FT =
1, although the case of Quenneville and Zarnani (2017) is the only of them with
unconservative outliers. Although themedian and average values (represented by
a thick black line and a cross, respectively) from Eurocode 5 (2004) are very good,
its high scatter is clear, specially the unconservative cases. The proposal obtains
the most balanced boxplot.

A statistical analysis considering different metrics is provided in Table 3: the co‐
efficient of determination Q2 (best values are those closest to 1), the mean root
square error MRE and its corresponding standard deviation SD (lower values are
the best ones), the fitting slope m, the correlation coefficient c (values closer to
1 are the best) and, finally, the concordance correlation coefficient CCC (values
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Figure 6. Radar chart of the metrics given in Table 3 for the six studied models, where the met‐
ric values are adapted so that the best values correspond to the outer zone of the chart.

close to 1 are the best ones, with a recommended threshold value of 0.85). A de‐
tailed description of these metrics can be consulted in Cabrero and Yurrita (2018).
For a clearer overview, a radar chart (Fig. 6) plots a graphical comparison of the
results. The metrics have been adapted so that the best values correspond to the
outer zone of the chart.

The statistical analysis confirms the results from the previous analysis. Stahl et al.
(2004) reaches consistently the worst metrics (with the exception of the correla‐
tion coefficient c). Quenneville and Zarnani (2017) and Eurocode 5 (2004) rank
in the fifth and fourth position, respectively, excepting the slope m from the Eu‐
rocode 5 (2004), which was already ranked as the second best one. Kangas and
Vesa (1998) reaches slightly better results than Johnsson and Parida (2013), rank‐
ing in the second and third position, respectively. They both surpass the recom‐
mended threshold value of CCC = 0.85. The proposal improves their results and
consistently ranks in the the first position in all metrics.

4.2 Discrimination ability between ductile and brittle failure

Apart from the prediction ability of the load‐carrying capacity, it is also required
to verify the ability of the models to correctly discriminate between ductile and
brittle failuremodes. For such analysis both the ductile (bymeans of the EYM) and
brittlemodels are used. The lower predicted value between the ductile and brittle
models is considered as the predicted failure mode, which should match to the
experimentally observed failure mode. Fig. 7 presents in dark gray the percentage
of positivematches (true ductile and true brittle) and in bright gray the errors (false
ductile and false brittle).
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Figure 7. Discrimination ability. Comparison between Stahl et al. (2004), Eurocode 5 (2004),
Kangas and Vesa (1998), Johnsson and Parida (2013), Quenneville and Zarnani (2017) and the
proposal.

The best discrimination ability is obtained by the proposal (75.8% of correct pre‐
dictions), closely followed by Johnsson and Parida (2013) (74.5%). The models
from Kangas and Vesa (1998) and Quenneville and Zarnani (2017) rank in third
and fourth position, with 67.1% and 66.4% of positive matches, respectively. De‐
spite the good average values predicted by the Eurocode 5 (2004), it only reaches
56.4% of positive matches. Finally, the model from Stahl et al. (2004), with only
43.6% of correct predictions obtains the poorest discrimination ability.

5 Conclusions
A safe design of timber connections requires a correct prediction of the brittle
failure modes. This work presents a new design model to obtain the brittle load‐
carrying capacity of connections with small dowel‐type diameter fasteners (those
partially penetrating the timber member) loaded parallel to grain. The newmodel
is based on themodel proposed by Yurrita and Cabrero (2020) for the case of large
diameter fasteners, and it improves the results of the existingmodels by a different
consideration of several parameters.

An extensive database is used to evaluate and compare the proposal to the exist‐
ing models. The validation process demonstrates a clear improvement regarding
both the accuracy and the discrimination ability between ductile and brittle failure
modes.
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DISCUSSION 

The papers was presented by M Yurrita 

H Blass said that over 600 tests from others were used for your model.  Other models 
typically only used their own test data for model calibration.  Was this model checked 
with its own data using a calibration set and a verification set?  M Yurrita responded 
that the modelling process did not involve calibration.  

C Sigrist questioned why thickness of steel plate was not considered.  M Yurrita said 
that in case of small diameter fasteners there was no difference between thick and 
thin steel plates (~3% difference only).  C Sigrist pondered whether one would get plug 
shear failure mode in timber to timber connections. 

H Hochreiner questioned what would happen for unsymmetrically loaded connections.  
M Yurrita said that this could be studied in future.  H Hochreiner said one would also 
have moments in such cases. 

C Sandhaas asked about background of KT and Kv.  M Yurrita said these are similar 
factors in Eurocode 5 and they are calibration factors from former models. 
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1 Introduction 
In many regions of the world, timber piles have been used for centuries for the foun-
dation of buildings and bridges. For historical buildings, it is common that masonry 
foundation walls are placed upon timber piles and cross beams that remain below 
the water level. With the introduction of concrete foundation beams in the 20th cen-
tury, the distance between the head of the timber pile and the concrete foundation 
beam was bridged by concrete extension piles. Originally made in situ, currently only 
prefabricated extension piles are used. In the Netherlands foundations of houses 
were widely realized with timber piles until the 1980s (Van de Kuilen, 1995). Cur-
rently, timber piles are mostly used for the foundation of industrial buildings like 
greenhouses. However, the lacking of relevant mechanical properties of timber piles 
and connections of parts of piles and of piles with pile extensions together with re-
spective design rules, hinder the wider application of timber foundation piles. For the 
verification, the strength properties of timber piles and the connections have to be 
specified in standards or determined by tests, but still test data is available only to a 
very limited extent. 

In the future revised version of Eurocode 5, rules for the design of timber foundation 
piles will be included. The new Clause to prEN 1995-1-1 drafted by the Project Team 
SC5.T3 (Project team SC5.T3 ,2020) and by CEN/TC 250/SC 5/WG 3 (Working Group 
CEN/TC 250/SC 5/WG 3, 2021) covers general rules for timber piles, materials (wood 
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species, grading rules), properties (compressive strength and MOE parallel to the 
grain in the fibre saturated state, shrinkage, shaft friction), durability, ultimate limit 
states (axial compression, stability) and execution. 

In order to guarantee for sufficient durability throughout the design service life of the 
foundation, the tops of softwood piles should be permanently located at least 
500 mm below the lowest ground water table to be expected at the location of the 
foundation. If this cannot be met, the timber pile is driven to a level reliably beyond 
the lowest ground water table and extended by a pile extension made of material ex-
hibiting sufficient durability when exposed to varying ground water levels (Figure 1). 

Extension piles are frequently made out of a concrete, either totally out of concrete 
or with a steel tube on the concrete. In tests in the Netherlands the strength and fail-
ure mechanisms of the connection of such a concrete extension pile was investi-
gated, together with the influence of the stiffness of the connection on the overall 
behaviour of the pile in the soil. This paper presents elements of the draft section for 
the new EC 5 on timber foundation piles related to this connection and test results 
on a connection type. The failure mechanisms are analysed and the effect of the 
found strength and stiffness on the behaviour of the pile in the soil. Specific calcula-
tion rules are necessary because with the available rules according to the current ver-
sion of EN 1995-1-1 [Eurocode 5, 2004)], engineers in practice have concluded that 
the timber would not fulfil the requirements for strength at the location of the con-
nection. 

 

 
 

 

a) b) c) 
Figure 1 a): Timber piles and concrete extension piles. b): Timber pile with concrete extension 
pile (b) on top of the timber pile (c). (d) is the ground water level. c): Detail view of the top of the 
timber pile (1) and the concrete extension pile (2) with a socket (3) of a certain depth (4). 
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2 New design rules for timber piles in future EC 5 
 

2.1 Introduction  

On request by several CEN member states a set of new design rules for timber foun-
dation piles were drafted for inclusion in the future version of EC 5. The scope is on 
piles, used as foundation for new buildings, subjected to axial compression loading. 
The objective is to verify the timber pile only; the geotechnical loadbearing capacity 
has to be determined according to prEN 1997 (Project teams SC7.T4 and SC7.T5, 
2019). This standard states that methods used to determine the geotechnical bearing 
capacity of the piles have to be based on results of in situ load tests or on analytical 
formulas, of which the validity is priorly demonstrated, using the results of similar 
load tests. Several National Application Documents supply such analytical formulas in 
combination with parameters to be used. 

One of the main differences with other use of timber in structures is that timber piles 
under buildings are fully saturated. In the new design rules, this is addressed by ap-
plying directly the saturated values for the compressive strength and the MOE deter-
mined from test in the verification rules.  

 

2.2 Durability aspects 

To fulfil the structural requirements for the entire design service life, special care has 
to be taken in the design of foundations with timber piles. When piles are used in wa-
terworks or temporary structures where parts are not permanently fully submerged 
in ground water, durable wood species should be used. However, when piles are 
used fully submerged under the ground water level during the entire service life, soft-
wood species with a low natural durability like Norway spruce (picea abies) can be 
used without chemical treatment. This is because in that case there is not enough ox-
ygen to activate fungal decay (bacterial decay can also take place under the water 
level, but this is a much slower process). However, currently in the Netherlands, pine 
(pinus sylvestris) piles are not used for new foundations, because of bad experiences 
with fungal decay of the sapwood (which has a larger amount for pine than spruce) in 
situations where the ground water level was temporarily lowered and the pile heads 
occasionally came above that level. 

To guarantee for sufficient durability, it is advised to permanently keep the pile head 
500 mm below the lowest ground water level. In that case, a concrete extension pile 
has to be applied to bridge the gap between pile heads and foundation beams. Types 
of connections between timber pile and extension pile that are currently used are 
shown in Figure 2. 
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a) Socket-type joint b) Pen-type joint with steel 
pen (tube) 

c) Pen-type joint with 
steel cylinder / rebars 

Figure 2. Different connection types for concrete extension piles with timber piles. Taken from 
(Project team SC5.T3 ,2020) and (Working Group CEN/TC 250/SC 5/WG 3, 2021). 

The principle of type a) in Figure 2 is that a socket at the end of the concrete exten-
sion pile is driven over the pile head, clamping the pile head. A steel ring is placed at 
the bottom of the socket, allowing the pile head to be oversized and enabling remov-
ing of split parts. 

For types b) and c) a steel pen (tube) is partly integrated in the concrete extension 
pile and the part outside the extension pile is driven into the pile head. In this case 
the diameter of the pen is smaller, so the clamping is provided by a smaller part of 
the pile.  

The extension piles as well as their connections with the timber piles have to be able 
to resist the actions from the structure. The connection strength and stiffness will 
have an influence on the stability of the pile. This paper will focus on the resistance 
against tangential (usually horizontal) loads.  prEN 1997 describes that the resistance 
against horizontal loads has to be determined by taking the interaction between pile 
and surrounding soil into account, but gives no procedure on how to determine this 
interaction. It is stated that properties like the strength and stiffness of the piles 
should be based on the material standards. In this paper, a procedure for timber piles 
with an extension pile is proposed.  This paper will focus on the influence of the con-
nections’ strength and stiffness on horizontal loads due to asymmetric soil addition, 
applied to counter effect the lowering of the ground level caused by settlements.  
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3 Connection between timber piles and concrete 
extension piles 

 

3.1 Background of the investigated connection type  

The investigated connection between timber the pile and the concrete extension 
piles is of so called socket type which is frequently used in the Netherlands.  How-
ever, only one calculation model where the maximum depends on the axial loads, 
which gives a very low capacity was available (Rensman, 1997). 

The motivation for this research was the outcome from practice in the Netherlands 
where the connection between the timber pile and the concrete extension pile was 
verified for cases where extra horizontal load on the piles was acting due to asym-
metric support by the soil because of settlements and soil additions. In that case, the 
engineers concluded that the pile would fail at the connection due to a combination 
of compression parallel to the grain and bending stresses. Thereby the engineers had 
started from the following assumptions: 

- The verification rule for bending and compression according to clause 6.19 of EN 
1995-1-1was used. 

- A linear elastic and completely stiff behaviour of the connection was assumed.  
- For the bending properties, a strength class C18 for the pile was assumed, be-

cause for this strength class the characteristic compressive strength was clos-
est to that of strength class C18. (The characteristic compressive strength for 
softwood foundation piles according to the Dutch NAD is 19.8 N/mm2, related 
to a moisture content of 12%) 

Based on these assumptions the failure mechanism as shown in the bottom graph of 
Figure 3 b) develops, leading to brittle failure in the pile just below the connection. 

The following considerations can be made regarding this outcome: 

- It is questionable if the verification rules for a combination of bending and com-
pression according the current version of EC 5 are applicable. Experimental re-
search on combined compression and bending always involves stability issues, 
and does not focus on very local stress interactions (Buchanan, A.H., 1984). An-
yhow, the verification is mainly governed by the bending part, and therefore 
the assumption for the bending strength plays an important role. 

- When the bending moment capacity of the pile is higher than the flexural capac-
ity due to compression perpendicular to the grain as a result of the force cou-
ple transferring the moment from the timber pile to the concrete extension 
pile, a plastic failure can occur (Figure 3b) top graph). Previous research on 
small diameter roundwood indicate different relationships for the bending 
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strength and compression strength than for sawn timber (Ranta-Maunus, A. 
(2000). 

- The stiffness of the connection can influence the stress distribution in the pile. 
- In Germany there is an approval document for clamping glulam timber columns 

in a concrete foundation, where the clamping is achieved by casting mor-
tar(DIBt, 2016). However, this approval only covers the use of timber in service 
class 1 and 2, and it does not give a calculation method to derive the stiffness 
of the connection. The correction factors to be used for compression perpen-
dicular to the grain and for shear give an indication that higher values for these 
properties can be expected for confined timber. For compression perpendicu-
lar to the grain a value for kc,90 of 2.0 is given and a factor kv,c = 2.4 for shear in 
combination with compression perpendicular to the grain is introduced, where 
the shear strength may be multiplied with. It can be expected that these 
strength values also increase for the piles investigated in this study in the fully 
saturated state. 

To get more insight in the consideration given above these aspects, a testing program 
was performed on a socket type extension pile-timber pile connection (type a) ac-
cording to Figure 2). With the outcomes of the experiments, the stress distribution in 
the pile regarding its interaction with the soil under horizontal loads is investigated.  

Parallel to this investigation, in situ inspection of 7 piles under the foundation under 3 
different houses built in the 1980s was carried out (Lobbe, 2019). There the dimen-
sions of the concrete extension pile were confirmed to be equal to those declared by 
producers. The inspection showed that the pile heads were fully clamped in the con-
crete extension pile. The piles showed no significant decay. 

The outer diameter of the concrete extension pile was 280 mm and the socket had 
an inner diameter of 180 mm and a depth of 230 mm (distance 4 in Figure 2a).   

For the test series, 12 new fresh Norway spruce piles were ordered with a length of 2 
meters and a head diameter of 200 mm. The piles were stored in a mist chamber (at 
100 % relative humidity of surrounding air) to ensure that the high moisture content 
of the piles was maintained until they were tested. 

3.2 Test set-up 

It was decided to use a steel tube of 193.7 mm x 8 mm to simulate the socket of the 
concrete extension pile. The steel tube has approximately the same stiffness as the 
concrete socket and it could be reused for all 12 tests. To represent a socket of 
230 mm long, a thick steel plate was welded, to transfer the axial load on the pile 
(see Figure 3a, top figure). The adopted mechanical scheme of the test set-up, ena-
bling to apply a combination of a normal force and a bending moment on the connec-
tion, is shown in Figure 3. 

In practice, at the end of the socket (which is smaller in diameter than the pile head), 
a steel ring integrated, to drive the socket over the pile head to provide complete 
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clamping. In the laboratory, the diameter of the pile head was reduced manually to 
fit into the socket. For the evaluation of the stresses, the location where the pile 
head enters the socket is looked at (parameter MA, in the Figure 3a). There, the diam-
eter was 178 mm. 

 

   

 

  

a) b) 

Figure 3 a) Adopted mechanical scheme, with forces on the total system and the steel tube and the 
timber pile head, assuming the failure mechanism according to the top of figure b). In the bottom of 
a) a graph with the location of paramter MA. b) Possible failure mechanisms. Above ductile failure 
behaviour due to compression perpencidular to the grain, below brittle failure behaviour due to 
combination of compression and bending parallel to the grain.    

 

After a preliminary test on one specimen, the following loading protocol was 
adopted: 

- At the start of the test an axial force FH = 50 kN was applied. 
- The actuator that measured the vertical load FV was moved up vertically with a 

speed of 5 mm/min until a displacement of 50 mm was reached. 
- Then the axial force FH = 50 kN was increased to 170 kN. This force was kept 

constant for 1 hour, and the change in force FV due to relaxation was meas-
ured. 

- After 1 hour, the vertical actuator was moved up with a speed of 5 mm/min un-
til a displacement of 90 mm was reached. 

- The vertical displacement of the steel tube was measured at 2 positions spaced 
420 mm apart. These measurements were used to determine the rotation an-
gle of the connection, where no bending deformation of the steel tube was as-
sumed.  
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3.3 Results 

Table 1 shows the material properties of the 12 piles at the time of testing. 

 

Table 1. Material properties of the 12 tested piles. 

 Density 

[kg/m3] 
MOEdyn

* 

[N/mm2] 
m.c. 

[%] 

Mean value 850 10'100 83 

Coefficient of variation (%) 7 14 27 
*MOEdyn was calculated with MOEdyn = 4f2l2ρ, where the first natural frequency f (Hz) was measured with the 

Brookhuis MTG 960 handheld 

Figure 4 shows the measured force FV (see Figure 3) in the vertical actuator for a typi-
cal test result against time (a) and vertical displacement of Fv.  

The figure shows an initial linear branch, after which plasticisation occurs. After the 
axial force is increased to 170 kN and kept constant for an hour, the vertical force re-
laxes by approximately 1/3. When after an hour the displacement of the vertical actu-
ator is increased again, the actuator force returns to the same level as in the first 
stage and then full plastic behaviour is visible. After 90 mm vertical displacement the 
test was stopped.  

The mean values for the bending stiffness and the bending moment in the elastic 
phase are Cel = 275 kNm/rad and MA,el = 7.7 kNm, respectively. The mean value for 
the plastic moment is MA,pl = 12.3 kNm. At that point, for all specimen, a rotation an-
gle of 0.1 rad was reached. The behaviour of the connection can therefore be de-
scribed with a tri-linear approximation (see Figure 5). The elastic-plastic phase is 
caused by the softening of the wood subjected to compression perpendicular to the 
grain. 

 

  

a) b) 

Figure 4 a). Vertical force FV (see Figure 3a) against time. b) Vertical force FV (see Figure 3a) against 
the vertical displacement of FV (right figure). In both a) and b) the applied axial force in that stage of 
the test are shown in the top of the figures. 
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Figure 5. Moment MA against rotation for all 12 test. The dotted line represents the mean tri-linear 
representation based on the tests.   

The compressive stresses parallel to the grain were 2.7 N/mm2 in the first phase and 
6.9 N/mm2 in the second phase. The maximum measured bending stresses reached a 
mean value of 21.9 N/mm2 (cov = 14.1%). The combination of normal and bending 
stresses did not cause any (brittle) failure.  

It can be concluded that the bending strength of the timber at the connection will 
not be governing since failure due to compression perpendicular to the grain occurs 
first. Then plastic deformations can develop.  

 

3.4 Analysis 

The compressive strength perpendicular to the grain is a property that is very de-
pendent on the configuration of the material in the structure and the moisture con-
tent. Nobel(2014) showed that for the standardised test specimen according to EN 
408 the mean compressive strength is reduced by more than 50 % with the m.c. in-
creasing from 12% to 45%, but that for more stocky specimens, this reduction is 
much less. In the investigated situation the timber pile head is confined by a circular 
tube. An FEM model was used to investigate the occurring stresses in the elastic 
phase. Nobel (2014) showed, that the modulus of elasticity (MOE) for compression 
perpendicular to the grain is much lower at high levels of moisture content (m.c.) for 
every configuration and for Norway spruce timber could vary between 50 N/mm2 and 
150 N/mm2. In the FEM model a value of 70 N/mm2 was used. 

The FEM model was programmed in DIANA FEA 10.4 (Ferreira, D and Manie, J, 2020). 
Timber was modelled with 8-noded linear elastic orthotropic solid elements with a 
mesh size of 5 mm. For the MOE parallel to the grain a value of 9600 N/mm2 was 
adopted, and for the MOE perpendicular to the grain 70 N/mm2. For the steel tube 8-
noded linear elastic isotropic solid elements were used, with a mesh size of 5 mm. 
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The contact area between steel tube and timber pile in the socket, was modelled 
with connection elements that could only transfer compressive forces and no ten-
sion. Linear elastic behaviour was assumed. 

Only a vertical force causing bending moments was applied in the model. The axial 
compression was not taken into account, because in the experiments no influence of 
the axial load on the failure mechanism for bending was observed. See Figure 4b, 
where the loading path does not seem to be influenced by the axial load.  

The pile was modelled until 100 mm outside the socket, where it was clamped. The 
deformations are shown in Figure 6. The model confirms that rotation is governed by 
the elastic properties compression perpendicular to the grain of the timber.   

 

 

 

 

a) b) 

Figure 6. Deformation of the model for a load FV = 13.7 kN, corresponding to MA=7.7 kNm. a) 
Deformation of the timber pile head and the steel tube. b) Deformation of the pile head only. 

Figure 7 shows a triangular distribution of compressive stresses perpendicular to the 
grain at the contact areas at the top and bottom of the timber pile head in the 
socket. The maximum compressive stress found at the bottom edge was 
σc,90,max,1 = 2.8 N/mm2 and at the top edge  σc,90,max,2  = 2.3 N/mm2. 
 

The length of the contact areas can be taken from Figure 7 (for the bottom edge 
l1 = 125 mm and for the top edge l2 = 105 mm). Based on that the forces R1 and R2 ac-
cording to Figure 4 can be calculated with Formula (1): 

 φ 
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Figure 7. Stress distribution perpendicular to the grain from the FEM model. Top and bottom edge 
show triangular stress distrubutions for compression perpendicular to the grain where the load 
couple is intorduced. Dimension a,b and c relate to those defined in Figure 3. l1 and l2 are the 
contact lengths where the forces R1 and R2 are introduced (see Figure 3). 

         

𝑅i = 0.5 𝜎c,90,max,i 𝑙i 𝐷 𝑑 (1) 

In Formula (1) D is the pile head diameter in mm and d accounts for the irregular 
stress distribution because of the circular contact area. A value of 1.5 gives values for 
R1 and R2 that are consistent and predicts a moment MA of 7.7 kNm calculated with 
Formula (2): 

𝑀A,el = 𝑅1,el(𝑎 + 𝑏) − 𝑅2,el𝑎  (2) 

The calculated moment MA of 7.7 kNm is similar to the mean elastic moment found 
in the experiments.  

The shear stress found in the FEM model was τv = 2.4 N/mm2, where a value of  
2.9 N/mm2 can be calculated according to elastic theory with the value of R1,el deter-
mined with equation (1). 

When for calculation of the plastic moment the same contact lengths are assumed 
but instead of a triangular stress distribution assumed a constant value of 
fc,90,max =2.8 N/mm2 both at the top and bottom edge is assumed, the plastic moment 
can be calculated with Formula (3): 

𝑀A,pl = 𝑅1,pl (𝑎 + 𝑏 + 𝑐 −
𝑙1

2
) − 𝑅2,pl

𝑙2

2
 (3) 

With Formula (3) a plastic moment of 11.5 kNm is predicted, which slightly underesti-
mates the mean value of 12.3 kNm found in the experiments.  
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The shear stress found according to elastic theory with the calculated value of R1,pl is  
τv = 5.8 N/mm2. No shear failure occurred. 

The rotation of the connection can be determined from the deformation at the bot-
tom egde. The contribution of the steel tube in the deformation can be neglected. 
The rotation determined by means of the FEM model for MA,el =7.7 kNm was 0.025 
rad , close to the mean value of 0.028 rad found in the experiments. 

 

  

a) b) 

Figure 8. a) Strain distribution perpendicular to the grain over the center line of the cross section of 
the pile at σc,90,max,1.   b)Strain distribution plot over the cross section with the center line indicated 

Figure 8 shows the strains over the cross section at the position of σc,90,max,1 at the 
bottom edge. This shows a linear strain decrease from the bottom outside to zero at 
140 mm inwards. Over this length, the average strain can be used. The rotation due 
to the deformation of the pile at the bottom side due to force R1 can then be calcu-
lated with Formula (4): 

𝜃𝑒𝑙 = 0.5 
𝜎𝑐,90,𝑚𝑎𝑥,1

𝑀𝑂𝐸90
 
140

𝑙1
 (4) 

This gives a value of 0.022, slightly less than the value of 0.028 found in the experi-
ments.  

The results of the FEM analysis was confirmed by hand calculations and underpin that 
the strength and stiffness of the connection is governed by the strength and stiffness 
of the timber pile head subjected to compression perpendicular to the grain stresses. 

3.5 Material properties for soil modelling 

EN 1995-1-1 does not give reduction factors for the MOE for high moisture content 
for short-term loads. The creep factors given in EN 1995-1-1 only relate to the load 
duration. For service class 3 this a value of kdef = 2 is given. However, the influence of 
high moisture content and load duration should be accounted for separately. The set 
of new clauses for the design of timber piles advises to use a value of 80% for the 
MOE parallel to the grain for saturated piles, compared to the values for service 
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class 1, if no information about the saturated value is available. Form the study pre-
sented in this paper, the saturated value is directly available. A value of kdef = 1 is pro-
posed for both creep and relaxation. The high value of 2 in the current version of EC 5 
(EN 1995-1-1/A1/A2 (2014)) applies to situations with repetitive wetting and drying, 
which this is not the case for timber piles that are constantly submerged.  

In Table 2 the assumptions regarding input to the soil interaction model are listed. 
Because the main objective is to study which element is governing in case of horizon-
tal loads, mean values are used for both strength and stiffness. 

Table 2. Input values for the soil-pile interaction model. 

Property Value 

MOE0,mean,sat (N/mm2) 0.95 MOEdyn,sat,0,mean = 0.95 10'100 = 9'600 

MOE0,mean,fin,sat (N/mm2) MOEsat,0,mean /(1+1) =4'800 

Pile head diameter (mm) 200 

Pile length (mm) 10'000 

Taper (mm/m) 7.5 

Length of concrete extension pile 
(mm) 

1'000  

Ground water level 500 mm below the pile head 

Ground level at the top of the concrete extension pile 

Connection properties Trilinear moment – rotation diagram according to 
Figure 5.   

fm,0,mean,sat  (N/mm2) 30* 

  

* In Ranta-Maunus, A. (2000) a ratio of 2 is found between the bending strength and compression strength 
of small diameter roundwood. The compression strength of roundwood piles in the Dutch NAD were based 
on compression tests with a mean value of 20 N/mm2 for saturated pieces. In the table a ratio of 1.5 is used. 
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4 Mechanical behaviour of a timber pile with a 
concrete extension piles in the soil 

 

4.1 Strength and stability for vertical loads 

The stability of a foundation pile in the soil under axial loading is influenced by the re-
sistance of the soil. Tangential displacement of the pile will lead to reaction stresses 
in the opposite direction, which stabilises the pile. A new appendix in prEN 1997 gives 
a method for determining the stability of the pile including that effect. In EN 1993-5 a 
verification method for buckling of steel foundation piles is given, together with esti-
mations of the buckling lengths of piles in the soil. The new appendix of prEN 1997 
might be aligned with this approach. However, both approaches are valid for pris-
matic piles and therefore the applicability for wooden piles with a varying diameter in 
combination with concrete extension piles has yet to be demonstrated.  

 

4.2 Strength and stability for horizontal loads  

Two kinds of horizontal loads were examined:  

1. Horizontal soil displacements, which for example can be the result of differ-
ences in ground level on both sides of the foundation pile. 

2. Horizontal loads on the head of a vertical foundation pile, for example caused 
by wind load on a construction. 

For both cases 1 and 2, the interaction between pile and surrounding soil can be de-
termined using the model of an elastic beam (the pile) on a plasto-elastic bed (the 
soil). This kind of model is in engineering practice also used for the calculation of re-
taining walls.  

 

For some examples the effects have been determined using that method. The calcu-
lations were performed with the Dutch Deltares model D-sheetpiling v.19.3. This pro-
gram allows assigning physical non-linear material properties to the soil and geomet-
ric non-linear calculations. The pile properties addressed in 3.5 were used, with the 
short-term (higher) MOE value. The connection between pile and concrete extension 
is modelled by assuming the average relation between bending moment and rotation 
as found in the laboratory tests (Figure 5). For reasons of simplicity, the head of the 
concrete extension (=the connection of the extension with the construction) was in 
this case assumed at ground level. The soil is represented by the Brich-Hansen reac-
tion model.  

Figure 9 gives an overview of the material properties that are used for the modelling. 
In the modelling, linear behaviour was assigned to both timber pile, concrete exten-
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sion pile and the connection of the concrete extension pile with the timber pile. How-
ever, the latter was manually iterated until the output for the chosen stiffness coin-
cided with a point on the tri-linear moment-rotation diagram.  

 

  

 

Timber pile Connection concrete 
extension pile-timber pile 

Soil (values changing with 
depth) 

Figure 9. Material properties used for the different elements in the modelling.  

 

Table 3 gives the soil profiles used in the analyses. Profiles A and B represent subse-
quently a lower and upper boundary for the strength and stiffness of the soil. It is de-
batable if foundation piles would even be applied in soil profile B.  

 
Table 3. Soil parameters used 

soil profile Soil layer Top side of the 

layer 

Saturated volu-

metric weight  

 

[kN/m3] 

Stiffness of the 

soil 

 

[kN/m3] 

Angle of internal 

friction / Cohe-

sion 

[deg] / [kN/m2] 

A (weak) 
Peat 

ground level 

(+1m) 
11 1’000 15  /  5 

Sand -9 m 20 10’000 33  /  0 

B (strong) Sand 
ground level 

(+1m) 
20 10’000 33  /  0 

 

Case 1: soil displacements 

For this case, the tangential soil displacements are assumed to decrease linearly with 
depth with the maximum at ground level, as shown in Figure 10. The displacement of 
the pile head itself is assumed zero, i.e. the situation in which there is no displace-
ment of the construction.  
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Calculations have been made for the case in which the connection between concrete 
extension and foundation beam is fixed or can rotate freely. In general, the reality is 
somewhere in between those two extremes.  

 

Figure 10. Schematisation of the pile. As indicated, the pile is divided into parts, to account for the 
difference in cross section. The shaded part indicates the horizontal soil displacement. 

 

In the calculations, the maximum soil displacement at the pile head for which col-
lapse of the pile would occur has been examined. 

 

Table 4. Calculation results for the effect of soil displacements 

connection  

extension and  

foundation beam 

soil profile Max. soil  

deformation at 

ground level near 

collapse of the pile 

[mm] 

Delimiting  

mechanism 

Max. rotation of the 

connection  

pile/extension  

 

[rad] 

Fixed 

A (weak) *) 230 Bending moment 

deeper in the pile 

reaches maximum 

0.05 

B (strong) 80 0.08 

Hinged 

A (weak) 250 Max. rotation  

examined in the lab 

tests reached **) 

0.15 

B (strong) 250 0.15 

*)   The calculation result for the indicated case is shown in Figure 11. 

**)  For the ‘hinged’ cases the maximum rotation of the connection between pile and extension for 

which the tests were performed is assumed to be the point of collapse.  
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It can be concluded that the connection between extension and pile could be delimit-
ing in the case there is a hinge between extension and foundation beam. However, 
this is only reached at an extreme soil deformation of 250 mm.  

If the soil deformation is a slow, long-term effect, so that the low long term value for 
MOE (see Table 2) should be used, it is likely that the values found for the maximum 
soil deformation would be larger. 

 
 

Figure 11. Example of the caculation result of case soil profile A, fixed connection between extension 
and foundation beam and max. soil displacement of 230 mm. 

The procedure used to examine the effects of soil displacements on the foundation 
pile is well applicable in engineering situations and can be used as an example how 
the interaction analyses as requested in prEN 1997 can be performed. 

 

Case 2: horizontal loads 

For this case, the pile head (head of the extension) is assumed to be able to translate 
freely, i.e. the situation in which all piles under the construction are loaded equally 
and respond equally to the horizontal load. Calculations have been made for the case 
in which the pile head is fixed against rotation or can rotate freely. The maximum ap-
plicable pile load at collapse is determined. 
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Table 5. Calculation results effect of horizontal pile loads 

Connection  

extension and 

foundation beam 

Soil profile Max. short-

term horizon-

tal load on the 

pile at col-

lapse 

 

[kN] 

Delimiting  

mechanism 

Rotation of the 

connection pile/ 

extension  

[rad] 

Horizontal 

deformation 

pile head 

[mm] 

Fixed 

A (weak) 53 Bending moment 

deeper in the pile 

reaches maximum 

0.10 215 

B (strong) 90 0.05 68 

Hinged 

A (weak) 21.5 Max. bending  

moment in the  

connection  

(12.5 kNm) reached 

0.15 200 

B (strong) 21.5 0.15 101 

 

In the case of the fixed connection, the largest values for the horizontal load at col-
lapse were found. This is caused by the fact that the horizontal resistance over a 
larger part of the pile is mobilised than in the case of a hinge at the pile head. The 
maximum horizontal force at collapse is for the hinged cases determined by the maxi-
mum moment capacity of the connection between pile and extension. Since this mo-
ment capacity is strongly time dependant, the results can only be applied for short-
term loads. From the tests, it is known that the long term strength of the connection 
is much lower; a reduction in bending moment in time was observed when the defor-
mation was kept equal. For the fixed cases, the bending moment deeper in the pile 
was determining for the result, however it would be reasonable to assume that if the 
bending moment capacity of the connection decreases, it will become determining as 
well.  
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5 Conclusions 
The set of new clauses to prEN 1995-1-1 on the design of timber foundation piles and 
on logs to be used as timber foundation piles provides the opportunity of an increase 
in use of timber for this kind of application. The new clauses describe the verification 
rules for piles subjected to axial compression and give guidance related to the grad-
ing of timber logs, the connection of the timber pile with extension piles and to the 
evaluation of stability of timber piles. 

In this paper, the relationship for one connection type (socket-type) was investigated 
and a trilinear moment-rotation diagram was determined by means of experiment. 

FEM and analytical models confirmed that the material properties for compression 
perpendicular to the grain are governing for the connections’ strength and stiffness 
properties. This was similar to the behaviour found in the experiment, where ductile 
behaviour was observed, which can be explained from the plasticization after the 
compression strength perpendicular was reached. Although because of the specific 
configuration (confined in a circular tube) the found strength perpendicular to the 
grain cannot be assigned to other configurations, a good estimation of the stiffness of 
the connection can be made with FEM models, assuming an MOE90 of 70 N/mm2 for 
a fully saturated pile.  With a conservative assumption for the strength perpendicular 
to the grain the influence of the connection in a pile-soil model can be investigated 
also for other configurations than the tested one.  

A procedure to study the influence of tangential (usually horizontal) soil displace-
ments on timber piles with concrete extensions piles on top is proposed. 

The outcome of a specific situation from practice with high horizontal loads showed 
that the bending capacity of the timber pile will in most cases be governing and not 
the investigated socket connection.  
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DISCUSSION 

The papers was presented by G Ravenshorst 

H Blass commented that this is similar to the case of timber column clamped in 
concrete foundation where design rules are available and shear is a major design 
consideration.  G Ravenshorst replied that shear did not seem to govern in this case as 
it would depend on the length of the socket.  

U Khulmann commented that such stability cases are also important for steel 
structures where Eurocode 3 part 5 has a lot of information. 

E Ussher asked whether there was any influence on point of fixity of the pile and 
whether the soil parameters would be site specific.  G Ravenshorst replied at the final 
position of the pile, there would be no influence at point of fixity at the pile tip.  Also 
the soil parameters are depth dependent but in general applicable for Dutch 
conditions of peat and sandy soil. 

P Dietsch asked  about the background of the limit of 500 mm below water level and 
why was kdef=1 which would be ½ of the value for service class 3 in code.  G 
Ravenshorst replied that the limit of 500 mm was based on practical experience as a 
safe limit.  kdef = 2 might be based on dry/wet cycle and in this study the piles would be 
under constant wet state.  P Dietsch further commented that the creep in the parallel 
to grain direction might be lower. 
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1 Introduction 
Wood and engineered wood products are subject to aging processes, i.e., the physical, 
chemical, and mechanical properties change over time. Whereas aging effects appear 
to be minimal in favorable climatic conditions [1] even for archaeological structures 
more than 4400 years old [2], humid environments, contact with liquid water and ex-
posure to UV radiation may have led to a chemical degradation. Consequently, changes 
with regard to the physical, chemical and mechanical properties may occur [3]. 

When designing timber structures, the environmental conditions expected at the site 
where the structure will be built, must be accounted for. In the framework of Euro-
code 5 (EN 1995-1-1) [4] this is accomplished by assigning each timber structure to 
service class (SC) 1, 2, or 3. The mechanical properties are adjusted to specific climatic 
conditions (temperature and relative humidity of the air) by means of the modification 
factor kmod. In the next generation of Eurocode 5 [5], a fourth SC will be introduced.  

The resistance against decay depends on the actual timber species. EN 335 [6] defines 
the durability classes (DC) based on the natural durability of solid wood. To assess the 
durability of timber products within a few hours or days, standardized procedures have 
been developed, allowing for – or at least aiming at – a simulation of the aging process 
and its impact on the product properties. 
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Figure 1: Shed at ETH Zürich (Switzerland) with truss girders made of European beech (Fagus 
sylvatica L.) glulam erected in 1987 (a) and its disassembling in August 2019 (b). 

For example, test methods for verifying the resistance against delamination of bond 
lines are implemented in the test standard to assess the performance of adhesives for 
load-bearing timber structures EN 302-2 [7] and in the standard EN 14080 [8] contain-
ing the requirements in the production of glued-laminated and glued solid timber. 

Several studies have focused on the aging effects on softwoods and the respective in-
fluences on the mechanical properties [3]. However, for a long-term use of European 
beech (Fagus sylvatica L.) glulam in SC 2, to the knowledge of the authors, no investi-
gations are available. European beech wood features a comparably low durability and 
hence, it is assigned to DC5, "not durable". Consequently, this species should only be 
applied in use class (UC) 1 or (depending on the actual wood product, climatic condi-
tions and cross-sectional dimensions) UC 2 according to EN 335 [6]. 

This paper presents experimental investigations on beech glulam subjected for 
32 years to an environment corresponding to an exposure belonging to SC 2 and UC 2 
according to Eurocode 5 (EN 1995-1-1) and EN 335 [6], respectively. Compression and 
tension tests parallel to the grain as well as shear tests were conducted.  

The investigated beech glulam members originate from three truss girders of a shed at 
ETH Zürich (campus Hönggerberg; 47°24'36.5"N 8°30'24.7"E) (Figure 1). The span of 
the duopitch roof trusses with raised eaves was 11.9 m and the height varied between 
0.72 and 1.64 m (Figure 1). The slope of the roof was 9°. The cross-section dimensions 
of the bottom chords and the diagonals was 100 × 100 mm2. The top chords and the 
diagonals closest to the supports had a cross section of 100 × 160 mm2. Connections 
between truss members were realized with two slotted-in steel plates (t = 4 mm) and 
steel dowels (d = 8 mm) (Figure 2). Light corrosion was visible on the steel plates and 
dowels (Figure 2). According to [9], beech wood is classified in the corrosion class “ger-
ing” (low). Prior to the tests described in the paper, tests on the truss girders were 
conducted [10]. In these tests, the tensile strength of the steel plates, which was back-
calculated from the first truss test where net failure of a pair of steel plates occurred, 
was found to be fu,test-1 = 360 MPa. In the subsequent truss tests, the connection limit-
ing the ultimate resistance was reinforced. The tensile strength of the steel dowels (5 
tension tests) was fu,mean = 1131 MPa (cov = 0.03) [10].  
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Figure 2: Slotted-in steel plates after testing the first truss (a) and steel dowels (b). 

2 Material and Methods 
2.1 Beech glulam members 

2.1.1 Wood and wood aging effects 

In order to investigate possible chemical structural changes, e.g., degradation of the 
aged beech glulam resulting from exposure to high UV radiation rates and moisture, 
surface samples and samples cut out in 10 mm depth were collected from the aged 
beech members. As a reference, samples from fresh beech wood were also investi-
gated. Pieces of 2 mm × 2 mm early-wood samples were analyzed with a Fourier trans-
form infrared (FTIR) spectrometer (Tensor 27, Bruker Optics) equipped with a single 
bounce diamond ATR element (Platinum ATR). Three spectra were recorded for each 
sample in the wavelength-range of 350-4000 cm−1 and averaged. The spectra were 
baseline corrected. The wavelength range was cropped to the wood-relevant region 
(800−1800 cm−1) and normalized by the respective maximum peak.  

2.1.2 Adhesives 

No information from the producers / designers regarding the adhesive used for face 
gluing and finger jointing was available. The dark red-brown color of the adhesive 
bonds indicated either a resorcinol-formaldehyde (RF) or phenol-resorcinol-formalde-
hyde (PRF) adhesive had been used. Investigations with a FTIR spectrometer revealed 
a spectrum similar to that of an RF adhesive.  

2.1.3 Lamination thickness 

The lamination thickness of the bottom chord members and the diagonals was 20 mm. 
The top chord members and the diagonals closest to the supports had a lamination 
thickness of 25 mm. This is considerably less compared to glulam made of softwood, 
where usually laminations of 35 to 45 mm in thickness are used. As reported in [11], 
thin laminations are favorable with regard to internal stresses resulting from changes 
in temperature and moisture content. Therefore, glulam members with comparably 
thin laminations exhibit a higher resistance against delamination. In recent research 
studies on the application of beech glulam for load-bearing structural elements, thick-
nesses of laminations were chosen below 30 mm [12]–[14]. 
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2.1.4 Moisture content (at time of testing) 

After conducting the tests on the truss girders [10], the trusses were stored in indoor 
heated climate condition. To determine the moisture content (MC), small segments of 
the specimens were analyzed directly after testing using the dry-oven method accord-
ing EN 13183-1 [15]. The average MC was 8.7% (cov = 0.01). 

2.2 Environmental situation 

Zurich has a temperate oceanic (Cfb) / humid continental climate (Dfb) [16] with warm 
summers and four distinct seasons. The climate is moderate with no excessive heat, 
cold or humidity. The temperatures vary (record lows and highs measured in Zurich 
since 1901) between -24.2°C and 37.7°C.  

The average relative humidity lies between approximately 70% (March - July) and 85% 
(October - January). Figure 3 shows the average daily temperatures measured in Zurich 
in 2020 and the min. and max. values (daily average) measured since 1864 [17]. Since 
the shed had a corrugated metal roof, temperatures in summer are assumed to have 
exceeded the values measured in protected weather stations. Thanks to the big neigh-
boring building, the shed has been protected from intense west wind rain events. No 
signs of direct weathering (rain or snow) of the truss members have been found.  

Overall, the environmental conditions are corresponding to an exposure belonging to 
SC 2 and UC 2 according to Eurocode 5 (EN 1995-1-1) [4] and EN 335 [6], respectively. 

2.2.1 Loading history 

During its lifetime, the shed mainly had to withstand snow and wind loads. According 
to the Swiss standard SIA 261 [19], characteristic snow loads of sk = 1.2 kN/m2 have to 
be considered in the design. Actual record values of daily snowfall were 54 cm in 2006, 
which corresponds to a load of about 1 kN/m2 (density after a few hours/days after 
snowfall: 2 kN/m3). The reference wind pressure for the site is qp0 = 0.9 kN/m2 [18]. 

 

 
Figure 3: Daily average temperatures in Zurich in 2020 (station Fluntern) and min. and max. values 
between 1864 and 2018 (grey) [17]. The red and blue bars indicate warmer / colder temperatures in 
2020 compared to the average temperatures between 1981-2010. 
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2.3 Experiments 

2.3.1 Compression tests 

Compression tests parallel to the grain (n = 12) were carried out in accordance with 
EN 408 [19] using a hydraulic testing machine of the type Schenck 1600 with a maxi-
mum capacity of 1600 kN (Figure 4a). The cross-section dimension of the specimens 
was 100 × 100 mm2 and their length was (6 × h) = 600 mm.  

The compressive modulus of elasticity (MOE) parallel to the grain was determined in 
accordance with EN 408 [19] based on measuring the local axial displacement over a 
length of (4 × h) = 400 mm with two linear variable differential transducers (LVDTs) 
mounted on two opposite surfaces of the specimens. The tests were conducted dis-
placement controlled with a constant displacement rate of 0.02 mm/s. When reaching 
40% of the expected maximum force, the LVDTs were disassembled. The net time until 
the maximum force was reached was 300 ± 120 s. 

2.3.2 Tension tests 

Tension tests parallel to the grain (n = 10) were carried out in accordance with EN 408 
[19] using a hydraulic testing machine of the type Gehzu 1800 with a maximum capac-
ity of 1800 kN (Figure 4b). The cross-section dimension of the specimens was 
100 × 100 mm2, the free testing length was (12 × h) = 1200 mm and the length of the 
clamping jaws (clamping pressure: 5.6 MPa) was 520 mm at both ends.  

The tensile MOE parallel to the grain was determined in accordance with EN 408 [19] 
based on measurements of the local horizontal displacement over a length of (5 × h) = 
500 mm recorded with two LVDTs mounted on two opposite surfaces of the speci-
mens.  

   
Figure 4: Test setups for compression- (a), tension- (b) and shear tests (c). 
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Initially, the specimens were subjected to axial tensile forces corresponding to 40% of 
the expected maximum force and unloaded again. Subsequently, the LVDTs were dis-
assembled, and the force was increased until failure occurred after 300 ± 120 s. 

2.3.3 Shear tests 

Currently, there is no test configuration available in European standards for the deter-
mination of the shear strength of glulam beams in full-size. In this study, the asymmet-
ric four-point bending test setup (Figure 4c) presented in [20] was applied. It is based 
on [21] and a similar test setup has been successfully employed for the testing of clear 
wood samples [22]. The cross-section dimension was 100 × 100 mm2 and the total 
length of the specimens was (10 × h) = 1000 mm. The distance between the load ap-
plication points / supports was (3 × h) = 300 mm. Half of in total (n =) 18 specimens 
were tested with the laminations in flatwise-, the other half with the laminations in 
edgewise orientation. The shear modulus was determined by analyzing a quadratic 
shear field in the center of the beams on both sides. 

3 Results and discussion 
Tab. 1 summarizes the main results of the compression-, tension- and shear tests and 
contains information on the density of the specimens. The distribution parameters of 
the strength and stiffness properties were calculated according to EN 14358 [23] as-
suming a lognormal distribution [24]. The 5%-fractile value was additionally calculated 
applying the maximum-likelihood method (MLE) [25]. For density, a normal distribu-
tion was assumed [24]. 

3.1 Density 

The average value of density for all specimens was ρmean,glob = 687 kg/m3 with a mini-
mum value of 640 kg/m3 and maximum value of 727 kg/m3. The density was very sim-
ilar for the compression- (ρmean,c = 687 kg/m3), tension- (ρmean,t = 683 kg/m3) and shear 
test specimens (ρmean,v = 688 kg/m3). All densities reported refer to their actual mois-
ture contents of u = 8.7 ± 0.1%. A mean value of density of ρmean,12 = 698 kg/m3 results 
when applying the moisture correction to MC = 12% according to EN 384 [26]. 

3.2 Compression tests 

The mean value of the compressive strength parallel to the grain (fc,0) was 64.4 MPa. 
The variation was very low, i.e., a coefficient of variation (cov) of 0.04 and min. / max. 
values of 60.9 / 68.2 MPa were found (fc,0,k = 60.8 MPa). The mean value of the com-
pressive MOE parallel to the grain (Ec,0) was 15.8 GPa, with min. / max. values of 15.0 / 
17.7 GPa (cov = 0.05). The 5%-fractile value was Ec,0,05 = 14.7 GPa. 

A rather ductile failure behavior was observed, which can be explained by the local 
crushing of fibers before reaching the ultimate force. The force-displacement curve 
was almost linear until a level of 85 to 90% of the ultimate force. While applying the 
remaining 10 to 15% of the force, 40 to 45% of the total displacements occurred. 
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Tab. 1: Density and compressive-, tensile- and shear properties of beech glulam after 32 years in a 
service class 2 environment. 
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05 LN 5) 10.6 | 6.7 . 05 LN 1) 825 | 840 
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3.3 Tension tests 

The mean value of the tensile strength (ft,0,mean) was 43.8 MPa. Compared to the com-
pressive properties, a larger scatter of results was observed, with min. / max. values of 
35.7 / 55.5 MPa (cov = 0.15). One specimen failed in the clamping area, where the 
cross section was reduced due to the connection in the truss girder (slotted in steel 
plates). Hence, the respective low (gross) tensile strength of 28.5 MPa was excluded 
from the data analysis (n = 9).  

In the tension tests, exclusively brittle failures were observed. In most cases, a combi-
nation of failures of one or several finger joints (Figure 5a), wood failure next to knots 
(Figure 5b) and local fiber deviations (Figure 5c,d) was observed. 

The mean value of the tensile MOE parallel to the grain (Et,0) was 15.8 GPa, with min. / 
max. values of 14.0 / 17.2 GPa (cov = 0.06). The 5%-fractile value was Et,0,05 = 14.3 GPa. 
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Figure 5: Typical failure pattern of beech glulam specimens subjected to tension tests, i.e. failure of 
finger joints (a), failure close to knots (b) and failures in areas of local fiber deviation (c,d). 

3.4 Shear tests 

Undesired failure mechanisms, such as premature bending failure (of finger joints; 1 
out of 18 specimens) and compression failure perpendicular to the grain (1 out of 18 
specimens), were accounted for by a censored data analysis [27]. Results for specimens 
tested with the laminations subjected to edgewise- and flatwise bending are shown 
separately in Tab. 1 (using the pipe “|”symbol). The shear strengths (fv) determined 
with the laminations subjected to edgewise bending (fv,mean,edge,CD = 12.5 MPa; cov = 
0.10) were higher compared to flatwise bending (fv,mean,flat,CD = 9.4 MPa; cov = 0.20). The 
scatter was larger for the latter configuration, which can be explained by homogeniza-
tion effects when testing specimens with the laminations subjected to edgewise bend-
ing. The glueline (not stressed in edgewise bending) was involved in the failure of sev-
eral beams tested with the laminations in flatwise bending (Figure 6). However, no 
exclusive failures of the glueline were observed, i.e., the failure mainly propagated in 
the wood. For the shear modulus (Gv), no significant difference between edgewise and 
flatwise bending was found (Gv,mean = 925 | 924 MPa; Gv,05 = 825 | 840 MPa; Tab. 1). 

3.5 Comparison with properties of beech glulam right after production 

In order to evaluate the influence of the climate exposure and potential degradation 
on the mechanical properties, the test results from this study are compared to me-
chanical properties reported by Ehrhart [20] (u ≈ 9%), Westermayr et al. [13] (u ≈ 10%) 
and Aicher & Ohnesorg [28] (u ≈ 11%), see Tab. 2. Besides the mean and 5%-fractile 
values, the test configuration and the dimensions are indicated.  
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Figure 6: Shear failure pattern of beams tested with the laminations subjected to flatwise bending (a) 
and evolution of shear strain εxy during the asymmetric four-point bending tests (b). 

Regarding the density, similar mean and 5%-fractile values were found in this study 
compared to [14] and [13], which means that the mechanical properties determined 
in this study can be compared with the test results from previous studies. 

The compressive strength parallel to the grain of the aged beech glulam (fc,0,mean = 
64.4 MPa) is slightly higher than the values reported in [29] for beech glulam of 
strength class GL 48h (63.8 MPa; + 0.9%; u ≈ 9%) right after production. Compressive 
strengths reported in [13] for low quality beech glulam, i.e., wood featuring fiber devi-
ation, pith, cracks, discoloration as well as knots, are slightly lower (60.5 MPa; + 6.4%; 
u ≈ 10%). Thus, no influence of aging on the compressive strength parallel to the grain 
could be identified. The same applies for the compressive MOE parallel to the grain. 

The tensile strength of the aged beech glulam (ft,0,mean = 43.8 MPa) has been deter-
mined on a similar level compared to the strength class GL 40h [20]. Values reported 
in [13] are about 30% higher. However, in the latter study, specimens without finger 
joints were tested. Finger joints are often triggering failure and, thus, limit the tensile 
strength. Again, the MOE (in tension; 15.8 GPa) is on a similar level as for beech glulam 
of strength class GL 48h (15.5 GPa) right after production [20] and considerably higher 
than the values reported in [13] (12.9 GPa). 

The shear strength of the aged beech glulam with the laminations subjected to edge-
wise bending was slightly higher, and with the laminations subjected to flatwise bend-
ing slightly lower compared to beech glulam (GL 48h) right after production [29]. How-
ever, the shear strength of timber is known to be subjected to a size effect [30]–[32] 
and. Thus, the results of the present study must be adjusted to allow for comparison. 
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Tab. 2: Comparison of mean and 5%-fractile values of density and compressive-, tensile- and shear 
strength and stiffness with values for fresh beech glulam right after production. 

Property 
Aged glulam Glulam right after production 

Ehrhart [20] Further  
literature (This study) GL 40h GL 48h GL 55h literature 

ρmean kg/m3 687 693 - 701  697 - 712 708 – 715 6906) 
ρ05 kg/m3 661 669 - 682 706 - 664 693 - 697 - 

fc,0,mean MPa 64.4 60.41) 63.81) 65.81) 60.55) 

fc,0,05 MPa 60.8 59.71) 62.51) 63.71) - 

Ec,0,mean GPa 15.8 15.11) 16.01) 17.01) 13.35) 

Ec,0,05 GPa 14.7 14.41) 15.41) 16.71) - 

ft,0,mean MPa 43.8 43.72) 53.32) 57.72) 57.65) 

ft,0,05 MPa 34.5 36.62) 44.32) 52.92) - 

Et,0,mean GPa 15.8 15.22) 15.52) 17.02) 12.95) 

Et,0,05 GPa 14.3 13.92) 14.72) 16.32) - 

fv,mean MPa 12.5 | 9.4 - 10.83) - 6.16) 

fv,05 MPa 10.6 | 6.7 - 9.03) - 4.36) 

Gv,mean MPa 925 | 924 - 12704) 11804) - 

Gv,05 MPa 825 | 840 - 11404) 11004) - 
1) Dimensions of test specimens: 200 × 200 × 1200 mm3; u ≈ 9% 

2) Dimensions of test specimens: 160 × 75 × 3600 mm3; u ≈ 9% 

3) Dimensions of test specimens: 400 × 160 × 3200 mm3 (asymmetric 4P bending test); u ≈ 9% 
4) Several different test configurations and specimen dimensions; u ≈ 9% 
5) Westermayr et al. [13]: 80 × 80 × 180 / 2320 mm3, homogenous layup; u ≈ 10% 
6) Aicher & Ohnesorg [28]: 608 × 120 × 3040 mm3 (symmetric 4P bending test); u ≈ 11% 

According to [20], the shear strength of beech glulam can be estimated with Equation 1 
(fv,mean) and Equation 2 (fv,k), respectively. For a beam height of 100 mm, estimated 
shear strengths of fv,mean,est = 13.6 MPa / fv,k,est = 11.0 MPa result.  

�v,mean = 94 ∙ ℎ��.�� (1) �v,k = 76 ∙ ℎ��.�� (2) 

Compared to the results for the beams tested in edgewise- (fv,mean = 12.5 / 
fv,05 = 10.6 MPa) and flatwise bending (9.4 / 6.7 MPa), a small (-9%) and strong (-45%) 
reduction in shear strength is found. 

3.6 Chemical degradation of the beech glulam members 

The results of the FTIR analysis are shown in Figure 7 in the form of vertically shifted 
spectra for sake of comparison. The spectra of the reference samples and of the aged 
glulam samples cut out at 10 mm depth do not show any apparent differences.  

Hence, it can be concluded that the material inside the glulam members remained per-
fectly intact with respect to chemical structure. However, large degradations in lignin, 
cellulose, and hemicellulose of the samples collected at the weather-exposed surface 
of the aged glulam are apparent by comparing the characteristic spectra bands to the 
reference samples’ spectra. 
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Figure 7: Spectra resulting of the FTIR-analysis. Characteristic band assignments for lignin, cellulose, 
and hemicellulose are pointed out by the vertical lines following a band-assignment table for 
hardwood [33]. 

The zone of surface degradation was identified to be approximately 1 mm deep 
throughout all aged glulam members. It can be assumed that this 1 mm thick band 
around the cross section does not significantly reduce the mechanical strength and 
stiffness properties in the case of the conducted tension, compression, and shear tests.  

4 Conclusions 
Based on the results presented in this study, the following conclusions can be drawn: 

 Beech glulam can be used in service class (SC) 2, if the following prerequisites 
are met: 

o The beech glulam members are protected from direct rain and other liq-
uid water sources. According to the next generation of Eurocode 5 
(prEN 1995-1-1) [5] and the new definition of service classes, this is the 
case for service class 2 (“structures under shelter in non-insulated and un-
heated conditions”). The use of beech glulam in service class 3 according 
to the next generation of Eurocode 5 (prEN 1995-1-1) [5] (“exposed to 
weathering if water will run off”) and service class 4 (“structures sub-
merged in soil or water”) is not recommended. 

o An appropriate / durable adhesive system is used for finger jointing and 
face gluing of the laminations. 

o The lamination thickness is reduced compared to softwood glulam (in this 
study, the lamination thickness was lt = 20 - 25 mm). 

 No significant influence of aging could be observed regarding the density, the 
compressive strength and MOE parallel to the grain and the tensile strength and 
MOE parallel to the grain. 
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 Although no exclusive failures of the glueline were observed, the shear strength 
of beams tested with the laminations in flatwise bending was 25% lower com-
pared to beams tested with the laminations subjected to edgewise bending. On 
the one hand, this can be attributed to homogenization effects in edgewise 
bending. On the other hand, the glueline is subjected to shear stresses when 
beams are tested with the laminations in flatwise bending and was involved in 
several failures. 

 The asymmetric four-point bending test was successfully applied for determin-
ing the shear strength and modulus. It is recommended to be implemented as 
an additional reference test configuration in EN 408 [19], at least for applica-
tions in research. 

 A Fourier transform infrared (FTIR) spectrometer analysis revealed that for the 
surface (outermost 1 mm) degradations in lignin, cellulose, and hemicellulose 
occurred. The spectra of the reference samples and of the aged glulam samples 
cut out at 10 mm depth did not show any differences, meaning that the wood 
structure was perfectly retained. 

 The results of the FTIR analysis and the comparison of the test results with prop-
erties of beech glulam tested right after production indicate that aging has no 
or only a negligible influence on the mechanical properties. 

The presented results are considered to be relevant for the standardization of beech 
(and other hardwood) glulam on a European level in the future product standard 
prEN 14080-2 [34]. 
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DISCUSSION 

The papers was presented by P Grönquist 

P Dietsch supported the shear test set up conclusions.  He did not agree with the 
proposal to split up service class into A and B as the newly proposed approach in 
Eurocode 5 implicitly also deals with the issue.  P Grönquist replied splitting up service 
class into A and B would be more appropriate for modifying the current standard. 

R Brandner asked about the distribution of compressive stress and received 
clarification that there was no reinforcement used in the support. He commented that 
the difference between edgewise and depth‐wise shear strength results might be due 
to annual ring orientation effect.  He asked whether there was any difference in G for 
these orientations.  P Grönquist replied that the G data was not included in the paper 
and would look into the issue. 

R Brandner commented that some of the mean strength values reported in the text 
and the table are different.  P Grönquist replied that he would look into the issue and 
the difference might be deal to reporting of maximum likelihood censored data. 

R Brandner asked why stop the tests in some cases. P Grönquist replied that probably 
results of few pretests without failure were reported.  They would still be okay 
because the actual strength would be higher and use of censored data is appropriate. 

T Ehrhart added that there was no reinforcement at the support but 8 mm screws 
were used to fix the support.  He agreed that difference in annual ring orientation 
between flatwise and depth‐wise orientation resulted in the difference in the shear 
strength.  The paper will be amended to consider the comment on service class. 

G Ravenshorst asked what was the moisture content of the member on site and why 
not conduct the test at this moisture content.  P Grönquist replied that moisture 
content of the member on site would be between 12 to 20% and the testing was done 
at 9% MC. 

S Malek asked about the difference in shear failure pattern between the edgewise and 
flatwise orientation.  T Ehrhart replied the failures involved the gluelines but they were 
not clear glueline failures.  They could not do more checks as the specimens were 
accidentally disposed. 

S Aicher commented that it is well known that edgewise shear strength is higher than 
flatwise shear strength in softwood.  He doubted that the failures were caused by 
glueline failures.  This could have easily been checked if the specimens were still 
available.  He commented that statements such as “appears to have lower strength” 
should not be used in the paper.  P Grönquist agreed. 
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1 Introduction 
The use of hardwoods in timber engineering offers enormous potential from a tech-
nical, architectural and climate-political point of view. However, the lack of standardi-
zation of engineered hardwood products (EHP) is a major obstacle to their use in prac-
tice. Research on engineered hardwood products [1]–[6] and their application in con-
struction has been intensified in the recent years due to the increase in share of hard-
woods in European forests [7]–[10]. As knowledge on the production and properties 
of EHPs increases, the work on prEN 14080-2 [11] – a new European hardwood glulam 
standard – has been resumed in 2018 by a Task Group within CEN/TC 124/WG 3. 

One field of application where EHPs have a great potential are columns [12]. In this 
context, the compressive strength parallel to the grain (fc,0) and the compressive mod-
ulus of elasticity (Ec,0) are the most relevant parameters. The influence of the moisture 
content (MC) on these properties must be quantified in order to allow for the design 
of EHPs in service classes (SC) 1 (20°C/65% RH) and 2 (20°C/85% RH) according to Eu-
rocode 5 (EN 1995) [13]. However, respective investigations are currently not available 
for many EHPs. Furthermore, the validity of the formulae given EN 384 [14] for consid-
ering the influence of the MC on fc,0 and Ec,0 has not been verified yet for EHPs. 
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According to the European Assessment Document EAD 130230-00-0304 [15], the char-
acteristic value of the compressive strength parallel to the grain shall be reduced with 
a factor of 0.8 in case hardwood glulam is applied in SC 2 or SC 3. 

2 Material and Methods 
2.1 Material 

2.1.1 Wood species 

The hardwood species European beech (Fagus sylvatica L.; 18.1% of the Swiss wood 
resources), European ash (Fraxinus excelsior L.; 4.1%), European oak (Quercus robur L.; 
1.9%) and sweet chestnut (Castanea sativa Mill.; 1.3%) were investigated in this study 
[8]. These species were selected due to their large share in Swiss forests. European 
beech is also the dominating hardwood species in Austria (68% of the hardwood stand-
ing stock) and in Germany (60%), whereas European oak has by far the largest share of 
hardwood standing stock in France (59%) [7]. The standing stock of each of the two 
species exceeds 1 billion m3 (solid over bark) in the three mentioned Central European 
countries. The share of European ash is considerably high in Austria (15%) and Ger-
many (7%), sweet chestnut plays a significant role in France (11%) [7] and Italy. Norway 
spruce (Picea abies (L.) Karst.) has been the most important wood species in Switzer-
land (43.7% of the Swiss wood resources) and in neighboring countries for many dec-
ades and it is still the dominating species for engineered wood products in Central Eu-
rope. Hence, Norway spruce was selected as the reference material. 

2.1.2 Investigated engineered hardwood products (EHP) 

The investigation covered the EHPs glued laminated timber (glulam) made from Euro-
pean beech, European ash, European oak and sweet chestnut (all Swiss grown) and 
laminated veneer lumber (LVL) made from European beech (Figure 1). Glulam made 
from Swiss grown Norway spruce served as reference material in this study. In Table 1, 
the most relevant product properties are summarized. In order to improve the delam-
ination behavior [16] and to assure a homogenization effect, a relatively small lamina-
tion thickness of 25 mm (European beech), 31 mm (European oak) and 34 mm (Euro-
pean ash and Norway spruce) was chosen. Laminations used to produce the sweet 
chestnut glulam were 40 mm thick. 

The glulam made of European beech, European ash, Norway spruce (using PUR adhe-
sive for face gluing) and European oak (using PRF adhesive for face gluing) was pro-
duced by the company neue Holzbau AG (Lungern, Switzerland). The company Filippi 
SA (Airolo, Switzerland) produced the sweet chestnut glulam using PUR adhesive. The 
German company Pollmeier produced the European beech LVL (PRF adhesive).  

2.1.3 Strength grading of the raw material 

Currently, there is a lack of standardized strength grading rules for hardwoods of high 
strength classes. Thus, European beech [17] and sweet chestnut [18] were strength 
graded according to recent investigations.  
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Figure 1: Five different engineered hardwood products (EHP) and (as the reference material) Norway 
spruce glulam were investigated. 

The European ash boards were strength graded by the company neue Holzbau AG ac-
cording to internal strength grading rules. To produce the European oak glulam, boards 
with large knots were excluded but no additional strength grading rules were applied. 

Table 1: Summary of relevant product properties of the investigated EHPs. 

Species 
Product | 

Strength class 
Producer Adhesivea) 

Lam. thick-

ness [mm] 

Strength 

grading 

European 

beech 

Glulam | GL 48h 

nHb) PUR 25 [17] Glulam | GL 40h 

Glulam | GL 32h 

European 

ash 

Glulam | GL 48h 
nH PUR 34 nHe) 

Glulam | GL 40h 

European oak Glulam | --------- nH PRF 31 - f) 

Sweet chestnut Glulam | GL 24h Filippi SAc) PUR 40 [18] 

European beech LVL | GL 75 Pollmeierd) PRF 3 - 

Norway spruce Glulam | GL 28h nH PUR 34 [19] 

a) Type of adhesive used for face gluing of the laminations. | b) Neue Holzbau AG, Lungern, CH. 
c) Filippi SA, Airolo, CH. | d) Pollmeier Massivholz GmbH & Co.KG, Creuzburg, GER.  
e) Internal strength grading criteria developed by the company Neue Holzbau AG. 
f) Besides excluding boards with large knots, no strength grading was applied. 

INTER / 54 - 12 - 2

301



 

2.2 Methods 

2.2.1 Concept  

The aim of the study was to determine the influence of the wood MC on the compres-
sive strength and the modulus of elasticity parallel to the grain. In order to exclude (as 
far as possible) the influence of parameters other than the wood MC, such as the den-
sity, the growth ring width or the sawing pattern, the following procedure was chosen 
for the production of the specimens: 

1. Glulam elements with a length of 1100 mm and cross-sectional dimensions of 
160 mm × 90 mm were produced. The LVL elements were 2000 mm long and 
had cross-section dimensions of 80 mm × 80 mm (Figure 2a). 

2. Subsequently, the elements were cut into four pieces (quadruplets) with dimen-
sions of 78 × 90 × 468 mm3 (glulam; Figure 2b,c) and 80 × 80 × 480 mm3 (LVL). 
The properties of the quadruplets, such as the density, the growth ring width 
and the sawing pattern, were almost identical. 

3. One “piece of waste” of each element was kept and used for the determination 
of the initial MC. 

4. Finally, each of the four quadruplets was stored in a chamber with different cli-
matic conditions (see section 2.2.2) in terms of temperature and relative humid-
ity of the surrounding air. 

 
Figure 2: In order to receive almost identical specimens (with regard to density, annual ring width, 
etc.) in all climatic conditions, glulam and LVL elements were labeled (a) and then cut into half in the 
longitudianl (b) and transversal direction (c). 

2.2.2 Climatic conditions: Relative humidity and temperature 

After the test specimens had been cut, labelled and measured, they were conditioned 
in climate chambers or climate cabinets. The climatization aimed at obtaining the 
broadest possible spectrum of different humidity ranges in order to determine the in-
fluence of the wood MC on the compressive strength and the modulus of elasticity 
parallel to the grain. Table 2 provides an overview on the climatic conditions (temper-
ature in °C and relative humidity in %) and the number of specimens per product and 
climatic condition. Due to the limited availability of the climate chambers and cabinets, 
unfortunately, not all products could be stored under the same conditions. 
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Table 2: Number of specimens per product, strength class and climatic condition. 

  Temperature [°C] | Relative humidity [%] 

Species Product 20°|30% 20°|50% 20°|65% 20°|75% 20°|85% 20°|95% 

European beech 

Glulam | GL 48h 4 4 8 4 - 4 

Glulam | GL 40h 8 8 14 6 - 8 

Glulam | GL 32h 14 14 20 6 - 14 

European ash 
Glulam | GL 48h 6 6 6 - 6 - 

Glulam | GL 40h 6 6 6 - 6 - 

European oak Glulam | --------- 11 11 11 - - 11 

Sweet chestnut Glulam | GL 24h 6 6 6 - - 6 

European beech LVL | GL 75 . 6 6 6 - - 6 

Norway spruce Glulam | GL 28h 6 6 6 - 6 - 

 

2.2.3 Compression tests 

In total, 300 compression tests parallel to the grain were carried out under displace-
ment controlled loading regime (vtest = 0.02 mm/s) on a servo-hydraulic testing ma-
chine (Figure 3a) in accordance with EN 408 [20]. The length of the specimens was 
lc = 6 × bmin, i.e., either 468 mm (glulam) or 480 mm (LVL).  

The compressive MOE parallel to the grain was determined based on local vertical dis-
placements over a length of lE,c = 4 × bmin recorded with linear variable differential 
transducers (LVDT) on two opposite sides (Figure 3b). The LVDTs were disassembled 
at a level of 40% of the expected maximum force. Afterwards, the force was increased 
until failure occurred or until the resistance dropped by more than 20% (Figure 3c) 
compared to the maximum force. 

 
Figure 3: The compression tests were performed on a servo-hydraulic testing machine of type 
“Schenck 1600” (a). By means of LVDT sensors mounted on two opposite sides of the specimens, the 
longitudinal displacements were measured and used to determine the MOE parallel to the grain (b). 
After disasembling the LVDTs, the force was increased displacement-controlled until failure occurred 
or until the restistance dropped by 20% (c). 
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The compressive strength parallel to the grain (fc,0) was calculated based on the actual 
cross-section dimensions measured just before the tests (b1,is and b2,is) and the maxi-
mum force (Fmax) using Formula 1. 

�c,0 =
�max

�1,is ∙ �2,is
 (1) � [%] =

�u − �0

�0
∙ 100 % (2) 

The compressive modulus of elasticity parallel to the grain (Ec,0) was calculated based 
on the actual cross-section dimensions measured just before the tests and a linear re-
gression analysis of the stress-strain curve in a range between 0.1 × Fmax and 0.4 × Fmax. 
As requested by the test standard EN 408 [20], the coefficient of determination was 
higher than 0.99 for all of the 300 tests carried out. 

2.2.4 Determination of the moisture content (MC) 

The MC (u) of all 300 specimens was determined using the dry oven method according 
to [21]. Small segments were cut from the centre of the specimens directly (≤ 1.5 h) 
after the compression test. The MC was calculated using Formula 2, based on the mass 
of the cut segments before (mu) and after the drying process (m0). The latter took be-
tween 4 and 6 days. 

3 Results and Discussion 
3.1.1 Moisture contents resulting from different climatic conditions 

Table 3 summarizes the mean values (x) and the standard deviations (s) of the MC 
determined for the EHPs having been exposed to different climatic conditions. The MC 
of glulam made from European beech and ash was found to be about 1% lower com-
pared to Norway spruce glulam in all climatic conditions. The absolute values and the 
trend of the MC being lower for hardwoods compared to softwoods agree well with 
findings by Schaffrath [22]. The high MC of European beech glulam in climate 20|75 is 
attributed to the fact that these specimens had been stored in a 20|95 climate initially. 
Therefore, desorption occurs, which results in higher MC compared to adsorption. 

The MC values determined for sweet chestnut were very similar to the ones of Norway 
spruce and agree well with the values reported in [22] as well as the values specified 
in EC 5 [13] for SC 1 (20|65  12%) and SC 2 (20|85  18%). 

For European beech LVL, significantly lower MC values have been found compared to 
the other EHPs and Norway spruce glulam. Mainly, this is due to the production pro-
cess where very dry veneers are glued together and, subsequently, all MC are consid-
ered to represent the adsorption curve. Benthien et al. [23] reported that both the 
desorption and adsorption curves of beech LVL correspond to those of solid beech 
wood. 

For comparison of the different EHPs and the respective mechanical properties, refer-
ence MCs for SC 1 and SC 2 are listed in Table 4. The values are based on the results 
from this study and on the results reported in [22] and [23]. 
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Table 3: Moisture content (MC) resulting for EHPs exposed to different climatic conditions (mean value 
± standard deviation) in this study and values reported in [22] and [23]. 

x ± s Temperature [°C] | Relative humidity [%] 

Species 20°|30% 20°|50% 20°|65% 20°|75% 20°|85% 20°|95% 

European beech glulam 8.2 ± 0.21 9.6 ± 0.28 
10.6 ± 0.34 

11.21) 

14.6 ± 0.39
2) 

- 

13.81) 
16.8 ± 0.46 

European ash glulam 8.0 ± 0.11 9.3 ± 0.13 
10.1 ± 0.17 

11.41) 
- 

13.9 ± 0.33 

14.5 1) 
- 

European oak glulam 8.9 ± 0.24 9.8 ± 0.19 
11.0 ± 0.17 

11.21) 
- 

- 

13.11) 
15.9 ± 0.45 

Sweet chestnut glulam 8.7 ± 0.33 10.1 ± 0.26 
11.5 ± 0.27 

- 
- 

- 

- 
17.5 ± 0.51 

European beech LVL 6.1 ± 0.14 
7.0 ± 0.19 8.9 ± 0.22 

10.63) 
- 

- 

17.13) 

16.9 ± 0.37 

8.22)3) 22.43) 

Norway spruce glulam 8.9 ± 0.15 10.5 ± 0.18 
11.7 ± 0.16 

12.51) 
- 

16.0 ± 0.23 

16.51) 
- 

1) Values reported in [22] 
2) Desorption curve 
3) Values reported in [23] 

 
The reference MC for European beech, ash, and oak glulam as well as European beech 
LVL in SC 1 (11%) and SC 2 (15%) can be assigned identically. The reference MC of 
sweet chestnut and Norway spruce glulam is slightly higher (12% | 17%). 

Table 4: Reference moisture contents (uref) for the EHP in service classes 1 and 2. Exponents ϑi for the 
moisture correction of the compressive strength parallel to the grain (ϑ1; Formula 3) and for the 
correction of the MOE parallel to the grain (ϑ2; Formula 4). 

 Reference MC uref [%] Exponents ϑi 

EHP SC 1 SC 2 ϑ1 (fc,0) ϑ2 (Ec,0) 

European beech glulam 11 15 0.8 0.2 

European ash glulam 11 15 0.8 0.2 

European oak glulam 11 15 0.6 0.1 

Sweet chestnut glulam 12 17 0.6 0.1 

Norway spruce glulam 12 17 0.8 0.2 

European beech LVL 11 15 0.8 0.2 

 
3.1.2 Density 

In order to check the successful implementation of the “quadruplet approach” (see 
2.2.1), the density of all 300 specimens was determined just after production, i.e., 
when all specimens of a certain EHP type still had the same MC. The differences of the 
mean values of the density between series of a certain EHP, e.g., European beech glu-
lam of strength class GL 40h, were below 3%.  
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The density of all 300 specimens was determined for a second time just before static 
testing (after conditioning in the climate chambers) with the specimen having a MC of 
u based on the actual mass (mu) and the actual dimensions (b1,u; b2,u; lu) (Formula 3). 
Consequently, the mass (numerator) but also the volume (denominator) increases due 
to adsorption and swelling effects, respectively. 

�u =
�u

�1,u ∙ �2,u ∙ �u
 (3) �c,0,ref = �c,0,u ∙ �

�

�ref
�

��

 (4) 

Figure 4 shows plots of density vs. MC for the investigated EHPs and for Norway spruce 
glulam. The correlation between the parameters is generally low, i.e., the coefficient 
of determination (R2) is below 0.05 for all products. However, a positive trend was 
found for most products. According to EN 384 [14], the density shall be corrected by 
0.5% for each percent change in MC. This correction appears to be adequate for the 
investigated EHPs and Norway spruce glulam. However, for European beech LVL, the 
swelling effects seem to overcompensate the increase in mass for increasing MC and 
the correction factor according to EN 384 [14] is recommend not to be applied. 

3.1.3 Compressive strength parallel to the grain  

Figure 5 shows the compressive strength parallel to the grain plotted against the MC 
for the investigated EHPs and for Norway spruce. For all products, a strong influence, 
i.e., a significant decrease of strength for increasing MC, is obvious. For European 
beech LVL, results from tests at TU Munich (2012) and MPA Stuttgart (2013, 2014) (not 
publicly available) are included for the sake of comparison. 

A power function as described by Formula 4 was found to best describe the relation-
ship between the MC and the compressive strength parallel to the grain. Linear func-
tions – as specified in the current version of EN 384 [14] for the correction of the com-
pressive strength parallel to the grain depending on the MC – either do not allow to 
cover the ranges of high strengths for low MC or lead to negative strength values for 
high MC. By means of Formula 4 and applying the exponents ϑ1 found in the regression 
analysis of the EHPs and Norway spruce glulam (Figure 5), all data was projected to the 
reference MC for SC 1 and 2 (Table 4). Subsequently, the 5%-fractile values of the com-
pressive strength parallel to the grain (fc,0,05) was calculated according to EN 14358 [24] 
assuming a lognormal distribution. 

Table 5 presents the resulting values of the compressive strength parallel to the grain 
for SC 1 and 2. The compressive strength of European beech, ash and oak glulam and 
European beech LVL was up to 45% higher compared to Norway spruce glulam 
(GL 28h), showing the great potential of EHPs in the production of columns. The 
strength values found for sweet chestnut were slightly higher than those of Norway 
spruce glulam, demonstrating its potential for the substitution of softwood glulam.  

In good agreement with EAD 130320-00-0304 [15] and SIA 265 [25], where a reduction 
factor of 0.8 is specified for SC 2 applications of glulam, reduction factors of 0.78 
(beech, ash) to 0.83 (sweet chestnut, oak) were found (SC 2/SC 1 ratios of fc,0,k values).  
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Figure 4: Density vs. moisture content. The functions and the coefficients of determination (R2) 
resulting from a linear regression anaylsis are shown. For European beech LVL, results (mean values) 
from previous studies have been added to the plots. 
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Figure 5: Compressive strength parallel to the grain vs. moisture content. The power functions fitted 
to the test data and the coefficients of determination (R2) are shown. For European beech LVL, results 
(mean values) from previous studies have been added to the plots. 

y = 362x-0.82

R² = 0.86

20

30

40

50

60

70

80

90

6 8 10 12 14 16 18

f c
,0

 [M
P

a]

MC [%]

y = 398x-0.87

R² = 0.86

20

30

40

50

60

70

80

90

6 8 10 12 14 16 18

f c
,0

 [M
P

a]

MC [%]

y = 249x-0.69

R² = 0.72

10

20

30

40

50

60

70

80

6 8 10 12 14 16 18

f c
,0

 [M
P

a]

MC [%]

y = 171x-0.57

R² = 0.56

10

20

30

40

50

60

70

80

6 8 10 12 14 16 18

f c
,0

 [M
P

a]

MC [%]

y = 278x-0.80

R² = 0.88

10

20

30

40

50

60

70

80

6 8 10 12 14 16 18

f c
,0

 [M
P

a]

MC [%]

European beech glulam European ash glulam

European oak glulam Sweet chestnut glulam

Norway spruce glulam

GL 48h
GL 40h
GL 32h

GL 48h
GL 40h

y = 336x-0.79

R² = 0.99

20

30

40

50

60

70

80

90

6 8 10 12 14 16 18

f c
,0

 [M
P

a]

MC [%]

European beech LVL

TUM:2012
MPA:2013
MPA:2014

INTER / 54 - 12 - 2

308



 

Table 5: Compressive strength and MOE parallel to the grain for service classes 1 and 2 (in MPa). All 
values were calculated according to EN 14358 [24]. 
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  GL 48h GL 40h GL 32h GL 48h GL 40h - GL 24h GL 28h GL 75 

SC 1  

[20 | 65] 

fc,0,mean 54.3 52.6 48.4 51.1 47.9 48.2 41.8 37.9 51.0 

fc,0,05 48.6 48.0 44.1 46.4 43.5 43.7 37.9 34.4 46.4 

Ec,0,mean 15 600 14 500 13 700 15 200 14 200 11 300 11 800 13 000 14 600 

Ec,0,05 13 900 13 200 12 500 13 800 12 900 10 200 10 700 11 800 13 200 

SC 2  

[20 | 85] 

fc,0,mean 42.4 41.1 37.8 39.8 37.4 40.0 33.9 28.7 39.8 

fc,0,05 37.9 37.5 34.4 36.2 33.9 36.3 30.8 26.0 36.2 

Ec,0,mean 14 700 13 600 12 900 14 300 13 400 10 900 11 400 12 100 13 700 

Ec,0,05 13 100 12 400 11 700 13 000 12 100 9 900 10 300 11 000 12 400 

 
To make full use of the material’s potential and to make use of the wood resources 
more efficiently, a differentiation between the two SC in the design of hardwood and 
softwood columns in compression by assigning different kmod values is advised. 

According to EN 384 [14], the compressive strength parallel to the grain determined in 
tests shall be corrected by 3% per percent difference between the actual MC and the 
reference MC of 12%. Comparison of the correction curve prescribed in EN 384 [14] 
with results from this study and test results reported in [26] (also referred to in [27]) 
show that the correction according to EN 384 underestimates the actual influence of 
the MC on the compressive strength parallel to the grain, i.e., the correction curve 
defined in EN 384 [14] is “too flat” (Figure 6).  

In good agreement with the results of this study, Frese et al. [28] found a much 
stronger influence of the MC (i.e. about 4.5% per percent change in MC) on the com-
pressive strength of Norway spruce glulam than defined in EN 384 [14]. 

In testing practice, this leads to an overestimation of the actual compressive strength 
parallel to the grain for specimens tested with a MC < 12%, and vice versa. For speci-
men tested with a MC of 8%, the actual compressive strength parallel to the grain at 
the reference MC of 12% is overestimated by more than 15% if the correction formula 
given in EN 384 [14] is applied. 
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Figure 6: Influence of the moisture content on different mechanical properties of Norway spruce clear 
wood according to [26] (also referred to in [27]) and test data from this study (GL 28h) and from a 
study by Frese et al [28]. 

 

3.1.4 Compressive MOE parallel to the grain  

Figure 7 shows the compressive MOE parallel to the grain plotted against the MC for 
the investigated EHPs and for Norway spruce. For all products besides European oak 
glulam, a moderate influence of the MC (between 1.1 and 1.5% per percent MC) was 
found. This finding agrees well with the formula for the MC correction of the MOE 
according to EN 384 [14] (1% per percent MC). 

The ratio between the MOE parallel to the grain in SC 2 and SC 1 lies between 0.93 
(beech, ash and Norway spruce glulam, beech LVL) and 0.96 (oak and sweet chestnut 
glulam). Hence, applying a reduction factor ηw for SC 2 as done in SIA 265 [25] is con-
firmed by the experiments carried out in this study, but the respective value of 0.9 is 
conservative for oak and sweet chestnut glulam. According to Eurocode 5 [13] and 
EAD 130320-00-0304 [15], no modification / reduction is required for the MOE for any 
kind of hardwood members used in SC 2. 

Again, a power function as described by Formula 5 was determined to describe the 
relationship between the compressive MOE parallel to the grain and the MC best. By 
means of Formula 5 and applying the exponents ϑ2 found in the regression analysis of 
the EHPs and Norway spruce glulam (Figure 7), all data was projected to the reference 
MC for SC 1 and 2 (Table 4). 

�c,0,ref = �c,0,u ∙ �
�

�ref
�

��

 (5) 
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Figure 7: Compressive MOE parallel to the grain vs. moisture content. The power functions fitted to 
test data and the coefficients of determination (R2) are shown. 
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3.1.5 Further observations and recommendations 

When conditioning the test specimens, it was observed that the definition of constant 
mass according to EN 408 [20] is not applicable to EHPs, i.e., changes in mass of less 
than 0.1% within 6h do not necessarily provide that the equilibrium MC has been 
reached. Therefore, a longer period (about 48h), after which the mass difference shall 
be checked, should be defined in EN 408. 

According to EN 13183-1 [21], the sample for determining the MC using the dry oven 
method shall be cut from the middle part of the tested specimen. However, even if the 
specimens have been conditioned according to EN 408 [20], (small) differences in MC 
exist along the specimens’ longitudinal axis. In case of compression tests parallel to the 
grain, small differences in MC can lead to large differences in strength (about 5% 
change in strength per percent change in MC; see section 3.1.3). In order to avoid re-
lating strength results to wrong levels of MC, it is recommended to cut the sample for 
determining the MC as close as possible to the location of failure. 

4 Conclusions 
Based on the investigation of five glued-laminated engineered hardwood products 
(EHP) and Norway spruce glulam at moisture contents (MC) between 6 and 17%, the 
following conclusions regarding the compressive strength and MOE parallel to the 
grain can be drawn: 

 The investigated glued-laminated EHPs show a great potential in the production of 
columns due to their excellent compression properties.  

 For European beech, ash, and oak glulam as well as European beech LVL, up to 45% 
higher compressive strengths parallel to the grain compared to Norway spruce glu-
lam (GL 28h) were found.  

 The compressive strength parallel to the grain of sweet chestnut glulam was slightly 
higher, and the MOE slightly lower compared to Norway spruce glulam (GL 28h). 

 When exposed to the same climatic conditions, different EHPs and Norway spruce 
glulam have different equilibrium MC. Reference MCs for all investigated EHPs for 
service class (SC) 1 and 2 according to Eurocode 5 [13] are presented in this paper. 

 The formulae specified in EN 384 [14] allow for an appropriate moisture correction 
of the density and the MOE parallel to the grain. 

 The moisture correction according to EN 384 [14] underestimates the influence of 
the MC on the compressive strength parallel to the grain. A more accurate correc-
tion formula is presented in this paper. 

 The strength values in SC 1 were found to be up to 30% higher compared to SC 2. 
This is in good agreement with the reduction factor of 0.8 for members used in SC 2 
as defined in EAD 130320-00-0304 [15] and SIA 265 [25].  
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 The MOE values parallel to the grain in SC 2 were found to be 7% (beech and ash 
glulam, beech LVL, Norway spruce) and 4% (oak and sweet chestnut glulam) lower 
compared to SC 1. A reduction of the MOE in SC 2 for the first group of EHP as spec-
ified in SIA 265 [25] with ηw = 0.9 appears to be appropriate. 

 To make full use of the material’s potential and to make use of the wood resources 
more efficiently, a differentiation between the SC in the design (kmod) of hardwood 
as well as softwood columns subjected to compression loading is advised. 
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DISCUSSION 

The papers was presented by T Ehrhart 

P Dietsch agreed to differentiate Kmod between bending and compression from a 
scientific point of view but stressed that this issue should also be viewed from a design 
perspective point of view, think of e.g. members under combined loads.  He asked how 
to ensure not having moisture distribution within the cross section.  T Ehrhart said this 
was not checked but the specimens were conditioned in a constant climate chamber 
until weight change was acceptable.   

R Brandner agreed about differentiating Kmod. He commented that wood 
drying/wetting has hysteresis behaviour.  Since the study focused in the absorption 
phase there might be a 2 to 3% difference from the desorption phase.  T Ehrhart said 
the hardwood product was typically glued at 9% MC, the product would always start 
from the absorption phase and change in MC would be slow; therefore, desorption 
would be unlikely.  R Brandner said in bridges application absorption followed by 
desorption might happen.  All agreed that there is no solution now.   

T Reynolds and T Ehrhart discussed using oven dried method and climate chamber 
method to achieve target moisture. 

C Sigrist commented that there is a lot of work needed for EN408 with the 
introduction of these new products.  The third draft of the standard will be released 
soon and he encouraged comments and suggestions from the colleagues. 

S Aicher agreed different Kmod for SC1 and SC2.  He commented that there are some 
European technical documents on downgrading compression strength of hardwood 
(oak, chestnut etc.) with a single factor due to moisture effect.  T Ehrhart will look into 
these documents. 
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1 Introduction 
Imperfection assumptions are essential for the design verification of imperfection-sen-
sitive (slender) timber members and adjacent structural elements, including roof brac-
ings and fork bearings (LARSEN (1977)), (KUHLMANN & HOFMANN (2016)). However only 
few imperfection measurements concerning timber buildings exist (BRÜNINGHOFF 

(1973)), (DIETSCH & HENKE (2010)), (EHLBECK & BLAß (1987)), (KESSEL & KÜHL & HALL (2015)), 
yet there is a lack of sufficient data regarding slender roof girders. Furthermore, the 
equivalent imperfections in EN 1995-1-1 (2004), on which the verifications of in-plane 
buckling and lateral torsional buckling are based, are inconsistent (e.g. initial bow im-
perfections for glulam included in the effective length method in-plane buckling (kc-
method): ey ≈ L/1100 and lateral torsional buckling (kcrit-method): ey ≈ L/288 to L/577) 
(EHLBECK & BLAß (1987)), (HEIMES-
HOFF (1986)). Consequently, due to 
the possibility of conservative as-
sumptions of imperfections, load-
bearing capacity reserves may be 
expected in the verification of tim-
ber members at risk of lateral tor-
sional buckling, when using the ef-
fective length method or design 
verification according to second 
order theory. Also, in achieving a 
more economical design of fork 
bearings, there is a lack of know-

 
Figure 1.1. On-site imperfection measurement with a laser 
scanner Leica ScanStation P20 (building 2020-KW34). 
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ledge referring to the assembly tolerances of long-spanning roof structures (KUHLMANN 

& HOFMANN (2013)). 

Within a DIBt research project (KUHLMANN & TÖPLER (2021 b)), measurements of the as-
sembly tolerances of timber building structures were carried out by the Institute of 
Structural Design from 2020 to 2021 (Figure 1.1), in order to create a database of ge-
ometric imperfections of slender glulam beams and to develop consistent proposals 
for equivalent imperfections. These should contribute to the current revision of 
EN 1995-1-1 (2004) and the preparation of the new European standard “Execution of 
Timber Structures”. 

This paper presents the results of imperfection measurements on 139 slender glulam 
beams in 13 timber buildings using a laser scanner (Figure 1.1) conducted in 2020. Us-
ing numerical methods, equivalent imperfections and torsional moments at the fork 
bearings are determined. The results are compared with current design rules. 

2 Imperfection measurements 
2.1 General 

As part of the DIBt research project DIBt - ZP 52-5-13.194, assembly tolerances of ap-
proximately 25 timber buildings shortly after assembly have been determined with a 
laser scanner from 2020 to 2021. Buildings with glulam beams made of softwood and 
beam-columns made of beech LVL were surveyed. The measurements were carried 
out in cooperation with the Institute for Photogrammetry at the University of Stuttgart. 
This paper reports on the measurement results of the glulam beams. 

Detailed explanations can be found in the interim report of the research project 
(KUHLMANN & TÖPLER (2021 b)). 

2.2 Measurement programme, setup and execution 

2.2.1 Measurement programme 

Table 2.1 lists the 13 buildings with 139 slender glulam beams reported. To ensure the 
representativeness of the sample of timber buildings, typical beam geometries (span L, 
cross-sectional dimensions H and W and beam shape) and material grades commonly 
used in construction practice in the DACH (Germany, Austria, Switzerland) region were 
covered. The timber buildings’ elements were fabricated und erected by different 
manufacturers and assembly companies. 

All buildings were single-storey industrial halls with roof constructions made of slender 
glulam beams (see e.g. Figure 1.1). The beam span of the evaluated members ranged 
between 6.9 m and 42.4 m, cross-sectional height between 0.69 m and 2.68 m and 
cross-sectional width between 0.14 m and 0.26 m. Material grades of the beams were 
GL 24h and GL 28c and roof bracings were realised by means of steel/timber diagonals, 
glulam roof panels or fixed columns. 
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Table 2.1. Measured buildings with slender glulam beams. 

Building 
Beam 
shape 

Span  
[m] 

Cross-sectional 
height/width 

Material Bracing system 
Location        
(in Germany) 

2020-KW23  14.5 5.1  GL 28c Steel diagonals 
73278  
Schlierbach 

2020-KW27  29.6 12.2  GL 24h Timber diagonals 
84359  
Simbach a. Inn 

2020-KW32  23.6 9.0  GL 28c Timber diagonals 
74595  
Langenburg 

2020-KW33  17.9 8.8  GL 28c Steel diagonals 
84577  
Tüßling 

2020-KW34 
 13.1 - 

17.5 
6.5 - 12.6  GL 24h 

Timber diagonals 
+ fixed columns 

89616  
Rottenacker 

2020-KW38_1.1  17.4 5.0  GL 28c 
Glulam roof 
panel 

68199  
Mannheim 

2020-KW38_1.2  9.9 3.6  GL 24h 
Glulam roof 
panel 

68199  
Mannheim 

2020-KW38_1.3  10.0 3.8  GL 24h 
Glulam roof 
panel 

68199  
Mannheim 

2020-KW38_1.4  6.9 2.9 + 4.8  GL 24h 
Glulam roof 
panel 

68199  
Mannheim 

2020-KW38_2  42.4 10.6  GL 28c Timber diagonals 
86199  
Augsburg 

2020-KW45_1.1  23.5 9.2  GL 28c Steel diagonals 
67112  
Mutterstadt 

2020-KW45_1.2  26.5 9.3  GL 28c Steel diagonals 
67112  
Mutterstadt 

2020-KW47  20.8 6.8  GL 24h Timber diagonals 
91320  
Ebermannstadt 

The measurements were taken directly after assembly and alignment of the timber 
structures. In some cases, the structures were loaded by roofing and wall cladding in 
addition to their self-weight. The influence of wind actions during the measurement 
can be neglected, as the estimated Beaufort number describing the wind speed was 
always ≤ 5 (fresh breeze). 

The measured geometry of the structures thus particularly includes influences from 
assembly, transport and production. Influences from the loading, the long-term behav-
iour and slip within the connections, which might occur at the first significant loading 
of the roof structures, are not included in the measurement results (or only included 
to a negligible extent). 

2.2.2 Measurement setup and execution 

The measurements were carried out with a Leica ScanStation P20 laser scanner (Figure 
1.1), which records measurement points in a grid of 3.1 mm x 3.1 mm when assuming 
a distance of 10 m (Leica Geosystems AG (2013)). Using several measurement loca-
tions per building, a 3D point cloud of the entire structure was generated from the 
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ground surface (Figure 2.1). The total measurement time per building was between 1.5 
and 5 hours. 

In addition, the air temperature and humidity and, if possible, the wood moisture con-
tent were determined in at least three structural elements per building with a Trotec 
T2000 multifunctional measuring device. Furthermore, information was collected con-
cerning the building structure, material, manufacture, transport, assembly process, 
weathering, surface quality and any damage to the timber members. 

2.3 Measurement results 

2.3.1 Evaluation 

The measurement error of a measurement point at a distance of the laser scanner to 
the object of approx. 15 m is specified in the laser scanner manual as approx. 1 mm in 
the x, y and z directions (position accuracy and range noise) (LEICA GEOSYSTEMS AG 

(2013)). This coincides with observed deviations when evaluating the measurement 
results of individual point coordinates. Therefore, in the evaluation, average values of 
the point coordinates of 200 to 1000 measuring points were always calculated, 
whereby the accuracy of the averaged point coordinates could be increased to less 
than 0.1 mm (at a confidence level of 90 % according to (FISCHER (2003)) in the x, y and 
z directions. Since this is a random error, with expected horizontal bow imperfections 
ey of the beams of approx. L/1000 = 6.9 mm (Table 2.1, min L = 6.9 m), the measuring 
accuracy of the laser scanner is sufficient. 

The point clouds (Figure 2.1) were automatically evaluated using Matlab software. The 
coordinate system used is shown in Figure 2.2. The results of the evaluation are the y 
and z coordinates of the beam axis over the beam length (bow imperfections ey) and 
the torsion of the cross-section around the x-axis (twist imperfections eϑ). Figure 2.3 
shows examples of measured horizontal bow imperfections ey and Figure 2.5 displays 
the twist imperfections eϑ over the beam length (x direction). eϑ describes the twist of 
a cross-section around the x-axis without units (gradient of a straight line to the verti-
cal). 

 

 

Figure 2.1. Point cloud from laser scan measurements 
(building 2020-KW34), the colour represents the intensity of 
the laser signal and has no further meaning. 

Figure 2.2. Generally used coordinate 
system. 

x 

y 

z 
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2.3.2 Results 

Figure 2.3 shows typical curves of the measured horizontal bow imperfections ey of the 
beam axis over the beam length (x direction). The ideal planned beam position with 
the two supports “ x “ is shown as a dash line “ - - ”. Essential observations when as-
sessing the bow imperfection curves are:  

 The shape of the bow imperfection over the beam length usually (122 of 139 beams) 
corresponded approximately to a sinusoidal or parabolic curve (Figure 2.3 (b) and 
(d)). In some cases (11 of 139 beams) a bump shape occurred (Figure 2.3 (a)). How-
ever, in a few cases (6 of 139 beams) a change in the sign of the bow imperfections 
ey was observed at a point of application of a compression purlin (Figure 2.3 (c)). In 
general, the bow imperfection curves could be represented by a sinusoidal half-
wave (Kuhlmann & Töpler (2021 b)). 

 Over the beam length, discontinuity points / outliers of individual y coordinates were 
sometimes observed, which were attributed to local defects (e.g. knotholes) or con-
nected members such as purlins. These were neglected in the evaluation. 

Figure 2.4 shows the maximum values of the measured horizontal bow imperfections 
ey of 139 glulam beams, separated by buildings (see also Table 2.1). Additionally the 
results of measurements on 7 beams of (DIETSCH & HENKE (2010)) are added in the dia-
gram. The x-axis displays the beam span (distance between the supports of the struc-
tural system) and the y-axis exhibits the bow imperfections ey. Each data point repre-
sents the maximum measured horizontal bow imperfection (not necessarily at mid-
span, Figure 2.3) of a beam. In addition, the equivalent bow imperfection for calcula-
tions according to second order theory (EN 1995-1-1 (2004)) with L/400, and the value 

 
(a) Building 2020-KW32 - Beam axis 7 

 
(b) Building 2020-KW33 - Beam axis 4 

 
(c) Building 2020-KW38_2 - Beam axis 25 

 
(d) Building 2020-KW45_1.1 - Beam axis 8.2 

Figure 2.3. Typical curves of the measured horizontal bow imperfections ey, or elevated top view of 
the beams, with x-axis as longitudinal axis. 

-0.02

-0.01

0.00

0.01

0.02

0.0 4.0 8.0 12.0 16.0 20.0 24.0

e y
[m

]

x [m]

Beam axis 7

-0.010

-0.005

0.000

0.005

0.010

0.0 2.0 4.0 6.0 8.0 10.0 12.0 14.0 16.0 18.0

e y
[m

]

x [m]

Beam axis 4

-0.010

-0.005

0.000

0.005

0.010

0 4 8 12 16 20 24 28 32 36 40 44

e y
[m

]

x [m]

Beam axis 25

-0.02

-0.01

0.00

0.01

0.02

0.03

0.04

0.0 4.0 8.0 12.0 16.0 20.0 24.0

e y
[m

]

x [m]

Beam axis 8.2

INTER / 54 - 12 - 3

321



 

L/1000 are displayed. All measured bow imperfections ey were below L/400. A maxi-
mum bow imperfection ey of L/1000 was exceeded by 18 of the 139 glulam beams 
(13 %). For buildings with beams with measured ey > L/1000, assembly difficulties were 
reported due to small tolerances of connectors (2020-KW27), one of two roof bracings 
was not aligned according to generally accepted standards (2020-KW45_1.1), or the 
beams were braced by glulam roof panels and therefore could not be aligned horizon-
tally during assembly (2020-KW38_1.1). When looking at the scatter band, the linear 
relationship between bow imperfection ey and beam span assumed in EN 1995-1-1 
(2004) is generally confirmed. A significant influence of the horizontal beam stiffness 
on the measured bow imperfections ey could not be found. 

The measurement results (DIETSCH & HENKE (2010)) are somewhat less favourable (Fig-
ure 2.4), which could be due to the fact that the 7 measured beams were not only 
loaded by their self-weight and were partly already subjected to long-term influences. 

Figure 2.5 shows typical curves of the measured twist imperfections eϑ around the x-
axis over the beam length (x direction). A positive twist eϑ means that the measured y 
coordinate of the upper edge of the beam is greater than that of the lower edge of the 
beam (see Figure 2.6). The ideal planned beam position with the two supports “ x “ is 
shown as a dash line “ - - ”. Essential observations when assessing the twist imperfec-
tion curves are:  

 Unlike the bow imperfection curves, the shape of the twist imperfections over the 
beam length cannot be assigned to a generally valid curve shape. 

 The maximum twist imperfection often occurred at supports (104 of 139 beams),  

 Figure 2.4. Maximum measured horizontal bow imperfections of 139 glulam beams with scatter band 
(blue) plotted for 87 % of the measured values, measurement results of 7 beams of (DIETSCH & HENKE 

(2010)) added, span shown on the x-axis and bow imperfections on the y-axis, each data point 
representing one beam. 
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especially if the fork bearings were designed as a reinforced concrete pockets. 

 The shape of the twist imperfections along the beam length was in some cases (23 
of 139 beams) approximately sinusoidal or parabolic (Figure 2.5 (a)). But in general, 
the maximum eϑ was either at one support (43 beams, Figure 2.5 (b)), at both sup-
ports with the same sign (44 beams, Figure 2.5 (c)), or at both supports with oppo-
site signs (17 beams, Figure 2.5 (d)). Not all of the beams could clearly be assigned 
to one of these cases. 

Figure 2.6 shows the maximum values of eϑ x H (differences of the measured horizontal 
displacements of the top edge to the bottom edge of the beam) of the 139 glulam 
beams, separated by buildings (see also Table 2.1). Additionally the results of meas-
urements on 6 beams of (DIETSCH & HENKE (2010)) are added in the diagram. The x-axis 
displays the beam span (distance between the supports of the structural system) and 
the y-axis exhibits eϑ x H (twist imperfection x beam height). Each data point represents 
the absolute maximum value (not necessarily at midspan, Figure 2.5) of a beam. The 
measured values show increasing horizontal differential deformations eϑ x H between 
the top and bottom edge of the beam as the span increases. This relationship is also 
shown by the regression line eϑ x H = 0.0005 x L, which results from the evaluation of 
the data. The measurement results (DIETSCH & HENKE (2010)) fit well into the overall pic-
ture of the own measurement results. 

The correlation eϑ = 0.05 x Width / Height found by (LARSEN (1977)) on solid wood test 
specimens cannot be confirmed by the measurement results.  

In Figure 2.6 measured values of beams with fork bearings not made of reinforced con-
crete pockets (e.g. fork bearing by means of lateral timber plates), are marked in blue. 

 
(a) Building 2020-KW23 - Beam axis 2 

 
(b) Building 2020-KW32 - Beam axis 5 

 
(c) Building 2020-KW33 - Beam axis 3 

 
(d) Building 2020-KW45_1.2 - Beam axis 5.3 

Figure 2.5. Typical curves of the measured twist imperfections eϑ around the x-axis, with x-axis as 
longitudinal axis. 
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Such a design seems to favour smaller assembly tolerances with regard to the twist 
imperfections. 

3 Numerical simulations 
3.1 General 

The numerical calculations were executed with a FE-model in Abaqus/CAE 2018. The 
aim being to investigate the stability behaviour of the measured beams and to deter-
mine equivalent imperfections, as well as to examine the torsional moments at the 
supports. For each measured beam, calculations of eigenvalues (model 1), computa-
tions with measured imperfections (model 2) and with equivalent imperfections 
(model 3) have been carried out. 

3.2 Numerical modelling and calculation procedure 

In Figure 3.1 the numerical model of the building 2020-KW23 is displayed. The beam 
was modelled according to the ideal planned geometry. The horizontal stabilising in-
fluence of the roof bracing was taken into account by an equivalent beam, where the 
stiffness was determined based on (KESSEL & SIEDER & KREUZINGER (2020)). The stiffness 
of the purlins was mapped by equivalent springs acting only in y direction. For the glu-
lam beam, 20-node quadratic brick elements with a mesh fineness of 100 elements in 
length, 10 elements in height and 8 elements in width were chosen. An orthotropic 
material model with mean material properties according to EN 14080 (2013), Poisson’s 
ratios according to (NEUHAUS (1981)), bilinear elasto-plastic material behaviour under 
compression along the grain and linear elastic material behaviour under tension along 

 Figure 2.6. Maximum measured twist imperfections around the x-axis of 139 glulam beams, 
measurement results of 6 beams of (DIETSCH & HENKE (2010)) added,  span shown on the x-axis and 
eϑ x H on the y-axis, each data point representing one beam, blue marked are measured values of 
beams with fork bearings not made of reinforced concrete pockets. 
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the grain was used. The grain direction was chosen parallel to the bottom edge of the 
beam, also for curved beams. The load was applied by means of a line load at the upper 
edge of the beam. The calculations on model 2 and 3 were performed as geometrically 
and materially non-linear analysis with imperfections (GMNIA, prEN 1993-1-14 (2021)). 
The verification of the numerical models was achieved according to prEN 1993-1-14 
(2021) (see also (KUHLMANN & TÖPLER (2021 a)). 

In model 1 no imperfections and purely elastic behaviour were considered. Using 
model 1, the eigenvalues and eigenmodes of a beam were determined and the relative 
slenderness ratio λrel,m and resulting lef,m were evaluated (EN 1995-1-1 (2004)).  

In model 2 the measured imperfections were assumed. By means of model 2, the max-
imum load-bearing capacity and associated line load qmax of a beam, at which the ten-
sile stress σx reaches the characteristic bending strength fm,k (EN 14080 (2013)), was 
computed.  

In model 3 the equivalent imperfections were applied. Due to the possible 
eigenmodes, both global equivalent imperfections (wavelength / 2 = beam span), local 
equivalent imperfections (wavelength / 2 = distance between purlins) and a superpo-
sition of both imperfections were included in preliminary investigations (Figure 3.2). 
While model 2 obtained the line load qmax which was then applied in model 3. The 
corresponding bending stresses and the ratio σx / fm,k (= utilization μx), which indicates 

  

Figure 3.1. Numerical model of the double-tapered beams in building 2020-KW23.  

 

 

Figure 3.2. Bow imperfections for the numerical modelling, beam axis 2 in building 2020-KW23.  
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to what extend the approach of the equivalent imperfections is suitable to represent 
the real beam behaviour (with measured imperfections), were determined. 

This procedure was carried out for all 139 beams. Additionally the torsional moments 
at the supports Mx were derived for all of the beams based on model 2 and 3. 

3.3 Results and evaluation 

3.3.1 General 

The horizontal stiffness of the roof bracing on the measured buildings proved to be 
substantial, so that for the bending stress verification the governing eigenmode corre-
sponded to a superposition of global and local imperfections (multiwave over the beam 
length; 0.69 ≤ lef,m / apurlins = effective length / distance between purlins ≤ 1.61).  

In consultation with structural engineers, the assumption of combined global and local 
equivalent imperfections similar to Figure 3.2 seems to be too complex for design cal-
culations. Therefore, for the calculations with equivalent imperfections (model 3), only 
global equivalent bow and twist imperfections (no local ones) were assumed (Figure 
3.2). The differences in the load-bearing behaviour between model 2 and model 3 thus 
also include the influence of local imperfections between the application points of the 
purlins. The amplitudes of the global equivalent imperfections were chosen so that the 
area integral of the equivalent imperfections over the beam length corresponded to 
the area integral of the measured imperfections. 

3.3.2 Equivalent imperfections 

Table 3.1 illustrates the summarised results of the numerical calculations of the 139 
beams. It can be demonstrated that with the chosen approach for the equivalent im-
perfections (model 3), almost identical utilisations μx = σx / fm,k have been determined 
with computations considering measured imperfections (model 2). The mean utilisa-
tion μx,Mz (caused by bending moments around the weak axis Mz) is approximately 15 % 
smaller in model 3 than in model 2, which is due to the neglect of local imperfections. 
However, since the share of utilisation μx,Mz in the total utilisation μx is a maximum of 
26 %, this is not significant. In general, the assumed equivalent imperfections are well 
suited to represent the load-bearing behaviour of the measured beams for bending. 

Table 3.1. Numerically for 139 beams determined mean, min, max and COV values of the relative 
slenderness ratio λrel,m and the maximum utilisation of the bending stress in x-direction μx, utilisation 
separated for the contributions of My and Mz. 

 λrel,m 
Model 2 Model 3 

μx = σx / fm μx,My μx,Mz μx = σx / fm μx,My μx,Mz 

Mean 0.79 1.00 0.94 0.06 0.99 0.94 0.05 

Minimum 0.52 1.00 0.77 0.01 0.90 0.77 0.01 

Maximum 1.01 1.00 0.99 0.23 1.05 0.99 0.26 

COV 0.16 0.00 0.05 0.84 0.02 0.05 0.94 
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Figure 3.3 and Figure 3.4 display the frequency distributions of the absolute values of 
the equivalent bow and twist imperfections ey / L and eϑ x H / L. A folded normal dis-
tribution represents a good approximation of the density functions. The 95 % quantile 
values of the equivalent imperfections are: 

 95 % quantile: ey / L  = 1.19 mm/m ≙ L / 840  (bow imperfections) 

   eϑ x H / L  = 0.76 mm/m ≙ L / 1320   (twist imperfections) 

3.3.3 Torsional moment at the supports 

Figure 3.5 presents the maximum torsional moments Mx at the supports per building 
determined using model 2 (Mx,measured) and model 3 (Mx,equivalent) with measured or 
equivalent imperfections. In addition, the diagram contains calculation results accord-

  
Figure 3.3. Frequency distribution of the compu-
ted equivalent bow imperfections ey in relation to 
the beam span L of 139 glulam beams. 

Figure 3.4. Frequency distribution of the compu-
ted equivalent twist imperfections eϑ x H (beam 
height) in relation to the beam span L of 139 
glulam beams. 

 

Figure 3.5. Numerically, according to DIN EN 1995-1-1/NA (2013) and (KUHLMANN & HOFMANN (2016)) 
determined maximum torsional moments Mx at the supports, per building, normalised to Md / 80. 
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ing to the design approach in DIN EN 1995-1-1/NA (2013) with Mx = Md / 80 and the 
results of the approaches (Mx,Hofmann) proposed by (KUHLMANN & HOFMANN (2016)). The 
data in Figure 3.5 are sorted by the beam shape and the ratio of beam height to width 
H / B and for comparability normalised to Md / 80. 

The major differences between Mx,measured/equivalent and Mx,Hofmann result from the differ-
ent imperfection assumptions. According to EN 1995-1-1 (2004), bow imperfections of 
ey = L/400 + L/500 were assumed in (KUHLMANN & HOFMANN (2016)), whereas the maxi-
mum measured bow imperfection was ey = L/578 (2020-KW45_1.1). This is also re-
flected in the difference at building 2020-KW45_1.1 between Mx,measured and Mx,Hofmann, 
which is approximately a factor of 2. 

Compared to Md / 80, the more accurate approaches of (KUHLMANN & HOFMANN (2016)) 
and the numerical calculations presented here take into account the influence of the 
beam shape and the cross-sectional ratio H / B. 

It is evident that the imperfection assumptions in the current approaches for Mx are 
conservative. A revision of the design rules based on the generated database of meas-
ured imperfections and the more accurate approaches of (KUHLMANN & HOFMANN 

(2016)) is recommended. 

4 Summary and outlook 
The assembly tolerances have a decisive influence on the design of roof structures with 
slender glulam beams, yet there is a lack of sufficient data regarding these structures. 

Chapter 2 reports on the results of imperfection measurements on 13 roof structures 
with 139 glulam beams as part of the research project DIBt - ZP 52-5-13.194 (KUHLMANN 

& TÖPLER (2021 b)). The measured horizontal bow imperfections ey of the beams were 
always smaller than L/400 assumed in EN 1995-1-1 (2004) and in 87 % of the cases 
smaller than L/1000. Likewise significant twist imperfections eϑ around the longitudinal 
axis could be determined for most of the beams. The horizontal displacement from the 
upper edge to the lower edge of a beam was on average eϑ x H = 0.0005 x L. Twist im-
perfections eϑ of beams with fork bearings designed as reinforced concrete pockets 
were generally larger than with fork bearings made of timber. 

It is demonstrated in Chapter 3 by numerical calculations on the 139 measured glulam 
beams that, assuming sinusoidal equivalent imperfections where the area integral cor-
responds to the one of the measured imperfections, very similar load-bearing capaci-
ties can be determined numerically, compared to calculations with measured imper-
fections. This may form the basis of recommended values for the new Eurocode 5. 
Additionally, it should be emphasised that the stiffness of the horizontal bracing of the 
girders, as well as the fork bearings, have a decisive influence on the load-bearing be-
haviour (KUHLMANN & HOFMANN (2016)).  

The evaluation of the measurement results will continue. In addition to the completion 
of the evaluation shown in this paper, other possibly systematic effects such as the 

INTER / 54 - 12 - 3

328



 

assembly procedure, the bracing system, the beam shape, a group effect of several 
parallel girders, the long-term behaviour and material scatter will be investigated. Pos-
sible recommendations will also concern the reduction of tolerances in execution. 
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DISCUSSION 

The papers was presented by J Töpler 

P Dietsch commented that the differences to other studies on the topic could be due 
to the consideration of members in finished buildings (i.e. including dead weight).  He 
said imperfection depends on construction quality, which could vary due to different 
level of experience, and pondered whether and how to take this into account in future 
version EC5.  J Töpler agreed that the assembly process has the highest influence.  It 
would be an important topic for the next generation of EC5 to provide guidance. 

E Ussher asked whether the model was calibrated prior to application.  J Töpler said 
the model was calibrated and verified and the information was presented in WCTE 
2021. 

G Hochreiner stated that imperfections should be defined independent of the 
structural model.  J Töpler replied this is a topic for discussion in term of approaches.  
G Hochreiner received clarification that the stiffness of the brace elements was based 
on values from cited paper.  They discussed the influence of local and global effects 
where global effects might be more dominant. 

S Aicher also commented that imperfection also depended on the stiffness in the 
minor axis.  J Töpler said there did not seem to be a big difference in the horizontal 
axis and this might be the case for the unbraced system. 

H Danielsson received clarification on the numerical modeling of the compression 
behaviour as nonlinearly ideal elastoplastic. 
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1 Introduction 
1.1 Background 

The study presented in this paper stems from a wider project on the reliability of 
timber trusses, for which a full probabilistic description of relevant timber properties 
had to be developed. Therefore, the presented statistical inference aims at an overall 
best fit of available experimental data. Other aspects were also considered, such as 
choosing distribution functions that are defined only in the positive domain. These 
objectives and assumptions might not be appropriate for other applications, which 
focus on, e.g., having a better fitting in the lower tail of the distribution, or deriving 
characteristic values from test data in a simple way. 

1.2 Overview 

The two most important aspects in probabilistic modelling of glued laminated timber 
(GLT) are: i) the significant variability of the mechanical properties, even though some 
homogenisation results from production; and ii) a marked influence of the size of the 
structural member on certain strength and stiffness properties. The current version of 
the Joint Committee on Structural Safety (JCSS) Probabilistic Model Code (PMC): 
Part 3.5 Properties of Timber (2006) provides only prior probabilistic models for the 
mechanical properties of GLT (Table 1, left). This can only serve as a general guideline, 
because part of the given values are indicative (Köhler et al. 2007). 
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New types of probability density functions (PDF) and coefficients of variation (CoV) for a 
probabilistic description of the mechanical properties of GLT made of softwood were 
derived in a study which is presented in this paper (Table 1, right) based on an extensive 
literature review and on the analysis of part of the results of research by Frese (2016), 
Frese & Blaß (2016) and Frese et al. (2017). In case the available data allowed, size effects 
were included in the probabilistic models, i.e. correction factors based on the member 
size in relation to reference dimensions were directly applied to the parameters of the 
PDF. Since the different parameters are typically linked to the mean (or a specific 
quantile) and to the CoV, this approach allowed describing the influence of the member 
size on both, the location and the scale of the distributions. The proposed correction 
factors are provided in a format based on Weibull's weakest link theory (Weibull 1939, 
Gustafsson 2014 and Zok 2017), i.e. power functions in which the base is normalised to 
a reference size. When the data did not allow for a direct application of the correction 
factors to the parameters of the PDF, the proposed PDF can be multiplied by global 
correction factors to account for size effects (i.e. only the location of the distribution 
function is modified). Nevertheless, the use of global correction factors is a valid 
approach, since it was applied only to brittle failure modes (for perfectly brittle failure 
modes, the variability is a material constant). 

 

Table 1: Probabilistic models for mechanical properties of GLT. 

Property 
JCSS PMC (2006) Proposed  

Distribution CoV Distribution CoV 

Bending strength  Lognormal 0.15 Lognormal, small beams; 

2-p Weibull, medium-large beams 

0.15 

MOE ∥ Lognormal 0.13 Lognormal 0.05 

Tensile strength ∥ Lognormal - Lognormal, small beams; 

2-p Weibull, medium-large beams  

0.11 

Compressive strength ∥ Lognormal - Lognormal 0.04 

Shear strength Lognormal - 2-p Weibull 0.14 

Shear modulus Lognormal - Lognormal 0.05 

Tensile strength ⊥ 2-p Weibull - 2-p Weibull 0.30 

Compressive strength ⊥ Normal - Lognormal 0.10 

MOE ⊥ Lognormal - Lognormal 0.11 

Density  Normal 0.10 Normal / Lognormal 0.05 
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2 Probabilistic models for GLT properties 
2.1 General 

In this Section, the background literature on the properties in Table 1 are analysed and 
PDF, namely Lognormal, Gamma, Beta, two-parameter (2-p) Weibull and 
three-parameter (3-p) Weibull, are fitted to the available datasets by means of 
maximum likelihood estimations (e.g. Scholz 2006). The Beta and 3-p Weibull PDF were 
used by Frese & Blaß (2016) and Frese et al. (2017). Both PDF were shown to describe 
the individual datasets well, but in the context of reliability analyses both PDF have to 
be treated carefully, since one or both tails of the distribution functions can show a 
behaviour, that is not physically plausible. The limitations in adequately describing the 
left tail (lower bound corresponds to negative infinity) is also the reason why the Normal 
distribution was excluded in this study a priori in most cases. The Gamma distribution 
mostly shows a behaviour similar to the Lognormal. For these reasons and also due to 
the observations made during the process of statistical inference (visual comparison of 
different PDF and QQ-plots and by means of the Bayesian information criterion (BIC)), it 
was recognised that most properties can be well described with either a Lognormal or a 
2-p Weibull distribution – mostly depending on the skewness of the individual datasets. 

Although some of the values provided in EN 14080:2013 might have been chosen with 
specific intentions (e.g. historical reasons, exclusion of certain failure modes), they are 
shown and – if necessary – discussed in this section. It seems relevant to the authors of 
this study to be aware of the extent of the deviations from results of pure data analysis 
and provisions in standards. Only in cases where not sufficient information could be 
found, values specified in EN 14080:2013 were used.  

2.2 Bending strength 

For the bending strength fm,, Fink (2014) reported a certain influence of the 
strength-grading procedures on the coefficient of variation (CoV). However, the study 
by Brandner and Schickhofer (2008) and the evaluation of data made available by Frese 
(2016) shows that the CoV is almost independent of the strength grading procedure of 
single laminations and hence, as proposed in the JCSS PMC (2006), assuming a constant 
value of CoV of 15% seems to be appropriate for the reference size. 

Regarding size effects, own investigations on Frese & Blaß's (2016) data sets on GLT 
beams with a length-to-height ratio of 18:1 and heights between 300 and 3’000 mm 
show that beams with heights smaller than the reference height of 0.60 m are best 
described by a Lognormal distribution, whereas beams with medium and large heights 
are best described with a 2-p Weibull distribution. Nevertheless, the errors of adopting 
2-p Weibull distributions for all beam sizes is in an acceptable range, where vice versa 
using the Lognormal PDF for medium and large beams would lead to an overestimation 
in the lower tail domain. 

Since the characteristic values of bending strength represent the indicative values of 
the different strength classes, these values are used as a starting point for the 
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probabilistic models. This assumption together with a uniform CoV of 15% for the 
reference size of all strength classes and a 2-p Weibull distribution leads to the 
statistics and Weibull parameters a and b in Table 2. The parameter a corresponds to 
the 63.2% quantile and b has a one-to-one, but inverse relation to the CoV (Gustafsson 
2014).  

Table 2: Statistical parameters for the bending strength for a reference height h = 0.60 m 

   GL 20h GL 22h GL 24h GL 26h GL 28h GL 30h GL 32h 

fm,mean [N/mm2] 27.4 30.1 32.9 35.6 38.4 41.1 43.9 

fm,k [N/mm2] 20 22 24 26 28 30 32 

CoV [%] 15 15 15 15 15 15 15 

Parameter a 
[N/mm2] 

29.1 32 34.9 37.9 40.8 43.7 46.6 

Parameter b [-] 7.91 7.91 7.91 7.91 7.91 7.91 7.91 

 

The correction factors km,y,h,a and km,y,h,b of the two Weibull parameters (Formulae 1 
and 2, adjusted to the reference height of 0.60 m) clearly show that both the scale and 
the shape of the Weibull distribution change considerably with the beam height (the 
Weibull parameters a and b are to be multiplied by the correction factors): 

𝑘m,y,h,a = (
0.60

ℎ
)
0.18

  (1) 

𝑘m,y,h,b = (
0.60

ℎ
)
−0.36

  (2) 

where h is the beam height in m.  

Modification factors related to other aspects of the behaviour of timber members, e.g. 
influence of moisture or load-duration effects, were not considered in this study, 
neither the best way to implement them in the probabilistic description. 

2.3 Modulus of elasticity (MOE) parallel to the grain 

The JCSS PMC (2006) proposes a Lognormal distribution with a CoV of 13% for the 
bending MOE Em, which is the same value that is specified for structural timber, even 
though a lower value could be expected due to homogenisation. Fink (2014) also 
discussed this issue and reports CoV between 4% and 7.5% based on experimental 
investigations from literature. Fink's own numerical simulations resulted in CoV of 3% 
to 4% and the Lognormal PDF describing his data well. Using the mean and 
characteristic values from EN 14080:2013, with the relationship E0,k = 5/6·E0,mean, and 
a Lognormal distribution, leads to a CoV of about 11% for all strength classes.  

The data provided by Frese (2016) allows for an evaluation and a comparison between 
the MOE in tension Et,0, compression Ec,0, and bending Em. For all cases, the Lognormal 
PDF is appropriate. The mean values are highest in tension and lowest in compression, 
and the CoV are smallest for compression and highest for bending. In design in 
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practice, one single value for the MOE parallel to the grain is used usually. Since the 
bending MOE has a mean value between the others and the highest CoV, taking the 
bending MOE is a good starting point. The statistical parameters for the bending MOE 
of GLT are presented in Table 3. The given mean values and the CoVs are based on 
empirical statistics. The first Lognormal PDF parameter λ is related to the mean value 
and the second parameter ζ to the CoV. 

Table 3: Statistical parameters for the bending MOE of GLT for the reference height h = 0.60 m, based 
on the data made available by Frese (2016) 

  GL 24h GL 28h GL 32h 

Em,mean [kN/mm2] 12.8 14.0 16.5 

Em,k [kN/mm2] 11.8*; 11.8** 12.8*; 12.9** 15.8*; 15.7** 

CoV [%] 5.15 4.87 2.82 

λ [-] 2.55 2.63 2.80 

ζ [-] 0.0513 0.0487 0.0281 
* empirical value, i.e. the 50th value of a sorted list of 1’000 values. 

** 5% quantile of the fitted Lognormal PDF. 

 

The evaluation of the data provided by Frese & Blaß (2016) showed that Lognormal 
PDF are an appropriate model for all beam sizes. The height effect can be directly 
considered in the distribution parameters. The parameter λ is only slightly dependent 
on the member size. Hence, no correction factor is proposed. For the parameter ζ, the 
correction factor according to Formula 3 is proposed to account for size effects 
(adjusted to the reference height of 0.60 m) for all strength classes (the parameter ζ is 
to be multiplied by the correction factor): 

𝑘E,h,ζ = (
0.60

ℎ
)
0.78

  (3) 

 

To account for size effects, Brandner et al. (2007) and Brandner et al. (2008) proposed 
two models in which the characteristic value is a function of the mean value and of the 
number of laminations n (up to 15 laminations, which corresponds to a beam height 
of 0.60 m for a laminations thickness of 40 mm).  

𝐸k = 𝐸mean ∙ min [
1

60
(𝑛 − 1) + 0.67; 0.9]. (4) 

𝐸k = 𝐸mean ∙ min [1 − 1.645
0.20

√𝑛
; 0.9]. (5) 

 

Figure 1 shows a comparison of the resulting parameter ζ (in this range describing the 
CoV well) between the linear (Formula 4) and the non-linear model (Formula 5) by 
Brandner et al. (2007 & 2008) and the proposed non-linear model (Formula 3). 
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Although the proposed model was fitted to beams with heights between 0.30 to 3.0 m, 
it seems to be applicable also for beams with smaller heights.  

 

 
Figure 1: Comparison of height dependent models for the parameter ζ of the MOE ∥ 

 

2.4 Tensile strength parallel to the grain 

For the tensile strength parallel to the grain ft,0 the JCSS PMC (2006) proposes a 
Lognormal distribution, but no CoV. EN 14080:2013 only provides the characteristic 
values of tensile strength ft,0,k, which are assumed to be 80% of the characteristic values 
of bending strength fm,k. By means of numerical simulations (reference beam heights 
of 0.60 m and lengths of 5.40 m) Frese (2016) determined characteristic values of 
tensile strength of about 88% of the characteristic values of bending strength, 
independently of the strength grade of GLT. 

Heavy left tails and negative skewness of the datasets made available by Frese (2016) 
let conclude that the 2-p Weibull is an appropriate PDF. Even though the CoV shows a 
slight decrease in higher GLT grades, it still seems reasonable to use a constant CoV of 
11% for all GLT grades for the reference size (length l = 5.40 m and height h = 0.60 m).  

The statistical parameters of the tensile strength for the reference configuration 
presented in Table 4 are based on three assumptions: (i) the characteristic value of 
tensile strength is 88% of the characteristic value of bending strength; (ii) there is a 
constant CoV of 11% for the reference size in all strength classes; and (iii) it is assumed 
that the 2-p Weibull distribution is valid for all beam sizes, when used with the 
corresponding size effect models described by Formulae 6 - 9.  
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Table 4: Statistical parameters for the tensile strength for a reference length l = 5.40 m and a 
reference height h = 0.60 m  

  GL 20h GL 22h GL 24h GL 26h GL 28h GL 30h GL 32h 

ft,mean [N/mm2] 22.0 24.2 26.4 28.6 30.8 33.0 35.2 

ft,k [N/mm2] 17.6 19.4 21.1 22.9 24.6 26.4 28.2 

CoV [%] 11 11 11 11 11 11 11 

Parameter a 
[N/mm2] 

23.1 25.4 27.7 30.0 32.3 34.6 36.9 

Parameter b [-] 11.0 11.0 11.0 11.0 11.0 11.0 11.0 

 

Regarding size effects, Frese et al. (2017) conducted a parametric numerical study for 
GLT members (produced according to two grading procedures for GLT grades GL 23h 
and GL 33h) with lengths between 0.150 and 108 m and heights between 120 mm and 
600 mm. Own investigations on the influence of the member length l and height  on the 
tensile strength were conducted using this data, but neglecting members with lengths 
smaller than 1.35 m, and considering heights of 120, 360 and 600 mm only. It could be 
concluded that beams of short length and small height can be described with a 
Lognormal distribution, whereas the strength of medium-sized and large beams are 
clearly following a 2-p Weibull PDF. To describe the size effect, a nested model was 
applied, i.e. height-correction factors (Formulae 7 and 9) are used within the length-
correction factors (Formulae 6 and 8) which then are multiplied by the parameters a and 
b of the PDF: 

𝑘t,0,l,a = (
5.4

𝑙
)

1

𝑘t,0,h,a∗11.2  (6) 

𝑘t,0,h,a = (
0.60

ℎ
)

−1

6.56
  

(7) 

and 

𝑘t,0,l,b = (
5.4

ℎ
)

−1

𝑘t,0,h,b∗12.9  
(8) 

𝑘t,0,h,b = (
0.60

ℎ
)

−1

2.24
  

(9) 

 

Lam (2000) developed a Weibull-weakest-link model for the tensile strength of truss 
chord members of Canadian solid timber products. The principle of this adjustment 
factor to account for the effect of member length on the tensile strength could be 
applied also to GLT, but the exponent of the Weibull-weakest-link model is yet to be 
determined. 
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2.5 Compressive strength parallel to the grain 

The JCSS PMC (2006) proposes a Lognormal PDF but no CoV for the compressive 
strength parallel to the grain fc,0. EN 14080:2013 provides only the characteristic 
values, which are assumed equal the characteristic values of bending strengths. Frese 
(2016) found about 1.5 times higher values (Table 5) by means of stochastic 
simulations of stocky specimens (heights and lengths of 0.60 m). 

The own analysis of the data made available by Frese (2016) showed that a Lognormal 
PDF is appropriate for the description of the compressive strength parallel to the grain. 
The mean values and CoV in Table 5 have been determined empirically. 

Table 5: Statistical parameters for the compressive strength parallel to the grain of GLT, based on the 
data made available by Frese (2016) 

   GL 24h GL 28h GL 32h 

fc,0,mean [kN/mm2] 40.4 43.7 50.2 

fc,0,k [kN/mm2] 37.5*; 37.7** 40.9*; 41.1** 48.0*; 48.0** 

CoV [%] 4.16 3.72 2.76 

λ [-] 3.70 3.78 3.92 

ζ [-] 0.0416 0.0373 0.0277 
* empirical value, i.e. the 50th value of a sorted list of 1’000 values. 

** 5% quantile of the fitted Lognormal PDF. 

 

Since the load-carrying capacity of longer compression members is anyway governed 
by buckling (and hence, by the MOE rather than the strength), size effects are not 
considered for the compressive strength parallel to the grain. Further, for buckling-
restrained members loaded in compression along the grain, the failure mode is ductile, 
why no size effect is expected. 

2.6 Shear strength 

The JCSS PMC (2006) proposes a Lognormal PDF but no CoV for the shear strength fv. 
EN 14080:2013 provides only one characteristic value of shear strength of 3.5 MPa, 
which is independent of the GLT grade, to ensure that shear is not the governing failure 

mode for most design situations. Schickhofer (2001) tested 80 -shaped GLT beams 
produced from visual and machine-graded lamellas. Even though a slightly negative 
correlation between the strength classes and the shear strength was observed, a 
characteristic shear strength value of 3.5 MPa for all strength classes was proposed for 
design purposes. 

The statistical analysis of the data by Schickhofer (2001) revealed that the 2-p Weibull 
distribution is appropriate to describe shear strength data. The empirical 5% quantile 
value is 3.24 MPa and, based on the analysis of the right-censored data set (20% of the 
tested beams failed in failure modes other than shear) with a 2-p Weibull distribution 
with a 95% significance level for the confidence intervals, the 5% quantile is 3.38 MPa 
and the CoV is 10.4%. Klöck (2005) conducted 30 shear tests on combined GLT beams, 
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where the outer lamellas consisted of a higher strength class to avoid bending failures, 
obtaining shear failures in 60% of the cases. Based on the data published by Klöck, the 
empirically determined 5% quantile value is 3.64 MPa and, based on the analysis 
accounting for the right censored data set with a 95% significance level and a 2-p 
Weibull distribution, the 5% quantile revealed 4.03 MPa with a CoV of 11.1%. 

For the tests by Schickhofer (2001), in the study presented in this paper, the stressed 
volume has been determined as twice the free length between the loading and support 

plates times the cross-section area of the web of the -shaped GLT beams (Figure 2, 
left) and for the test configuration applied by Klöck (2005) twice the free length 
between the loading and support plates times the width times 60% of the height was 
used (Figure 2, right). The assumption of basing the calculation of the stressed volume 
on a value of 60% of the beam height was taken from Ehrhart (2019). Foschi & Barrett 
(1980) determined a global volume effect model for the longitudinal shear strength of 
uncracked beams and recommended a species-independent value of 1/6 for the 
exponent (Formula 10). The study by Foschi & Barrett was performed on solid timber. 
Due to a lack of further investigations, the model according to Formula 10 herein is 
proposed to be applied to GLT as well.  

 

 

Figure 2: Schematic representation of the determination of the stressed volumes of the -shaped GLT 
beams from Schickhofer (2001) on the left and of the combined GLT beams from Klöck (2005) with 

an assumed stressed height of 60% of the beam height on the right 

 

Steiger & Gehri (2011) compared the shear stress distribution in a test configuration 
similar to the one applied by Schickhofer (2001) and Klöck (2005), but using glued-in 
steel rods for the load application to avoid the lateral dispersion of compressive 
stresses into the shear zone (Figure 3). They report a significant reduction of the 
volume under pure shear if glued-in rods are not used. However, due to the lack of 
information on the level of compressive stresses on the shear fields in the tests by 
Schickhofer (2001) and Klöck (2005), the stressed volume shown in Figure 2 was 
assumed, even though it very likely is smaller and should be updated in future revisions 
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of the proposed modification factor, according to the results presented in Steiger & 
Gehri (2011). 

 

  

Figure 3: When transferring the loads into the specimen by means of glued-in steel rods, 
up to the elastic limit fields with uniform shear stress distribution of sufficient size occur 

(left), whereas they do not when directly transferring the loads to the timber beam (right). 
Steiger & Gehri (2011) 

 

The datasets published by Schickhofer (2001) and Klöck (2005) were combined and a 
right-censored 2-p Weibull PDF was fitted to the merged data set. Since from the study 
by Schickhofer (2001) more data could be extracted, the calculation was performed 
with the sizes of those beams as reference and hence, the values taken from Klöck 
(2005) were divided by the volume correction factor according to Formula 10. The 
obtained PDF parameters for the stressed volume of 0.082 m3 are a = 4.63 and 
b = 8.31. This corresponds to a 5% quantile value of 3.24 MPa and a CoV of 14.3%. 

𝑘v = (
0.082

V
)

1

6
  

(10) 

 

2.7 Shear modulus 

In the JCSS PMC (2006) the shear modulus G is proposed to be modelled by a 
Lognormal distribution. EN 14080:2013 specifies a mean value of 650 MPa and a 
characteristic value of Gk = 5/6·Gmean = 540 MPa, independent of the GLT grade. 
Assuming a Lognormal PDF, this corresponds to a CoV of 10.9%. Brandner et al. 
(2007 & 2008) showed that the method applied during testing has a strong influence 
on the obtained mean values and on the scattering of data. They proposed a mean 
value of 650 MPa and the same correction formulae to account for the size effect as 
proposed for the MOE (Formula 4 and 5) for all grades of homogeneous and combined 
GLT. 

Assuming a Lognormal PDF, a mean value of 650 MPa, and a distribution parameter 
ζ = 0.0513 (based on the value for the bending MOE of GL 24h (Table 3)), a 
characteristic value Gk = 590 MPa and a distribution parameter λ = 6.47 are obtained. 
The height correction factor kG,h,ζ = kE,h,ζ for the second parameter ζ is assumed to be 
identical to the one determined for the bending MOE (Formula 3).  
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2.8 Tensile strength perpendicular to the grain 

The tensile strength perpendicular to the grain ft,90 is the only property for which JCSS 
PMC (2006) proposes to apply a 2-p Weibull PDF for the probabilistic description, due 
to the brittle failure modes associated with tension perp. A CoV is not specified. 
EN 14080:2013 specifies a characteristic value of ft,90 = 0.5 MPa independent of the 
GLT grade. Many different investigations and meta-studies were conducted to describe 
the tensile strength perpendicular to the grain with a coherent size effect: Mistler 
(1998), Aicher & Dill-Langer (1997), Ranta-Maunus (1998), Aicher et al. (1998), Blaß & 
Schmid (1999), Aicher et al. (2002) and Mistler (2016). In these publications, valuable 
discussions on the nature of the size effect can be found. Nevertheless, in the opinion 
of the authors of this study no accurate probabilistic model was derived. The reasons 
might stem from the analysed specimens: the variations in the geometric properties 
(height, length and width) are too unsystematic, why the influence of the single 
properties cannot be evaluated properly; and the scattering differs drastically between 
the different test series per geometric layout. The latter comes from different 
intentions of the single test series: for some the used timber originates from only one 
growing area and others were gathered from different sawmills from different regions.   

Based on the selection of GLT specimens for testing, the number of tests performed 
and the selection of the different volumes of the specimens, the 2-p Weibull 
distribution parameters determined by Blaß & Schmid (1999) for a volume of 0.01 m3 
with a = 0.848 and b = 3.688 is proposed to be applied for probabilistic modelling of 
the tensile strength perpendicular to the grain ft,90. The analysis revealed statistical 
parameters of ft,90,mean = 0.77 MPa, ft,90,k = 0.38 MPa and a CoV of 30%.  

To account for the size effect, the pure volume-based, global correction factors with 
consideration of the duration of load effects according to Aicher & Dill-Langer (1997), 
Ranta-Maunus (1998) and Aicher et al. (1998) are proposed for probabilistic modelling 
(the PDF is to be multiplied by the respective correction factor): 

𝑘t,90,0 = (
0.01

V
)
0.3

  
(11) 

𝑘t,90,∞ = (
0.01

V
)
0.2

  
(12) 

 

2.9 Compressive strength perpendicular to the grain 

In the JCSS PMC (2006) a Normal distribution is proposed for the compressive strength 
perpendicular to grain fc,90, given its close relationship to density. EN 14080:2013 
specifies a characteristic value of 2.5 MPa independent of the GLT grade, most likely 
to ensure that perpendicular-to-the-grain stresses in actual structures remain at very 
low levels, therefore avoiding serious issues such as high creep deformations. 
Damkilde et al. (1998) conducted 120 tests with GLT cut-offs with a height of 200 mm 
and different widths. The lengths were adjusted to get a constant area of 25’000 mm2. 
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The specimens were collected over several production days from one Danish and three 
Swedish GLT producers. The grade of the GLT represents normal Nordic GLT quality 
(presumably GL 24). Damkilde et al. used a strain-based failure criterion and reported 
the following empirically determined statistical parameters: fc,90,mean = 2.87 MPa, 
fc,90,k = 2.44 MPa, and CoV = 9%. No PDF was fitted to the data. 

As mentioned above, a Normal PDF can cause problems in reliability analyses due to 
possible negative realisations. Hence, a Lognormal PDF is used instead. Own 
calculations revealed the following distribution parameters based on the 
abovementioned mean and characteristic values: λ = 1.05 and ζ = 0.0595. For the 
Lognormal distribution, a CoV of 9.61% is obtained. 

There are no studies on size effects available. For many practical design situations the 
perpendicular-to-the-grain compressive stresses tend to spread in the longitudinal 
direction and the stressed volume is therefore limited and not related to the height of 
the member. 

2.10 MOE perpendicular to the grain 

In the JCSS PMC (2006) the Lognormal distribution but no CoV is proposed for the 
tensile MOE perpendicular to the grain Et,90. EN 14080:2013 specifies a mean value of 
E90,mean = 300 MPa and a characteristic value E90,k = 5/6·E90,mean = 250 MPa, 
independent of the strength class. This is to ensure that perpendicular-to-the-grain 
stresses in actual structures remain at very low levels, therefore avoiding serious issues 
such as excessive deformations perp to grain, which due to creep would even be 
enlarged on a long-term perspective. The tests to assess the compression perp 
properties performed by Damkilde et al. (1998) revealed a mean value of 
Ec,90,mean = 320 MPa. Aicher & Dill-Langer (1997) found higher values in their tensile 
perp. to grain tests on specimens of grades GL 32h and GL 36h, i.e. for the reference 
volume of 0.01 m3: Et.90,mean = 446 MPa; Et.90,k = 398 MPa; and CoV = 6.8%. For the 
volume of 0.03 m3: Et.90,mean = 419 MPa; Et.90,k = 375 MPa; and CoV = 6.5%.  

Starting from the mean and characteristic values specified in EN 14080:2013 and a 
Lognormal distribution, the following parameters were obtained by own calculations: 
CoV = 10.8%, λ = 5.70 and ζ = 0.107. 

2.11 Density 

For the density ρ the JCSS PMC (2006) proposes a Normal distribution together with a 
CoV of 10%. This is the same value as specified for structural timber, but due to 
homogenisation during production, the CoV for GLT is expected to be lower though. A 
Normal distribution seems to be an intuitive choice for the natural occurrence and 
simple piling of laminations, but, as explained above, it can be problematic for 
reliability analyses. Therefore, a Lognormal distribution is proposed. 

Assuming a Normal distribution and the mean and characteristic values of the GLT 
classes GL 20h to GL 32h in EN 14080:2013, gives CoVs between 5% and 6% without a 
clear trend. Damkilde et al. (1998) report a CoV of 4.8% for normal Nordic GLT quality 
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(presumably GL 24), which supports the CoV values calculated from the properties 
specified in EN 14080:2013. The resulting statistical parameters including the 
Lognormal parameters can be found in Table 6. 

Table 6: Statistical parameters for the density of GLT according to EN 14080:2013 

   GL 20h GL 22h GL 24h GL 26h GL 28h GL 30h GL 32h 

ρmean [kg/m3] 370 410 420 445 460 480 490 

ρk [kg/m3] 340 370 385 405 425 430 440 

CoV [%] 4.9 5.9 5.1 5.5 4.6 6.3 6.2 

λ [-] 5.91 6.01 6.04 6.10 6.13 6.17 6.19 

ζ [-] 0.0506 0.0613 0.0521 0.0563 0.0474 0.0656 0.0642 

 

3 Open issues 
When, e.g. in the course of assessment or calculations of structural reliability, 
introducing the probabilistic description of properties of GLT members into 
probabilistic modelling, the correlations between these properties should be taken 
into account. This is why the coefficients of correlation should be specified in the JCSS 
PMC at least qualitatively (e.g. low, medium, high). 

It is well known that the characteristic values of properties for GLT members subjected 
to edgewise loading underlie considerable system effects (Brandner & Schickhofer 
2006). Therefore, a study to get the full probabilistic description of properties for GLT 
subjected to edgewise-loading should be conducted.  

Some of the statistics of the GLT properties discussed in this paper are based on only 
few available studies or on the specifications in EN 14080:2013. Complementary 
studies should be conducted to satisfy the requirements accounting for the variability 
of properties due to growth characteristics, the validity of numerically derived values 
and to review code provisions in design codes (factors to account for size effects) and 
product standards (characteristic values) and respective data should be made available 
to the research community.  

 

4 Conclusions 
The specifications for the probabilistic description of mechanical properties of GLT 
members in the JCSS PMC (2006) are quite limited and should be attempted to be 
amended. The present paper, covering the most relevant mechanical properties and 
strength classes of GLT including size effects, contains respective proposals and may 
initiate the discussion on the development of the GLT related clauses in the JCSS PMC. 
The proposed models can be used for reliability analysis of structures consisting of GLT 
members or for code calibration. 
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DISCUSSION 

The papers was presented by S Schilling 

C Tapia commented that he is not convinced with size effect consideration of 
parameters within the Weibull distribution.  Only the scale parameter could be 
modified and the shape parameter related to COV should not be modified.  C Tapia 
also noted that the power law is also related to the Weibull distribution.  S Schilling 
responded that for perfectly brittle material COV would be a material constant.  As 
wood is not a perfectly brittle material changing COV would be okay. 

C Tapia stated that modelling compressive strength with normal distribution might be 
more appropriate compared to lognormal distribution.  Also truncation can be used to 
avoid possible encountering of negative strengths.  S Schilling agreed. 

R Brandner commented that lognormal distribution for compressive strength 
perpendicular to grain might be better.  Also power law in general can be used and it 
is not necessarily tied to Weibull theory.   

R Brandner asked about the possible physic of material properties with changes in 
length.  S Schilling said accumulation of weak zone might be the issue.  R Brandner 
said lognormal distributions fit better than Weibull distribution in many cases and 
assuming Weibull distribution might affect results of reliability analysis.  He also 
commented that parameter distribution model by size is messy. 

F Lam agreed with most of the comments of C Tapia and R Brandner.  He commented 
he is uncomfortable with having distribution parameters on distribution parameters 
especially for shape parameter when working with size dependent properties.  
Canadian test data on glulam beams showed that variability of bending strength did 
not seem to be size dependent.  He said estimation of reliability index (beta) is 
influenced by the choice of probability distribution but fitting to the lower tails of the 
strength properties distributions is most important.  Also Beta is a relative not 
absolute value and we just need to be consistent with the approach. 
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1 Introduction 
Abrupt changes in the geometry of load-bearing members (e.g., notches, holes), also 
referred as geometric discontinuities, induce high stress concentrations and high stress 
gradients in localised area of members. In a good engineering practice one should aim 
towards avoiding such discontinues in a first place. Nonetheless due to numerous 
constraints during planning and construction process this is not always possible. In 
buildings with Cross Laminated Timber (CLT) such examples occur e.g. in connections 
of slab-slab and wall-slab systems (Figure 1). 

 
Figure 1      Various types of notches in CLT plates; a) Connection of two CLT plates. b) Connection of 

a  CLT plate with a steel L-profile. c) Connection of CLT plates with a steel I-profile. 
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When loaded up to a certain level, a crack will be induced at the notch tip due to the 
combined local stress concentrations in tension perpendicular to grain and shear, 
latter, depending upon layer orientation result in longitudinal or rolling shear stresses. 
The crack propagates fast and in an unstable manner leading to the delamination of 
the member and to its failure, if the residual strength of the member above the crack 
isn’t sufficient. The failure of the notch is therefore regarded as brittle.   

The aim of this work is to provide a new analytical approach for unreinforced CLT 
notches based on Beam on Elastic Foundation (BEF). The analytical approaches are 
verified with an extensive base of test results. Moreover, the aim is to verify the 
analytical model referred as Structural Element Model developed by Serrano (2019, 
2020) with additional test results. At the end, conclusions and suggestions for the 
design and calculation of CLT notches as well as their reinforcements are given. 

2 State of the art 
The models in this chapter and in section 4.2 are developed in a scope of linear elastic 
fracture mechanics (LEFM) and energy balance method. In this method the failure load 
at the crack tip is obtained according to the breakthrough work in fracture mechanics, 
i.e. work of Griffith (1921). The condition for crack growth of an initial crack at the 
notch according to LEFM is fulfilled, when the difference between the potential energy 
Ue and the strain energy Ui is equal to the energy dissipated by the crack during an 
infinitesimal increase in crack area. In scope of LEFM this energy is denoted as G and  
defined as  

1 e idU dU
G

B da da
   
 

. (1) 

Failure occurs when the energy release rate is equal to the energy crack resistance, 
also known as fracture energy Gf, which is a material property obtained from 
experiments. In scope of LEFM it is assumed that Gf = Gc. Further, in this paper it is 
implied that the crack grows only due to the crack opening in Mode I, leading to 
Gf = GcI. With further development of Eq. (1) considering the substitution of C = δ/P 
the failure load according to LEFM is obtained as 

 2 c
f

BG
V

dC
dA

 , (2) 

where C denotes the compliance of the structure, B the width of the member and Vf 
the failure load at the support, while the vertical displacement at the loading point is 
represented by . 

Through the history the design equations for timber notches have improved from 
empirical to analytical approaches derived from fracture mechanics. Development 
culminated with the analytical solution from Gustafsson (1988), later implemented in 
Eurocode 5 (EC5) for notches in solid timber, laminated veneer lumber (LVL) and 

INTER / 54 - 12 - 5

352



 

glulam. The approach is based on the energy balance of the end notched beam at the 
crack tip derived from (LEFM) and the Timoshenko beam theory. The design expression 
in Eq. (3) represents the solution given in EC5 (Eurocode 5, 2004); for a detailed 
derivation of Eq. (3) refer to Serrano (2019).  

,

.1 5
d

f
v v d

V
τ k f

Bαh
  , (3) 

where kv is the strength reduction factor given by 

 

..

min

.




      
        

n
v

i
k

k h

h α α β α
α

1 5

2 2

1

1 1
1

1
0 8

 ,    n

4.5 for LVL
k = 5.0 for solid timber

6.5 for glulam







 (4) 

i is the slope of the taper and kn being the material parameter depending upon fracture 
energy defined as  

 ..

0

0 61 5

c

n
v

G G

k
f

 . (5) 

The geometric parameters of the notch  and are explained in Figure 2b. 

2.1 Current design of notched CLT plates  
Current design equations for notches in CLT are given in ETA-06/0138 (2017) and 
Wallner-Novak et al. (2013) based on Eq. (3), but modified with fv, r, d instead of fv, d. 
Approaches for CLT differ one from other in different definition of the effective height 
hef as shown in Figure 2a, subsequently leading to different material factors kn as 
follows: 

 
 





n

4.5 for Wallner -Novak WN
k =

4.7 for ETA - 06 / 0138 ETA
 

 
Figure 2  a) Different definitions of the effective notch height hef.  b) Notch in a CLT plate 

The major drawback of the mentioned approaches is the assumption that Gustafsson´s 
model can be modified by calibrating the material parameter kn for CLT, following the 
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example for kn in EC5. However, such assumption in EC5 is only valid as calibrations are 
made for beams which in general provide homogenous response in addition to 
constant ratios of material properties (E0/G0,90) and constant fracture properties of the 
material along the height of the member hef. For CLT the mentioned ratios derived as 
constant in Eq. (4) change with notch height hef depending on the position of 
longitudinal and transversal layers, the layup and number of layers in the member. 
These parameters of notched CLT elements result in a fundamentally different load-
bearing capacity and fracture behaviour. As reported in Serrano (2019) the approach 
for the fitting parameter kn can only be applied on a limited number of layups. 
Consequently, a new and theoretically consistent approach is needed. 
2.1.1 Structural element model 

The Structural Element Model was developed by Serrano (2019) for this design 
situation and is represented by two Timoshenko beam elements connected with an 
elastic spring and a dummy rigid rod (see Figure 3). Calculating the energy release rate 
according to Eq. (2) and assuming that elastic spring kφ approaches infinity, the failure 
load is obtained as 

       
( )

c
f

BG
V

βh Δa
κGA κGA EI EI


   

         
   

2

1 3 1 3

2

1 1 1 1
 , (6) 

where (kGA)1, (kGA)3 are the shear stiffnesses and (EI)1, (EI)3 are the bending 
stiffnesses. Beam 1 represents the part of the member above the crack, while beam 3 
is the full uncracked cross section of the CLT member in front of the crack. 

The compliance C for this system takes into account the bending and shear part of the 
deformation calculated according to Timoshenko’s theory.   

 
Figure 3  Structural Element Model developed by Serrano (2019, 2020) 

The elastic spring kφ simulates the additional rotation of the cross section at the crack 
tip due to the abrupt change in the cross section resulting in additional deformation 
and compliance. The elastic constant kφ can be derived from numerical investigations 
as was done in Gustafsson (1988) for homogenous beams; for more details see Serrano 
(2019). An alternative approach would be to increase the crack length in order to 
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correctly represent the higher compliance. Modifying the crack length is appropriate 
for engineering practice as the closed form solution is simplified. 

In the Structural Element Model the additional rotation is considered with an increased 
fictitious crack length. Initial crack length h is increased by the value Δa = (1-)h. The 
parameter Δa is determined as best fit to the test results from Friberg (2017), Serrano 
(2020) and numerical investigations based on LEFM. It is noted again that the fitting 
factor in Serrano (2019) is developed and verified only on a limited number of layups 
and notch parameters. Therefore further experimental investigations are presented in 
chapter 3 and compared with predictions of the model in section 5.1 with an objective 
to check the robustness of the current fitting parameter. In addition, an analytical 
model is presented taking into account the rotation at the crack tip in section 4.2.1 in 
order to verify the value of Δa. 

3 Experimental program 
3.1 General 
The layered structure of CLT causes additional difficulties on keeping analytical 
approaches simple for engineering use and reliable in domain of significant 
parameters. In order to keep the design simple, it is inevitable to fit the necessary 
parameters by means of experimental results. 

The currently available experimental results regarding notches in CLT are scarce. As 
known to the authors only Friberg (2017) and Serrano (2020) published results of tests 
on 5-layered CLT beams with different geometry parameters (, ) (from which they 
derived the fitting parameter Δa in Eq. (6)). To overcome this lack of data and in order 
to get a more extensive view on the behaviour of CLT with notches an extensive test 
program, described in the next section, varying a broad range of key parameters was 
conducted. 

3.2 Test program, methods and results 
In total 182 CLT specimens without glued edge bonding, split up into 23 series with 
unreinforced notches and 7 series with reinforced notches were tested. To quantify 
the reduction of the load bearing capacity of notches in comparison to CLT plates 
without notches reference tests (in total 6 series referred in Table 1 with REF) were 
carried out. All the 33 specimens of these series failed in rolling shear. The reduction 
of the mean load bearing capacity referenced to the mean rolling shear capacity of the 
reference series (without notches) will be denoted in Table 2 and Table 3 as 
Vf, mean / Vf, ref . An overview about the different series, their layup and their heights is 
given in Table 1. 
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Table 1. Overview of test series  

Series Layupa) h [mm] B [mm] 
3S REF, 3A 40-40-40 120 

600 
5S 

REF, 5A, 5B, 5C, 5D, 5E, 5F,  
5A-R1, 5A-R2, 5A-R3, 5C-R1, 5C-R2 30-30-30-30-30 150 

REF, 5G 30-30-30-30-30 150 
REF, 5H, 5I, 5J, 5K, 5L 40-20-40-20-40 160 

7S 
REF, 7A, 7B, 7A-R 30-30-30-30-30-30-30 210 
REF, 7C, 7D, 7B-R 30-30-30-30-30-30-30 210 

a) underline refers to cross layer 

All tests were done using a 4-point bending configuration (Figure 4) under controlled 
displacement. The specimens were notched on both ends in order to reduce material 
usage. The crack propagation was limited to the point of the first load introduction 
from the notch (3h), using self-tapping screws with the aim to preserve an intact cross 
section in the areas relevant for testing the notch on the opposite side of the specimen. 
The same test configuration depicted in Figure 4 was used for all series. 

 
Figure 4   Test configuration for unreinforced and reinforced notches  

In order to deduct a suitable test configuration, in a first step the influence of the 
specimen width B on the statistical parameters was investigated on 150 mm and 600 
mm wide CLT members. From the statistical analysis it was found that the coefficient 
of variation was 18 % for the former and 7 % for the latter. Thus it was concluded that 
the width of 600 mm was optimal for the main testing program. 

All tests were monitored by means of a digital image correlation system (DIC) with its 
help the correct crack lengths can be determined at the failure. In addition it was used 
to determine the strain distributions in vicinity of the notch. In particular the influence 
of grain patterns and stiffness in the radial and tangential direction of the cross layer 
could be tracked. This was important for the correct depiction of failure and crack 
propagation there. However, it should be mentioned that the influence of the free 
surface potentially can cause faulty representation of the real stress states and crack 
lengths thus limiting the reliability of measurements with the DIC. 
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3.3 Test results 
3.3.1 Test results on unreinforced notches 

In Table 2 the results of the test series with unreinforced notches are listed. 
Table 2.  Detailed results of tests on unreinforced notches 

Series Company 
Num. 

of tests β α 
Vf, mean 
[kN] 

CoV 
[%] 

 Vf, 005 
[kN] 

MIN/MAX 
[kN] 

Vf, mean /  Vf, ref 

[%]   
REF 

1 
6 - - 67.0 6.39 58.7 63.0/75.3 100 

3A 10 0.40 0.75 67.0 13.4 50.2 53.0/82.6 100 
REF 

2 

6 - - 106 4.45 96.4 101/111 100 
5A 10 0.40 0.50 48.1 13.2 36.3 37.5/60.5 45.6 
5B 10 0.20 0.60 73.9 7.77 63.1 61.5/83.5 70.0 
5C 10 0.40 0.60 70.7 8.51 59.5 64.0/82.5 67.1 

5D* 9 0.40 0.60 71.4 5.53 64.0 66.0/79.5 67.7 
5E 6 0.40 0.80 76.7 8.14 64.6 67.5/84.5 72.7 
5F 7 0.40 0.90 114 3.96 114 84.5/121 108 

REF 
2 

5 - - 74.5 4.54 68.0 69.5/79.0 100 
5G 10 0.40 0.5 25.1 7.96 21.4 21.7/28.8 25.1 
REF 

3 

4 - - 133 1.73 128 130/135 100 
5H 10 0.80 0.63 58.2 16.6 40.1 46.0/75.0 43.7 
5I 8 0.40 0.63 58.8 10.6 46.9 51.3/70.0 44.2 
5J 10 0.40 0.81 105 9.63 85.8 88.0/126 78.7 
5K 

4 
6 0.40 0.63 83.5 7.00 72.5 72.7/90.9 62.8 

5L 6 0.40 0.53 53.0 10.0 42.0 92.2/120 39.8 
REF 

5 
6 - - 113 8.47 94.2 95.5/125 100 

7A 6 0.40 0.62 75.1 4.74 68.2 72.0/82.5 66.5 
7B 6 0.40 0.71 95.8 5.07 86.4 87.0/103 84.8 
REF 

6 
6 - - 144 2.98 136 137/150 100 

7C 6 0.40 0.57 72.9 7.59 62.0 63.0/79.5 64.5 
7D 6 0.40 0.76 109 4.33 99.7 101/117 96.3 

*Notch is tapered with i = 1.0, for definition of parameter i see Figure 2b) 

3.3.1.1 Results 

In series 5I, 5K the geometrically equivalent configurations showed high difference in 
the failure loads. The failure load in series 5K was 1.4 times higher than in 5I, possible 
cause is lower fracture energy of series 5I. This conclusion is derived from comparison 
of the test results with analytical and numerical results in section 5.1. 

The influence of the notch length as well as the notch taper was investigated in series 
5B, 5C, 5D*. As can be seen a notch tapered at 45° (i = 1.0) had only minor influence 
on the increase of load-bearing capacity. Analysing the test results with the 
formulation provided in EC5 for the influence of the notch taper on increase of load 
bearing capacity (1+1.1i1.5/ h ) an increase of 9 % can be computed. It can be 
concluded from the tests, that tapering the notches with slopes i < 1.0 is not sufficient 
for an increasement of the load-bearing capacity. Further tests on more tapered 
specimens (i > 1.0) should be conducted and can be recommended in other to create 
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a basis for the calibration of the load bearing capacity compared to notches without 
taper. The current formulation from EC5 Eq. (4) seems to be a solid basis for this further 
development. 

A similar diminishing return on the increase of the failure load could be recognised 
varying the notch parameter . For series 5B ( = 0.2) the failure load is increased by 
only 4 % compared to 5C ( = 0.4). For comparison the analytical approaches lead to 
around 5 % increase. A similar behaviour was recognised in series 5H and 5I, however 
it should be noted that the results in series 5I are influenced by the lower fracture 
energy. 

3.3.1.2 Fracture behaviour of unreinforced notches 

A consistent fracture behaviour of the specimens was observed through the 
experimental program. Two specific failure modes were observed as already reported 
in Serrano (2019, 2020): 

 Fracture along the grain, if the notch was placed in a longitudinal layer or at 
the bottom of a longitudinal layer at the interface. The crack propagation can 
deviate due to the local grain angle deviations, however the propagation to 
neighbouring transversal layer due to local grain deviations was not observed. 
Such behaviour occurred in cases when the notch was placed in the 
longitudinal layer but close to an interface (e. g. for series 7C, 7D). In some 
tests, due to the grain deviations, the crack kinked into the transversal layer. 
However, such behaviour took place after the crack propagated for several 
centimetres and during the unstable crack propagation, thus not influencing 
the load bearing capacity. 

 Fracture in the transversal layer, if the notch is placed in a transversal layer or 
at the bottom of a transversal layer at the interface. In general the crack 
propagation can be assumed at an angle of 45° to the horizontal. Nevertheless, 
in the transversal layer the crack propagation was heavily influenced by the 
grain pattern, and the location of the notch within the transversal layer. This 
behaviour can be explained by the heterogenous ratios of the layers E90R/E90T 
and G90R/G90T. Several failure patterns were recognised from the tests 
regarding the crack propagation depending on the grain pattern at the notch 
tip in the transversal layer (Figure 5, middle). Different crack patterns were 
observed for series 5E, while for series 5G almost all failures occurred at an 
angle of 45° and some in a zig-zag manner as shown in Figure 5, middle.  

 At some specimens a debonding of the glued interface was observed, pointing 
out that the fracture energy of the glued interface plays an important role in 
the area of the interface. 
 

INTER / 54 - 12 - 5

358



 

In series with notch in transversal layer (series 5G, 5E) no significant increase of the 
load bearing capacity was observed. This implies once more the restricted influence of 
transversal layers on the load bearing capacity.  

For the series 5F and 3A rolling shear before notch failures occurred. Implying that in 
CLT if only part of the first layer, e.g. 80 % is notched with < 0.5, the rolling shear 
failure is the dominant mode of failure. This hypothesis should be nevertheless further 
evaluated.  

 
Figure 5  Left: Failure mode in longitudinal layer and failure due to the rolling shear failure in series            

5F at bottom left; Middle: Different failure modes in transversal layer for series 5E;            
Right: Different failure modes in tapered notch series 5D* 

3.3.2 Tests on reinforced notches 

3.3.2.1 General 

The reinforcement consisted for all reinforced series of self-tapping screws with a 
diameter d = 8 mm and was placed at a distance of 2.5d from the notch tip in order to 
increase on hand the effectiveness of the reinforcement as reported in Augustin 
(2016), and on the other to avoid a splitting of the member at the end face. The 
number of screws, all applied in a row, was varied depending on the expected load 
carrying capacity and ranged from 2 to 4 equally spaced screws. 

In Table 3 for series 5A-R2, 5A-R3, 5C-R1, 5C-R2 the number of screws or side from 
which screws were applied was varied. In order to reduce the influence of material 
parameters these variations were made on each specimen, e.g. one side of the 
specimen was tested with two screws and other side with four. 
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3.3.2.2 Test results 

In Table 3 the results of the test series with reinforced notches are listed. 
Table 3.  Detailed results of tests on reinforced notches 

Series 5A-R1 5A-R2  5A-R3a) 5C-R1 5C-R2a) 7A-R 7C-R 

Screw 
nscrew 3 4 2 4 2 4 3 3 
F, axial [kN] 25.5 23.2 23.2 12.2 24.4 8.5 17.1 24.4 27.5 
d [mm] 8.0 

Screw angle φ 45 90 90 90 90 
β 0.40 0.40 0.40 0.40 
α 0.50 0.60 0.62 0.57 

Vf, r, mean [kN] 84.0 78.0 79.8 80.2 92.6 80.3 88.5 105 100 
Vcrack  [kN] 60.0 45.0 60.0 60.0 70.0 

Num. of tests 6 5 5 4 5 4 5 6 6 
CoV [%] 5.64 1.83 5.77 5.48 4.92 5.94 5.37 5.05 7.10 

 Vf,05 [kN] 37.4 75.2 70.7 71.4 83.6 70.8 79.4 94.7 86.6 
MIN                                                                                                         
MAX     [kN] 78.0                     

91.5 
76.0       
80.0 

73.5          
87.5 

77.5 
87.8 

87.5   
100 

74.6  
85.0 

79.9  
94.2 

99.0                 
115 

92.0                       
112 

Vf, r, mean/Vf, ref 
b)       [%]   79.2 73.6 75.3 75.7 87.4 75.8 83.5 92.9 69.4 

Vf, r, mean /  Vf, mean
 c)

                       

[%]   175 162 166 113 131 114 125 140 133 

 a)  Screws applied from the top side of the plate  

 b)  Reference failure load is referred to rolling shear failure of “REF” series 

    c)  mean failure load of the unreinforced notch of the same notch parameters 

 

3.3.2.3 Fracture behaviour of the reinforced notches 

During the tests on the reinforced specimen a significant increase of the failure load 
could be observed in comparison to the reference tests with unreinforced notches. 
The load at crack initiation was however similar to the unreinforced notches, implying 
that the reinforcement contributes to load bearing capacity and crack growth stability 
only after the initial crack growth. A Similar behaviour is reported in Jockwer (2014) 
and Augustin (2016). The explanation for this behaviour can be found in the singular 
behaviour of stresses around the notch tip and the small deformation in the vicinity of 
reinforcement prior to the crack initiation. This assumption was confirmed by the DIC 
measurements. 

It has to be noted that, although the load bearing capacity significantly increased with 
the reinforcement, the full load bearing capacity of the unnotched reference 
specimen, failing in rolling shear, could not be achieved. 

The failure mode of the reinforced notched CLT elements was identified as screw 
withdrawal failure, accompanied by a subsequently instable crack growth. This implies 
that for the tested notch and screw parameters the withdrawal strength of the screws 
is the critical property. 
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The reinforced CLT notches showed a steady crack growth after crack initiation leading 
to a stable behaviour of the specimens. The crack length at failure, determined by the 
DIC software, was around 90 mm. Compared with the steady crack growth length in 
the unreinforced notches of around 20 mm, this is significant higher. 

An interesting conclusion can be drawn when comparing the failure loads of the 
unreinforced and the reinforced notches. In general an empirically load bearing 
capacity of the notch can be determined as 

 . . f reinforced f unreinforced screws axV V to n F1 0 1 3 , 

where Fax is the (minimum) withdrawal strength of the screw above and below the 
crack line. The determined empirical regression can be used as a first rough estimate 
for the load carrying capacity of reinforced notched CLT members. A more detailed 
analysis and derivation of a detailed analytical model was not done within the scope of 
this paper and will be made in the future. 

4 Analytical and Numerical models 
The following calculations of analytical and numerical models were performed with the 
material properties given in Table 4. It is noted that these properties, especially the 
fracture energies, are not calibrated because no fracture energy tests on small 
specimen were carried out. No distinctions between radial and tangential directions 
were made regarding stiffness and fracture properties. 
Table 4. Used material properties for the analytical and numerical models 

Parameter Value Description 
E0 ; E90 11000 ; 390 MOE longitudinal; transversal [MPa] 

G0, 90 ; G90, 90 690 ; 69.0 Shear modulus, longitudinal; transversal [MPa] 

ft, 90  2.00 Strength in tension, perp to grain [MPa] 

fv, 0, fv, r 4.00 ; 2.00  Shear strength, along the grain ; rolling shear [MPa] 

Gc, I ; Gc, II 0.30 ; 1.20  Critical energy release rate, Mode I ; Mode 2 [mJ/mm2] 

ν, LR ; ν, RT  0.56 ; 0.03 Possion ratios [-] 

 

4.1 Numerical investigations 
The unreinforced notch configurations from Table 2 were analysed with the FEM 
analysis software package “Ansys Mechanical 2020R2”. Two different numerical 
approaches were performed using the built in software code for fracture mechanics:  

   2D Plane Stress model based on linear elastic Virtual Crack Closing Technique 
(VCCT) 

   2D Plane Stress nonlinear contact debonding tool using Cohesive Zone 
modelling (CZM).  

INTER / 54 - 12 - 5

361



 

The used numerical model is presented in Figure 6. A mesh convergence study was 
performed around the notch in order to optimize the mesh size for the computation. 
The mesh refinement around the notch was made with elements of 0.2 mm in size. In 
parts of the CLT element not influenced by the stress concentrations at the notch the 
mesh size is determined depending on height of the intact beam. Only half of the 
specimen was considered in the analysis using symmetry boundary conditions in order 
to reduce computation time. The supports were modelled as a non sliding contact 
between the steel plate support and CLT element. The steel plate is restrained with 
roller support (ux = Free, uy = 0, zFree). The different contacts between the steel 
plate and timber were utilised to investigate the influence of support restrictions on 
the result, however no influence on results was found. The considered numerical 
fracture models require a predefined crack tip and crack path. For notches in the 
longitudinal layer a crack path parallel to the grain was implied, while for a notch in the 
transversal layer the crack was assumed to propagate at 45° through the transversal 
layer until the next interface is reached. Afterwards it propagates along the interface 
(see Figure 5, middle). The assumption of 45° angle is reasonable as no distinctions 
were made between radial and tangential directions in the material properties. 

 
Figure 6  Numerical model used in both numerical analysis with coresponding boundary          

conditions 

Both models were investigated using mixed mode conditions with the objective to 
determine the influence of mode II on fracture. The failure load is computed using 
failure criteria for mixed mode delamination. Due to limitations of the used software 
to consider contact debonding a linear elastic failure criterion was used (Eq. (7)). 

, ,

1I II

c I c II

G G

G G

   
       

   
 (7) 

Although for VCCT several mixed mode fracture criteria are available (e.g. exponential 
criteria) the linear criteria was applied in both approaches in order to compare two 
numerical analysis. 

The considered models showed, overall, different results: The VCCT model 
overestimates the failure load of the test specimen by a factor of 1.2 to 1.3. An 
explanation for this behaviour can be found in the fact, that the fracture process zone 
is not fully considered in VCCT, in particular in cases when the crack length is equal to 
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the notch length. Furthermore, VCCT in general overestimates the results as infinite 
strength of material is assumed (ft, 90 = ∞). The overestimation of the load carrying 
capacity is even more pronounced for larger  and smaller , where for series 5F the 
failure is 1.8 times higher. Since the specimen of series 5F and 3A failed in rolling shear, 
i.e. a different failure mode, such extreme values are of no concern. A better 
correspondence with the test results can be achieved by increasing the crack length 
for the length of the process zone. A similar approach was used in Serrano (2019, 2020) 
from which it can be seen that without a modification of the crack length the failure 
loads for some notch configurations are overestimated. 

The modelling using the contact debonding analysis showed, in general, a good 
correspondence with the test results, illustrating the influence of process zone in 
timber. 

The results from the numerical analysis will be presented in section 5.1. 

4.2 Analytical models 
The comparison of results from Eq. (6) with previous test campaigns given in Serrano 
(2019, 2020) give promising implications regarding the applicability of Eq. (6) as a 
design equation. However, if the fitting parameter Δa is not considered, the failure 
loads in general are overestimated, and for a certain domain of  and material 
properties even unphysical results showing higher failure loads or complex solutions, 
are possible (Figure 10 right). Due to these reasons the fitting parameter can’t be 
omitted from the analysis and it needs to be investigated in detail over all relevant 
parameter domain in order to implement it in the next generation of codes. 
Experimental and numerical testing on numerous layups and different notch 
parameters becomes exponentially difficult due to the heterogeneity of CLT, therefore 
in this paper an analytical solution is presented for the evaluation of the fitting 
parameter Δa. This approach describes the additional rotation of the cross section at 
the crack tip, in literature deduced as beam root rotation.  

4.2.1 Elastic interface-semirigid model 

The analytical solution is based on the work of Qiao and Wang (2004) and it represents 
a solution according to the energy balance method of LEFM on two shear deformable 
bi-layer beams coupled at the interface considering appropriate kinematic conditions, 
(see Figure 7). Depending on these conditions at the interface three different levels of 
solutions, each rising in complexity, can be obtained. 

The main kinematic conditions at the interface of the two beams can be expressed as 

1 2φ φ  and  1 2
1 1 2 22 2

h h
u φ u φ   , (8) 

where i denotes the rotation of beam 1 above the crack and beam 2 under the crack, 
ui stands for the longitudinal displacements along the interface and hi is equal to the 
height of the beams. 
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The mentioned three levels of solution are defined as: 

Rigid model: This is the simplest model considering both kinematic conditions of Eq. (8) 
at the crack tip. This is completely equivalent to the solution of the Structural Element 
Model in case when k approaches infinity and Δa = 0. 
Semi-rigid model: This model releases the boundary condition 1 = 2 causing the 
independent rotation of the coupled beams, but considers the displacement continuity 
condition. 
Flexible model: In this approach both kinematic boundary conditions are modified. The 
solution is improved by taking into account the deformability of the interface by 
introducing continuously distributed normal and shear springs at the interface 
boundary. As a consequence, the normal and shear stresses at the interface are 
proportional to the interface stiffnesses. 

 
Figure 7   Depiction of crack tip element of joint models in a bi-layer beam system 

In the following the crack root rotation in CLT is investigated with the help of the semi-
rigid model. This can be interpreted as a good trade-off between complexity and 
accuracy of the model. Only the main solutions regarding this model will be given in 
order to keep the paper in a reasonable scale. For a detailed derivation of the 
mentioned models refer to Qiao and Wang (2004). 

By differentiating Eq. (8), taking into account the constitutive equations of the 
Timoshenko beam theory and considering the equilibrium conditions ΣM = 0, ΣV = 0, 
ΣN = 0 at the crack tip element (CTE) in Figure 7., the governing equation of the semi-
rigid joint model is obtained as 

       
 
 

( )
( ) ( )

h hξh d N x
η η ξ N x q x

κGA κGA EI EI EIdx

                           

2
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q x M
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The solution of Eq. (9) considering a semi-infinite long beam is 

,( )  kx
RIGIDN x ce N1 1  , where     (10) 
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M, N form a group of self-equilibrating forces at the CTE describing the deformation of 
the crack tip obtained by imposing equilibrium conditions on CTE in Figure 7, middle. 

At the crack tip the crack root rotation can be computed as 

   
,

,( ) ( )
L L

RIGID
RIGID

MM
Δφ φ φ dx dx

EI EI
     11

1 1 1
1 10 0

0 0 . (11) 

According to the principle of superposition in LEFM the energy release rate of the semi-
rigid joint can be obtained from the summation of the compliances of the rigid model, 
already presented in Eq. (6), and the additional contribution of the crack root rotation 
(Figure 8). The release rate due to the crack rotation is thus defined as 

,
, ( )

2 2

2 4
f fc crack rotation

c crack rotation

dCV V
G Δφa Δw

da
    (12) 

The closed form of the failure load at the support including the contribution of the rigid 
model and the crack root rotation, leads, after simplification of Eq. (11) and Eq. (12) to 

   
  

     

c
f

N

BG
V

h a ψψ ρ ηa η h
η

EI κGA h ξ η EI k κGA ξEI k


                                  

1 1
2

13 3 1 11

2

2 11 1 1 2 1
4 4 4 2 2

 (13) 

where  
 
EI

ψ
EI

 1

3

 and  
 
κGA

ρ
κGA

 1

3

 ,  

Remark: The closed form solution can be used in future for a parametric analysis and a verification of 
fitting parameter developed in Serrano (2019). 

Figure 8   Ilustration of the crack root tip rotation and the subsequent change in compliances 
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4.2.2 Beam on elastic foundation 

An alternative approach to the Structural Element Model can be deduced based on a 
Timoshenko beam on elastic foundation (BEF) taking into account an adaption for the 
case of an unreinforced notched CLT plate (Figure 9). 

 
Figure 9   Timoshenko beam on elastic foundation 

The model consists of two beams: Beam 1 in the BEF is denoted as part of the CLT 
beam above the crack. The springs with the spring constant K simulate the elastic 
delamination of the interface at the crack tip and along the delamination plane. The 
fracture layer is assumed to be coupled with a stiff foundation. For Beam 2 under the 
crack, a crude assumption is made, where the deformation and interaction of beam 2 
with beam 1 at the interface is ignored due to the assumption of indefinite stiff 
foundation intrinsic to BEF. 

The interface stress at the notch tip according to the BEF can be calculated as 

( ) ( )yyσ x Kw x . (14) 

The general solution of Timoshenko beam on elastic foundation as well as the 
differential equation are left out in order to reduce the scope of this paper. A detailed 
derivation can be found in the work of Jorissen (1998). 

Solving the differential equation of BEF and introducing the boundary conditions from 
Figure 9. (M1 = Vf  h, P1 = Vf) leads to a solution for the deformation at the end point 
of BEF, i.e. the crack, expressed as 

 
mod

( )   f
y

V
w x γ λ h

K B
22

, (15) 

where 
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λ
EI

 4

14
. 

Analogue to the deformation an equation for the rotation at the crack tip can be 
obtained as 

   ( )

 
      

 

f fV V βh λ
φ φ

γ κGA EIEIλ

2

0 2
1 1

1
2

. (16) 

INTER / 54 - 12 - 5

366



 

The total deformation at the loading point from Timoshenko BEF is then 

( ) ( )total yδ ω βhφ 0 0 . (17) 

In this case the deformation at the loading point is assumed to be influenced only by 
the elastic foundation, i.e. the contribution of the cantilever part of length h is 
ignored. This assumption is supported by the poor matching with test result when the 
compliance of the Timoshenko cantilever beam is considered. This beam section 
heavily influences the failure load making it over conservative. However, it is noted 
that the results matched well for < 0.3. 

With an increasing notch height the theory underpredicts the failure loads, even with 
modification of the foundation spring stiffness Kmod. Good matching with test results is 
obtained by assuming a rigid bar instead of the Timoshenko cantilever beam and 
analysing the contribution from BEF and the rigid bar. In order to take into account the 
deformation of the ignored cantilever and the influence of beam 2, the modification 
of foundation spring stiffness may be introduced as 

 mod 
 m

K
K

α1
, where 

.

.


  

for β
m

for β

1 0 3
3 0 4

. (18) 

K is the foundation modulus [N/mm3] and it is derived from the analysis presented in 
Augustin (2016) leading to K ≈ 2 [N/mm3]. The exponent m is developed to take into 
consideration the length of the notch due to the assumption of rigid bar cantilever.  

Combining Eq. (15 to 17), deriving the expression with respect to the crack length h 
and solving the equation with help of Eq. (2) the failure load can be obtained as 

     


 

   
 

c
f

BG
V

βh λ
γ κGA EI EI λ

2

2
1 1 1

2

1 12

. (19) 

5 Model comparisons with experimental results 
5.1 Comparison of analytical and numerical results of unreinforced notches 
The following comparison of analytical and numerical results with test results on 
unreinforced CLT notches is conducted on the basis of mean values.  

The distribution of the failure load at the support for different analytical models is 
illustrated in Figure 10, left. The distribution is shown for the 30-30-30-30-30 layup. 

The comparison of the experimental test with the mentioned analytical and numerical 
methods is depicted in Figure 11. 
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Figure 10 Left: Distribtuon of failure loads at the support depending on the parameter α for various 

developed analytical models; Right: Comparison of the Structural Element Model with and 
without fitting  parameter    

 
Figure 11     Comparison of results from the developed models with the conducted experimental tests. 

Ratio Vf_Model/ Vf_Test is shown, if ratio > 1 the failure load is overpredicted by the model 
results,  i.e. on the unsafe side  
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Before coming to the comparison of results, it should be emphasised that no 
calibration of material properties was made. As a general statement it could be 
determined from the comparison that the developed models match good with the 
experimental tests. The results are for most of the series positioned on the 
conservative side, excluding series 5I and 5H. It is evident that all the mentioned series 
were delivered from the same producer. Thus it can be suspected, that these series 
consisted of a different material with weaker properties, i.e. smaller fracture energy. 
All the specimen of series 5F, 3A, failed in rolling shear, consequently making a direct 
comparison of the failure loads at the notch unclear. All other series failed by 
delamination at the notch making the comparison valid. 

The Structural Element Model without fitting (rigid model) presented unsafe results 
for 7-layer members, while this model considering the fitting parameter provided 
better results proving applicability of developed a also for this domain of tested 
parameters in addition to the tests in Serrano (2020).   

In comparison the semi rigid model and Structural Element Model with fitting factor 
provided in general the same behaviour in the domain of considered layups and notch 
parameters. 

The BEF model provided more conservative results of failure loads mainly due to the 
crude assumption of a rigid bar. It seems that the considered modification of the 
foundation stiffness isn’t enough to overcome the used assumption, in particular that 
of the stiff foundation. Better results can be obtained, if one considers Vlaslov beam 
on elastic foundation due to the included rotational springs (Yoshida 2018). It is further 
noted that, the solution of BEF seems to be applicable only if  < 0.6 due to the made 
assumptions. For solutions out of this domain results on the conservative side are 
obtained when comparing to other mentioned models. 

The numerical model according to VCCT overestimate the fracture loads in almost all 
series by a significant factor. Considering the additional length of process zone yields 
to better result. The additional crack length of 15 mm is chosen for series 5A and failure 
load was only overestimated for factor 1,05 in comparison to 1,3 when no modification 
is considered. The crack length is evaluated based on nonlinear fracture mechanics. It 
should be noted that on results of VCCT the assumption of linear mixed mode fracture 
criteria plays a role. 

The CZM model showed good matching with test results in domain of notches not 
influenced by rolling shear failure. 

The assumption of Gc = Gc, I showed a good approximation as the mixed mode failures 
computed in numerical analyses didn´t show significant influence of mode II on failure 
loads. The mode mixity in CLT notches can also be calculated in an analytical way with 
the help of semi-rigid model. 
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6 Conclusion and recommendations for design and 
further work 

The following conclusion can be drawn from the present work: 

 The Structural Element Model in general gives good matching with test results over 
different layups, proving the robustness of the fitting parameter Δa. 

 A fitting parameter can be verified through the parametric analysis utilizing model 
developed in this work. 

 The VCCT approach overestimates the load bearing capacity. An additional crack 
length should be considered for this model.  

 The current models given in ETA-06/1038 and Wallner-Novak are not appropriate 
due to wrong theoretical assumptions. A fitting of the factor kn would work only on 
a limited number of layups. 

 The current provisions in ETA-06/1038 regarding limit values of geometrical notch 
parameters seem inadequate for layered structure of CLT. In that direction the 
following recommendations for limiting values could be: 
 for 3 layered plates: up to 2/3 of first (bottom) layer may be notched; ≤ 0.6;                                                           

in case of a deeper notch reinforcement shall be used. 
 for 5 layered plates:  ≥ 0.5;  ≤ 0.6; if the first (bottom) layer is transversal 

layer reinforcement shall be used. 
 for 7 layered plates:  ≥ 0.5;  ≤ 0.6 or maximum notch depth of 4 full layers, 

otherwise apply a reinforcement.  
 

 
Figure 12  Proposal for limit values of geometric parameters of different lay-ups of CLT elements 

 Preliminary test results on tapered notches show a similar behaviour to already 
developed models for homogenous tapered notches. Nonetheless this can’t be 
concluded only on the basis of one configuration; thus further tests are needed. 

Further research should gravitate towards the following topics in CLT notches: 

• Calibration of fracture properties in order to further verify the models 
• Parametric analysis fitting factor Δa with help of a semi-rigid model 
• Further development of analytical and numerical approaches for the 

determination of the load-bearing capacity of reinforced notches and force in the 
reinforcement, applying the mentioned models. 
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• Investigation of the Duration-of-Load (DOL) behaviour as well as the influence of 
variation of the moisture content on the load-bearing capacity of notches in natural 
and varying climates. 
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DISCUSSION 

The papers was presented by M Malagic 

P Dietsch received clarification that in the paper it is possible to have a linear 
interpolation of the proposed Kmod as a function of m so that Kmod is not discontinuous.  
The use of the term Kmod should be reconsidered to avoid misinterpretation. P Dietsch 
commented that tension strength perpendicular to grain and rolling shear strength 
seemed too high.  A Malagic responded that analysis assumed volume dependency of 
these strength properties hence higher values. 

H Blass asked about the use of notch beam support Kn= 4,5.  He said this value is for 
LVL beams loaded edgewise and asked for justification for their use for CLT as a plate.  
A Malagic said this is the state of the art in design consideration.  H Blass disagreed 
and commented that this factor cannot be used for CLT. 

E Serrano and A Malagic discussed the similarity of the semi rigid approach to a 
previous paper with different choice of coupling.  E Serrano received clarification that 
comparison of different capacity in units of kn was based on width of the member 
used in the experimental program of 600 mm.  E Serrano commented that assumed 
semi infinite length as being a possible severe assumption.  A Malagic responded that 
the transition zone was small and therefore not a limiting factor. 
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1 Introduction

Everywhere around the world, high timber buildings are rising. The construction of

these new buildings is possible thanks to the mainstreaming of some engineering prod-

ucts such as cross-laminated timber panels (CLT) and glued laminated timber (GLT).

Those panels gained in popularity for several reasons. First, they are a more sustainable

solution than concrete designs. Second, the prefabrication process makes them easy to

assemble on site. CLT panels also have a high dimensional stability under variation of

moisture content compared to other timber products. Because of all those advantages,

high buildings up to 80-meters, such as the Mjøsa tower in Norway, are being erected.

CLT panels are used both as walls and floors in those constructions.

Rolling and longitudinal shear deformations are involved in the mechanical response of

those panels. Shear failure can occure for CLT panels loaded out-of-plane but also when

they are under in-plane shear stresses (Brandner et al., 2016). The value of the longitu-

dinal shear modulus G0l,mean for short-term lies between 440 and 880 MPa depending
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on the strength class of the wood (Eurocode-5, 2004). In the rolling-shear direction,

the short-term modulus G0r,mean for short-term lies between 50 and 200MPa (Ehrhart

and Brandner, 2018; Franzoni, Lebée, Lyon, et al., 2016; Zhou et al., 2014; Perret et al.,

2018). Large differences between the studies are due to the difficulty to obtain a pure

shear stress and to represent the behaviour of cross layers. Additionally, the sawing

pattern and aspect ratio of the board are of importance for CLT (Krabbe, 1960; Aicher

and Dill-Langer, 2000; Ehrhart and Brandner, 2018; Perret et al., 2019).

Wood is a material subject to creep and this phenomenon must be investigate to cor-

rectly design timber builings as it amplifies the short-term deflections. The first study

of creep in CLT is recent (Park et al., 2006) and there are very few attempts to charac-

terize the behaviour of rolling shear creep (Pirvu and Karacabeyli, 2014; Colling, 2014).

In these works, bending tests of CLT panels are achieved and an overall creep factor is

derived. It appears clearly that creep is larger with CLT than with GLT. A possible ex-

planation may be a faster creep behaviour coming from rolling shear strains in cross

layers.

This paper presents an experimental protocol to measure directly shear stiffness and

creep in CLT panels. Themethodology originally presented by Perret et al. (2018) is used

to measure separately those characteristics in the rolling and the longitudinal direction.

The paper is organized as follows. In Section 2, the sandwich-beam theory is recalled

and the experimental set-up is introduced. In the following section, the short-term char-

acterization of the rolling-shear stiffness modulus and the estimation of the Eurocode

coefficient kdef (Eurocode-5, 2004) by means of a power law are presented. This exper-

iment is referred as Experiment 1 and was conducted during eight months (13/03/2020

- 28/10/2020). Finally, the results of Experiment 2 (11/12/2020- 11/06/2021) are pre-

sented in Section 5 and the longitudinal shear stiffness modulus for short and long time

are determined.

2 Sandwich beam theory

The rolling shear modulus Gr,mean and the longitudinal shear Gl,mean are characterized

bymeans of a four-point bending test on sandwich beams constituted of a wooden core

glued between two steel skins (Figure 1). The beam is simply supported on a span d =

602mm and two loads P/2 are applied at a distance d0/2 from the mid-span, with d0 =

200mm. The beam is under pure bending between these loads leading to a constant

curvature. It is assumed that steel does not creep in time. The full methodology is

detailed in Perret et al. (2018).

The sandwich beammodel (Lebée and Sab, 2012) requires a contrast between the stiff-

ness and the thickness of the core and skins, respectively (Ea,ea) and (Eb,eb) so that :

eb � ea and Eaea � Ebeb. Because of this contrast, the bending stiffness D and the

shear force stiffness F are (Allen, 1969):
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Figure 1. Four-point bending configuration on a sandwich beam, for the rolling shear configuration
(experiment 1)

D = b

h3 – e3b
12

Ea + Eb
e3b
12

 (1) and F =
b(eb + ea)

2

eb
Gr,mean (2)

In this paper, two shear directions are investigated. The rolling shear, or perpendicular

to the grain is tested in Experiment 1. In this experiment the wooden core orientation

is pictured in Figure 2. The longitudinal shear, or parallel to the grain is tested in Exper-

iment 2. The wooden core is then rotated as pictured in Figure 1.

Whereas for Experiment 1, the contribution of the wooden core to the bending stiff-

ness may be neglected. This is not the case for Experiment 2. Indeed, when measuring

the rolling shear (Experiment 1), the contrast assumption is satisfied with Ea = 210GPa

and Eb = 0.43 GPa (litterature values). Equation 1 can be written as D = EaIa + EbIb. The

contribution of the steel is calculated with h = (33.5 ± 0.4)mm the total thickness, eb =

(3.9 ± 0.4)mm the wood thickness, and the width of the beam b = (41.1 ± 0.6)mm.

This gives EaIa = (5.06 ± 0.68) kNm2 and the contribution of the wooden core is EbIb =

(44 ± 11) Nm2. From those values, the contribution of the main core to the bending

stiffness can be neglected as it contributes to less than 1%. Equation 1 can be rewritten

as:

D =
b(h3 – e3b)

12
Ea (3)

This equation can be used in Experiment 1 to calculate the bending stiffness using the

litterature value of Ea and the measured dimensions of the beam. The shear force stiff-

ness F can be expressed as a function of the mid-span deflection fA and the bending

stiffness D:

1

F
=

4fA

P(d – d0)
–

1

8D

(
d2 –

1

3
(d – d0)

2
)

(4)
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Themeasurement of fA gives the evolution of the rolling shearmodulusGr,mean in time.

In Experiment 2, the contrast stiffness is not fullfilled but Equation 2 is still valid. The

contributions of the steel and the wood are calculated with h = (31.8 ± 0.2)mm, eb =

(29.6 ± 0.2)mm, and b = (40.6 ± 0.2)mm. This gives EaIa = (4.48 ± 0.49) kNm2 and

with Eb = 10GPa ; EbIb = (0.88 ± 0.21) kNm2. The contribution of the wooden core to

the bending stiffness is about 16% which can not be neglected. The bending stiffness

must be precisely measured, it can be estimated from the absolute rotations at B and

C (respectively ϕB and ϕC) as follows:

D =
P(d2 – d20)

8∆ϕ
(5)

where ∆ϕ = ϕB + ϕC. Equations 2 and 4 can still be used to measure the evolution

of the longitudinal shear modulus Gl,mean in time. For Experiment 2, an accurate mea-

surement of D is necessary in order to calculate the longitudinal shear modulus and to

correctly estimate its creep.

3 Methods

3.1 Specimen fabrication

Norway Spruce (Picea abies) boards were used to make the specimens. The layer thick-

ness of CLT-boards in Europe are 20mm, 30mm and 40mm according to Brandner

(2013). It was chosen to use a 30mm thick layer.

In Experiment 1, eighteen boards were glued together on their narrow edges with a

wood glue (Titebond Ultimate 141/5). Glued narrow edges are not not a common prac-

tice in the industry but sometimes it is used to reduce the width of the gaps. It will allow

here to reduce the stress concentration in the specimens. This wooden plate was then

planarized to a thickness of eb = 30mm. Then, 800mm long specimenswith awidth b =

40mm and a thickness eb = 30mm were cut in this plate. They were cut so that wood

fibres are oriented in the transverse direction. They were conditioned at a moisture

content of u = (10.6 ± 0.3) % and visually graded C24. Their density was measured to

be ρ =(495 ± 32) kgm−3. The boards were oriented so that the pith is alternatively at

the bottom or at the top which average their effect on the global behaviour (see Figure

2).

For Experiment 2 the boards usedwere conditioned at amoisture content ofu = (10.2 ± 2.5) %

and their density was measured to be ρ = (393 ± 53) kgm–3. Norway Spruce board of

30 × 60mm were planarized to be 30 × 40mm and cut to be 800mm long oriented in

the longitudinal direction.

Carbon steel XC75 sheets of Young modulus Ea =210GPa were used. They are 800mm
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long, b = 40mm wide and ea = 1.1mm thick. They were sanded and glued on the top

and bottom faces of thewoodwith a two components glue including a thixotropic epoxy

based impregnating resin and adhesive (Sikadur® 300). The thickness of the glue layer

is about 0.5mm.

Figure 2. View of the specimens (above : Experiment 1, below : Experiment 2)

For Experiment 1, five specimens (A-E) were fabricated and six specimen (M-R) for Ex-

periment 2. One example of each can be seen in Figure 2.

3.2 Experimental set-up

Figure 3 shows the schematic representation of the frame (0). The specimens (1) are

supported on two cylinders (2) of radius R = 23mm with a span d = 602mm. They are

loaded vertically and symmetrically by two loading fixtures (3) spaced of a length d0 =

200mm. The contact between the loading fixtures and the beam is made with a steel

ball of diameter db = 1.2mm (10). The rotation of the motor (6) drags a metal thread

(9) that ascends and descends the loads (5) and the lever arms (4).

Several sensors are positioned to measure the different variables:

• Three Orbit® linear variable differential transformers (DP20S) are placed on each

span of the frame (8). Two of them measure the horizontal displacement of the

steel flat angles. They are represented Figure 3 as arrows LB and LC. The last lin-

ear variable differential transformer (LVDT) measures the vertical deflection of the

beam at mid-span (fA: arrow LA). They have an expanded measurement uncer-

tainty U = 16 × 10–3mm.

• Two AEP transducers ® S-type load cell (TS) (7) are placed in the loading fixture (3).

They measure the load on points D and E. Their expanded measurement uncer-

tainty is U = 4.8 N.
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• Two Sensel Measurement® single axis inclinometers (SM-NA) are placed on both

sides of the specimen (11). They measure the rotations ϕB and ϕC and have an

expanded measurement uncertainty U = 5 × 10–3 rad.

Figure 3. Framework design for the tests

In Experiment 2 the measure of the bending stiffness D is crucial to determine the in-

stantaneous and the long term modulus. Since the inclinometers are not specifically

designed for long term experiment, the LVDT sensors will be used to measure the long

term displacement.

3.3 Test method

The viscoelastic limit has been well studied in the longitudinal direction (Hoyle et al.,

1985; Nakai and Grossman, 1983; Foudjet and Bremond, 1989; Hayashi et al., 1993;

Bhatnager, 1964; King, 1961) and observed to be between 40% to 50%. It is a priori not

the same for the rolling-shear stiffness.

Therefore, Specimens A-E were tested under different load conditions ranging from 27

to 52 % of the characteristic shear strength fr,mean = 1.88MPa (Ehrhart and Brandner,

2018). These stress levels are approximate since the shear strength varies from one

board to another. The specimensM-R loaded between 11 and 14% of the characteristic

shear strength fl,mean = 7.8MPa (Wood-Handbook, 2010).

Under the viscoelastic limit, D. G. Hunt (1999) proposed to separate creep into three dif-

ferent components: pure viscoelastic (time dependent creep), mechano-sorptive creep

and pseudo-creep followed by a recovery phenomenon. These components are inde-

pendent but coupling effectsmay appear. The present experimentwill be achieved such

that the pure viscoelastic behaviour is isolated. Therefore, the tests were performed in
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a climate-controlled room with constant temperature of (19 ± 1) °C and a relative hu-

midity in the air of (58 ± 8)% in the first experiment. In the second experiment the

temperature was (20 ± 1) °C and the relative humidity in the air of (54 ± 6)%. Both

times the specimens were conditioned at least one week in this room before the tests.

4 Rolling shear results

4.1 Short term

Results are plotted for beam C but are similar for all the specimens. In Figure 4 the load

P is plotted as a function of the deflection fA for the first twominutes of the experiment.

A linear regression on the linear part of this curve gives an estimation of the modulus

G0r,mean using Equations 2 and 4 and the value of the bending stiffness calculated section

2. Table 1 summarizes the identified moduli.

Table 1. Instantaneous values

Name G0r,mean(MPa)

A 98.4

B 120

C 99.9

D 115

E 110

Moyenne 109

CoV*(%) 8.6

* Coefficient of Variation

Figure 4. Applied force as a function of the mid-span deflec-
tion fA

The cross-layer shearmodulusG0r,mean = 109MPawith a coefficient of variation of 8.6%

is consistent with the literature values given in Table 2. A rather high value is consistent

with the sawing pattern presented in Figure 2. The coefficient of variation found is very

low compared to the literature and comparable to the one already found by Perret et

al. (2018). Indeed, the four-points bending test averages the rolling-shear stiffness on

several boards.

Table 2. Short term rolling shear modulus from other experiments

Reference MC1(%) G0r,mean (MPa) CoV2(%)

Aicher and Dill-Langer (2000) 12 50 20
Keunecke et al. (2007) 12 53

Franzoni, Lebée, Lyon, et al. (2017) 110 27
Perret et al. (2018) 10-13 124 6.7

1 Moisture Content
2 Coefficient of Variation

4.2 Long term

The mid-span deflections can be separated in two contributions; the bending and the

shear deflection. The total mid-span deflection varies from (1.2848 ± 0.0033)mm dur-
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ing the experiment. The symmetric part of the rotations varies from (1.3 ± 1.7) × 10−3 rad.

This variation falls within the accuracy of the LVDT. Hence, we can neglect the variations

of the rotations in this experiment and calculate D.

The measured relative creep of the specimens during this experiment are plotted Fig-

ure 5 for the rolling-shear modulus G∞
r,mean. It can be observed that those curves are

close to linear in a log-log scale at long time, therefore the creep can be modelled with

a power law:

J(t)

J0
– 1 = mtn (6)

where n, m and J0 are experimental parameters and t the time in seconds. They are

independent from the load as long as it is in the linear viscoelastic domain. Indeed,

wood creep has been modelled with empirical and mechanical models. Mechanical

models come from the thermodynamics (Schapery, 1966). They are systems composed

of Kelvin and Maxwell elements. Those models are useful to differentiate the several

creep components: elastic, viscous and viscoelastic. They are mostly used to model

creep occurring with climate changes (Varnier, 2019;Mukudai, 1983; D. Hunt and Gril,

1994). Empirical models are power or logarithmic functions and they fit and predict

well those phenomena. Youngs (1957) was the first to model wood creep from a 3-

days experiment as a power law similar to the Equation 6. Clouser (1959) and Gressel

(1984) used this same equation to fit their 10-year creep tests. It has been widely used

since then to fit and predict creep wood behaviour (Sugiyama, 1957; Schniewind, 1966;

Hayashi et al., 1993).

1 min 1 hour 1 month 1 year 50 years

Time

10-2

10-1

100

J

1 month 6 months 1 year

Time

0.6

0.8

1

1.2

1.4

1.6
1.8

2
2.2

J

beam A             beam B
beam C             beam D
beam E

Figure 5. Rolling-shear relative creep curves and power law fittings

In international standards the design of buildings has to be estimated for 50-years.

Therefore, a prediction model is required to extrapolate a value of the deflection of

wood at such time period. In the Eurocode, this is taken into account by means of the

coefficient kdef which corresponds to the relative creep at 50-years. Considering exclu-
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sively rolling shear deformations, we define kGRdef as:

G∞
r,mean =

G0r,mean

1 + kGRdef
(7)

with G0r,mean the short-term rolling shear modulus and G∞
r,mean the secant rolling-shear

modulus in 50 years. A linear regression was done on the logarithmic values. The kGRdef
values found are summarized in Table 3 with a mean value of 2.43 and a coefficient of

variation equal to 6.18% which corresponds approximately to the coefficient of varia-

tion of the instantaneous modulus. The stress level does not seem to have a significant

influence on kGRdef which comforts the assumption of linear visco-elasticity.

Table 3. Values of kGRdef

Name kGRdef

A 2.59

B 2.44

C 2.22

D 2.34

E 2.54

Mean 2.43

CoV*(%) 6.18

* Coefficient of

Variation

Table 4. Fitting coefficients values

Name J0 n m

A 92.8 0.210 0.0302

B 113 0.212 0.0274

C 88.9 0.217 0.0224

D 107 0.211 0.0266

E 106 0.194 0.0422

The values found for the coefficient of Equation 6 are shown in Table 4. They fall into

the range of coefficients found in the literature and summarized in (Tong et al., 2020).

5 Longitudinal results

5.1 Short term

The value of the instantaneous bending stiffness is measured with the inclinometers

during the loading of each specimen. The load is plotted against the symmetric part of

the rotations during the loading Figure 6. Results are plotted for beamN and are similar

for all specimens. A linear regression on the linear part of this curve allows to determine

the bending stiffness D. The results are summerized Table 5. They are in the scope of

the calculus that was presented in Section 2.

Using Equations 2 and 4 the value of the instantaneous longitudinal shear modulus can

be calculated. It is deduced from the slope of the function between the load P and

the mid-span deflecion fA. The values found are summerized in Table 5 and, except for

beam O, the results are consistent. The coefficient of variation found for the longitudi-
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Figure 6. Load P function of the symmetric part of the rotation∆ϕ, beam N

nal shear is in the scope of the variation of the wood which is about 20%.

Table 5. Instantaneous values for longitudinal shear

Name M N O P Q R Mean CoV*(%)

D0(kNm2) 5.71 5.26 5.81 5.13 5.21 4.98 5.35 6.2

G0l,mean(MPa) 425 385 229 359 384 355 356 19

* Coefficient of Variation

5.2 Long term

The long term part of the long termmid-span deflection is (0.2959 ± 0.0033)mmwhile

it was (1.2848 ± 0.0033)mm for the rolling-shear. It is much smaller than in the previ-

ous experiment and therefore require a more precise analysis. The bending and shear

contribution to the mid-span bending can be separated as:

fA =
k1

F
+
k2

D
(8)

where k1 and k2 are two coefficients that can be determined with Equation 4 and are

constant during the whole experiment.

The long term symmetric part of the rotations is (1.4 ± 1.7) × 10−3 rad. This variation

falls into the uncertainty of the sensors and could be neglected. If this variation is not

neglected the bending contributionon themid-span creepdeflection is then about 45%.

This contribution may be associated to the creep of the wood Young modulus Eb in the

longitudinal direction with Equation 1.

Hence, two estimations of kGLdef are proposed here ; one considering that only the shear

contributes to the creep of the long term mid-span deflection fA and one considering

that there is a bending creep as well. In the first case, D is assumed constant in Equation

8, while in the second case, D is taken from the long termmeasurement. In both cases,

considering the deformations in the longitudinal direction, we define a creep coefficient

kGLdef as :
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G∞
l,mean =

G0l,mean

1 + kGLdef
(9)

with G0l,mean the short-term longitudinal shear modulus, G∞
l,mean the longitudinal shear

modulus in 50 years.

Using the power law Equation 6, a linear regression was fitted on the logarithmic values.

Figure 7 shows the fitting of the data when assuming that there is no bending creep (D is

constant). The cycles visible corresponds to those of the air conditioning that regulated

the temperature of the room during the experiment. Those variations correspond to

the sensitivity of the LVDT sensors to temperature. They exist in Experiment 1 but are

not visible in Figure 5 as the creep deflection is 4 times larger. The values of kGLdef are

summerized Table 6 with a mean value of 1.1 (CoV = 15%).

1 min 1 hour 1 month 1 year 50 years

Time
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J
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0.2

0.3

0.4

0.5

0.6
0.7
0.8
0.9

J
beam M              beam N             
beam O              beam P
beam Q              beam R

Figure 7. Fitted data, longitudinal creep of Gl,mean considering that there is only a shear creep

A similar fitting was done when considering that the bending contributes to the creep

of the mid-span. There was a power outage the second month of the experiment and

the measure of the rotation of the beam M was lost. Therefore no creep results are

presented for this specimen in this case. The results are in Table 6 and kGLdef is calculated

with a mean value of 0.6 (CoV = 26%).

Table 6. Values of kGLdef

Name M N O P Q R Mean CoV*(%)

kGLdef – 0.84 0.52 0.68 0.46 0.51 0.60 26

kGLdef (without bending creep) 1.4 1.1 0.88 1.2 1.1 1.1 1.1 15

* Coefficient of Variation

In both estimations, the stress level seems not to not have any influence on the creep

which validates the hypothesis of linear visco-elasticity. Experiments are still going on

to better understand those results and obtain a more precise value of kGLdef .
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6 Conclusions

The value found in the current version of the Eurocode of the creep coefficient kdef is

0.6. This value is the same for all orthotropic elastic moduli (Eurocode-5, 2004). The

value of the rolling shear coefficient kGRdef identified in the present experiment is 2.43

while the value of the longitudinal shear coefficient kGLdef is between 0.60 and 1.1. This

gives an approximated range of kGLdef but seems to indicates that this creep is compa-

rable to the creep of the bending stiffness in the longitudinal direction Eb. The rather

large value of the rolling-shear coefficient is not inconsistent and was expected consid-

ering previous attempts to estimate kdef for CLT panels (Pirvu and Karacabeyli, 2014;

Colling, 2014). Indeed, the deflection of a CLT panel is the superposition of the bending

and the shear deflection. The shear contribution in the global creep depends on the

slenderness of the panel and varies from 30% of the total deflection for thick panels to

few percent for slender panels. Hence, a distinction between the different deformation

types might be necessary to have a better estimation of the long term deflection in CLT

panels. Indeed, the present results clearly indicates that rolling shear creeps faster than

longitudinal shear. More experimental campaigns need to be performed to obtain sta-

tistically significant results. If the present value is confirmed it could have consequences

for the design of CLT and other timber products. For instance, this may lead to more

accurate design guidelines either for serviceability limit state (SLS) or long-term buck-

ling strength of CLT walls, which completes recent recommendations for more accurate

modelling (Franzoni, Lebée, Lyon, et al., 2017; Franzoni, Lebée, Forêt, et al., 2015; Perret

et al., 2018).
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DISCUSSION 

The papers was presented by C Allemand 

T Tannert commented that in a CLT the rolling shear having low stiffness would 
attract lower loads and questioned the level of load considered in the experiment.   
C Allemand responded that in the rolling shear direction similar load level was guided 
by the load level for the longitudinal shear direction which was around 40%, based on 
past research.  T Tannert said different load levels should be considered for rolling 
shear creep studies. 

M Schweigler asked about sealing the specimens and possible influence to deflection 
measurements.  C Allemand replied that sealing did not have any mechanical 
influence and did not affect the deflection measurements. 

P Dietsch asked if there were comparisons with known test configurations to check 
the proposed test setup.  C Allemand replied that other configurations were not tried.  
P Dietsch said that test configuration in EN789 or EN408 could be tried.  

M Fragiacomo questioned about the environmental conditions and asked if the 
experiment focused on pure shear.  C Allemand said there was no consideration of 
mechano‐sorptive effects.  M Fragiacomo commented that kdef in the Eurocode is 
referenced with some kind of mechano‐sorptive consideration and not sure direct 
comparisons can be made. 

G Hochreiner questioned whether the shear load level would lead to stable or 
unstable creep.  C Allemand provided information on the load level and not sure 
whether the creep is stable or unstable as the load period is only 8 months.  G 
Hochreiner commented that creep test standards for wood based panels exist for N. 
America and Europe and asked why they were considered.  C Allemand said that she 
will check these out.  P Dietsch commented that load level seemed to be high and 
could lead to exponential creep. 
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1. Introduction and Background 
The energy dissipation in timber buildings, subjected to seismic loading, is typically 
achieved through a combination of yielding in dowel-type connections, accompanied 
by some wood crushing, while ensuring that brittle failure modes do not govern the 
design. Whether at the connection level or more globally at the assembly or building 
levels, brittle failure modes are avoided by employing the concept of capacity-based 
design (CD), where dissipative elements are identified and designed to absorb the en-
ergy imparted on the system, while non-dissipative elements are overdesigned, con-
sidering the resistance of the dissipative zones, typically by means of over-strength 
factors. The development of such factors needs to consider the variability that exists 
in the energy dissipative elements, such that the dissipative elements are able to reach 
the desired levels of strength and displacement without excessively overdesigning the 
non-dissipative elements.     

In buildings where cross-laminated timber (CLT) shearwalls comprise the seismic force 
resisting system (SFRS), either single-panel (i.e. monolithic) or multi-panel walls (Figure 
1) are relied upon to resist the seismic force, generally resulting in low-to-moderate or 
high levels of energy dissipation capabilities, respectively. The reason single-panel CLT 
shearwalls have limited energy dissipative capabilities is that the energy is typically ab-
sorbed in the steel-to-timber connections used to anchor the wall to either the foun-
dation or floor below (i.e. hold-down and angle brackets). In multi-panel CLT shear-
walls, the panel-to-panel vertical joints are identified as dissipative components due to 
the high ductility usually achieved in such joints. In both aforementioned cases, the 
CLT panels (i.e. floor and wall panels) and all other non-energy dissipative connections 
are commonly overdesigned in order to remain elastic. 

The global behaviour of buildings with CLT shearwalls has been investigated in several 
research programs that particularly emphasized the importance of employing the ca-
pacity-based design procedure (Ceccotti et al. 2013; Pei et al. 2013; Yasumura et al. 
2016). At the connection level, Gavric et al. (2013) proposed that failure modes of 
dowel-type fasteners used as part of dissipative connections be characterized by the 
formation of at least one plastic hinge while the timber members, steel plates and an-
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choring to foundation of hold-downs and angle brackets be capacity protected. Unde-
sirable brittle failure modes were observed in experimental tests carried out on me-
chanical anchors, when adequate considerations for CD procedures were not em-
ployed (Tomasi and Smith 2015; Flatscher et al. 2015). At the wall level, experimental 
studies aimed at establishing the cyclic behaviour of multi-panel shearwalls showed 
higher ductility and energy dissipation capacity in shearwalls that exhibited coupled-
panel behaviour, where yielding occurred in the vertical joints, compared to monolithic 
shearwalls (e.g. Gavric et al. 2015a, Popovski et al. 2010). Nolet et al. (2019) analytically 
investigated the effect of elasto-plastic rocking behaviour of multi-panel shearwalls, 
which was expanded upon by Masroor et al. (2020) to take into account the bi-direc-
tional effect of the angle-brackets.   

 
Figure 1: Single- and Multi-panel CLT shearwalls 

The applicability of capacity-based design procedure to timber structures was pre-
sented by Jorissen and Fragiacomo (2011), where an over-strength factor was pro-
posed. Several studies focused on establishing appropriate values of over-strength fac-
tors for different types of connections and mechanical anchors (Fragiacomo et al. 
2011; Sustersic et al. 2012; Gavric et al. 2015b; Ottenhaus et al. 2017). Trutalli et al. 
(2019) discussed a conceptual model for capacity-based design and its applicability at 
the connection-level both for traditional and innovative connection types used in CLT 
structures. Shahnewaz et al. (2017) proposed an analytical expression for single-storey 
single-panel CLT shearwall taking into account the bi-directional behaviour of shear-
connections. Casagrande et al. (2019) presented an approach for the applicability of 
capacity-based design at the wall- and building levels for CLT buildings.  

Despite the general agreement that employing the principle of capacity-based design 
is necessary to ensure a global behaviour involving ductile failure mechanisms, the ap-
plicability of such approach to CLT buildings has lacked a clear analytical approach in 
contemporary international codes (e.g. Eurocode 8 and CSA O86). The current paper 
aims to contribute to the state of knowledge, particularly to the design provisions in 
the European and Canadian codes and Standards, by proposing analytical methodolo-
gies for the applicability of the capacity-based design approach at wall- and building 
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levels, addressing the behaviour of single- and multi-panel CLT shearwalls. The pro-
posal follows a general approach, which includes the bi-directional contribution of 
shear connections in rocking, and is applicable to multi-storey CLT buildings. Specific 
recommendations, related to the ductility required in the individual connections, the 
ductility relationship between them as well as the link between the local ductility at 
the joint level and the global ductility at the building level, are considered outside the 
scope of this paper.    

2. Dissipative zones in CLT structures 
2.1 Background 

An integral part of establishing capacity-based design provisions is identifying the dis-
sipative zones within the assembly or structure and promoting a failure sequence that 
would help ensure an overall building behaviour that is consistent with the behavioural 
factors assumed. Currently, no such requirements are available in the European code 
for the seismic design of timber structures (i.e. chapter 8 of Eurocode 8). A proposal to 
include information related to the locations of the dissipative zones, at the wall and 
building levels, as well as provisions aiming at capacity protecting non-dissipative com-
ponents, is being developed (Follesa et al. 2018; Fragiacomo et al. 2019). In this pro-
posal, medium ductility class includes CLT shearwalls consisting of either a single-panel 
or multi-panels connected with relatively stiff vertical joints (relative to the hold-
down). Dissipative zones include hold-downs and shear connections used to anchor 
the shearwall to the foundation or the floor below. CLT structures comprised of multi-
panel shearwalls are conversely assumed to possess high ductility, and energy dissipa-
tion is assumed to occur in vertical joints, hold-down, as well as the shear connections. 
For both ductility classes no distinction is made in the kinematic mode being in rocking 
or sliding.  

The Canadian timber design standard (CSA O86) has had general design requirements 
for buildings containing CLT shearwalls since the 2014 edition (2016 supplement), 
however it lacks specific analytical provisions related to the applicability of the capac-
ity-based design. Section 11.9.2. of current CSA O86 standard (2019) provides two dif-
ferent values of reduction factors, RdRo, representing ductility and over-strength fac-
tors (similar in principle to the q-factor used in the Eurocode). CLT structures with lim-
ited ductility adopt a value of RdRo equal to 1.3, which represents the minimum limit in 
the National Building Code of Canada (NBC, 2020) for systems with nominal level of 
overstrength. This includes shearwalls that are constructed with wall panels consisting 
of aspect ratios (height-to-length) smaller than 2:1 or act in sliding. A value of RdRo 
equal to 3.0 is assumed for CLT structures comprised of shearwall segments with as-
pect ratios between 2:1 and 4:1 and that dissipate energy in rocking motion through 
yielding of connections. Dissipative zones are required to include panel-to-panel verti-
cal joints and shear connections, used to anchor the shearwall to the foundation or 
floor below, in uplift only. Discrete hold-down anchors are required to be designed to 
attain a factored resistance that is at least 20% greater than the force acting in them 
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when the panel-to-panel vertical joints achieve their nominal resistance. It is unclear 
from the current provisions, however, whether the discrete hold-down is allowed to 
yield and thereby contribute to the energy-dissipation or if it is assumed to behave 
elastically. CLT panels and non-dissipative connections are required to be capacity pro-
tected and remain elastic when the panel-to-panel vertical joints reach 95th percentile 
of their resistance. This approach is used as an alternative to the application of an over-
strength factor. Another requirement in the CSA O86 standard that is noteworthy to 
highlight is the provision requiring the application of capacity-based design even for 
CLT structures with limited ductility (i.e. RdRo = 1.3). This approach seems overly re-
strictive since it represents considerations for hierarchy of failure in a design condition 
that is effectively elastic.   

2.2 A proposal for the dissipative zones in CLT structures 

Following the review of the existing and proposed design provisions, the current pro-
posed capacity-based design procedure is based on three different levels of ductility 
classes. The proposal includes the protection of non-dissipative components through 
an established hierarchy of resistance between non-dissipative and dissipative ele-
ments, similar to what has been introduced previously in the literature. In addition, the 
proposed procedure introduces an original methodology that establishes a hierarchy 
of yielding amongst dissipative connections as well as between dissipative connections 
and connections with limited ductility, such that a specific failure behaviour and se-
quence are attained. In order to achieve rocking behaviour and limit sliding, hold-down 
and vertical joints are required to be energy dissipative while shear connections are 
designated as limited ductility connections. Three different over-strength factors are 
defined: 𝛾𝑅𝑑, which is used to protect non-dissipative components when dissipative 
connections yield; an over-strength factor, 𝛾𝑅𝑥, which ensures a sequence of yielding 
amongst dissipative connections; and an over-strength factor, 𝛾𝑅𝑦, used to protect 

shear-connections and limit sliding failure. 

Although developing specific values for the over-strength factors is outside the scope 
of this paper, a general concept is proposed to help evaluate such values. Regarding 
the over-strength factor associated with non-dissipative elements, 𝛾𝑅𝑑, a general ex-
pression involving the 95th percentile of the strength capacity of dissipative connection 
could be adopted, similar to that included in the Canadian timber design standard (CSA 
O86). Such stringent requirement may not be necessary for establishing the yielding 
sequence between dissipative connections as well as between dissipative and limited 
ductility connections, and therefore a generalized expression based on the 𝑥𝑡ℎ and y𝑡ℎ 
percentile (assumed to be less than the 95𝑡ℎ), can be considered, as presented in Table 
1. 

Level 1 ductility class is assigned to CLT structures consisting of either single- or multi-
panel shearwalls, which are designed to behave elastically. There are no requirements 
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for connection yielding, nor is it necessary to define the requirements for the dissipa-
tive elements. In other words, the capacity-based design procedure outlined for the 
two other design levels is not required to be implemented. 

Table 1. Proposed framework for the over-strength factors 

Category Over-strength factor 
Percentile of  

primary dissipative  
connection strength 

Other dissipative connections  𝛾𝑅𝑥 𝑥𝑡ℎ 

Limited ductility connections 𝛾𝑅𝑦 y𝑡ℎ 

Non-dissipative 𝛾𝑅𝑑 95𝑡ℎ 

 

The proposal for Level 2 ductility class consists of shearwalls with single-panel or mul-
tiple panels exhibiting a predominantly single-wall (SW) rocking (Figure 2a). Hold-down 
is assumed to be the primary dissipative element, although in the case of multi-panel 
shearwalls, vertical joints may be assumed to act either as dissipative or non-dissipa-
tive components. When vertical joints are assumed to act as dissipative connections, 
no specific hierarchy of yielding is required between them and the hold-down. In order 
to promote rocking behaviour and limit sliding, the category of elements with limited 
ductility (i.e. shear connections) are required to be over-designed using the over-
strength factor 𝛾𝑅𝑦. The limited ductility designation for the shear connections is 

meant to ensure that they do not fail in a brittle manner in case of overloading on the 
structure. 

 
Figure 2: Single-Wall and Coupled-Panel behaviour for multi-panel CLT shearwalls 

A level 3 ductility class is proposed for CLT structures consisting of multi-panel shear-
walls, where the panels are joined together with connections that can dissipate energy 
primarily in fastener yielding, leading to a kinematic behaviour of the wall consistent 
with coupled-panel (CP) rocking behaviour (Figure 2b). Imposing a requirement that 
hold-down yields after the vertical joints have already yielded ensures that CP, rather 
than SW, rocking behaviour is attained in the plastic region (Figure 3).  Consistently 
with Level 2 ductility class, ensuring rocking behaviour is achieved by requiring ele-
ments with limited ductility (i.e. shear connections) to be over-designed using the over-
strength factor 𝛾𝑅𝑦 and to contain a minimum level of ductility capacity. Non-energy 

dissipative elements are typically characterized by a brittle failure mode and therefore 

INTER / 54 - 15 - 1

395



they are required to remain elastic when the energy dissipative elements reach a de-
sired level of inelastic displacement.   

Table 2 summarizes the design requirements for the applicability of the capacity-based 
design in the current proposed approach. 

 
Figure 3: Hierarchy of yielding between vertical joints and hold-down in the rocking behaviour of 
multi-panel CLT shearwalls 

 

Table 2. Design requirements for the capacity-based design in current proposed approach 

Ductility 
class 

Shearwalls 
Required 

failure modes 
Dissipative con-

nections 

Hierarchy between 
dissipative connec-

tions 

Limited ductility 
connections 

Hierarchy between 
non-dissipative and 
dissipative compo-

nents 

Level 3 Multi-panel 
Rocking  

(Coupled-Panel) 
vertical joints; 

hold-down; 

I. vertical joints (pri-
mary) 

II. hold-down 
(other) 

shear connections Yes 

Level 2 

Single-panel Rocking  hold-down; N/A shear connections Yes 

Multi-panel Rocking  
hold-down; 

vertical joints 

(optional)1; 
No shear connections Yes 

Level 1 
Single- and 

Multi- panel 
N/A N/A N/A N/A No 

1 vertical joints may be assumed either dissipative or non-dissipative 

 

It should be noted that the procedure outlined herein is mainly applicable to traditional 
connections currently used in CLT shearwalls. Alternative or proprietary connections 
may be utilized to dissipate energy in the elastic range (e.g. friction) or in the inelastic 
range to achieve desired behaviour in the building.  

3. Analytical expressions for the proposed approach  
3.1 Requirements for Level 1 ductility class 

A Level 1 ductility class encompasses CLT structures that are assumed to behave elas-
tically for the entire duration of the seismic event, and as such no specific requirements 
are needed for capacity-based design, no dissipative zones are required to be defined, 
and all members and connections are designed not to yield. The strength capacity of 
members and connections, 𝐹𝑟, is required to be equal to or greater than the design 
value of the corresponding action, 𝐹𝑓, obtained from the seismic analysis assuming an 
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almost elastically behaviour of the entire structure (i.e. RdRo = 1.3), as presented in 
Equation 1. 

𝐹𝑟 ≥ 𝐹𝑓    (1) 

1.1 Requirements for Level 2 ductility class 

The dissipative connections in this level are designed such that their strength capacity, 
𝐹𝑟,𝐷, is equal to or greater than the design value of the corresponding action, 𝐹𝑓,𝐷, 

obtained from seismic analysis assuming plastic behaviour (i.e. RdRo > 1.3), as pre-
sented in Equation 2. 

𝐹𝑟,𝐷 ≥ 𝐹𝑓,𝐷   (2) 

The capacity-based design procedure establishes a hierarchy of resistance between 
dissipative and non-dissipative components. This is achieved by requiring that the 
strength capacity of the non-dissipative components, 𝐹𝑟,𝑁𝐷, is greater than or equals 

to the values of actions corresponding to the strength capacity of the weakest storey, 
as expressed in Equation 3. 

𝐹𝑟,𝑁𝐷 ≥ 𝛾𝑅𝑑 ∙ 𝛼�̃� ∙ 𝐹𝑓,𝑁𝐷 +𝐹𝑔,𝑁𝐷  (3) 

where 𝐹𝑓,𝑁𝐷 is the value of seismic action on the non-dissipative component obtained 

from the seismic analysis, 𝛾𝑅𝑑  is defined in Table 1 and  𝐹𝑔,𝑁𝐷 is the action due to grav-

ity loads on the non-dissipative component. The scale factor, 𝛼�̃�, represents the mini-

mum value of over-capacity coefficient, 𝛺𝑗, as defined in Equation 4. 

𝛼�̃� = min (𝛺𝑗)    (4) 

where 𝛺𝑗  is defined, in general terms, as the ratio between the shear strength capacity, 

𝑉𝑟,𝑗, and the cumulative shear load, 𝑉𝑓,𝑗, at the j-th storey, as expressed by Equation 5.  

𝛺𝑗 =
𝑉𝑟,𝑗 

𝑉𝑓,𝑗
≥ 1    (5) 

Equation 5 can be expressed in a simplified manner as the ratio between the rocking 
strength capacity and the rocking moment, since only rocking behaviour is considered, 
as shown in Equation 6. 

𝛺𝑗 =
∑ |𝑀𝑟,𝑗,𝑖|𝑁

𝑖=1

∑ |𝑀𝑓,𝑗,𝑖|𝑁
𝑖=1

   (6) 

where N is the number of CLT shearwalls that are parallel to the seismic action at the 
j-th storey, 𝑀𝑟,𝑗,𝑖 is the rocking strength capacity of the i-th wall, and 𝑀𝑓,𝑗,𝑖  is the rock-

ing moment on the i-th wall. 

In order to achieve rocking failure mode and limit sliding, each shear connection of the 
i-th shearwall at the j-th storey needs to meet the requirement outlined in Equation 7.  

𝐹𝑟,𝑎,𝑖,𝑗 ≥ 𝛾
𝑅𝑦

∙
|𝑀𝑟,𝑖,𝑗|

|𝑀𝑓,𝑖,𝑗|
∙ 𝐹𝑓,𝑎,𝑖,𝑗     (7) 
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where 𝐹𝑟,𝑎,𝑖,𝑗 is the shear strength capacity of the shear connection of the i-th shear-

wall at the j-th storey and  𝐹𝑓,𝑎,𝑖,𝑗  is the shear load acting on the shear connection. 

This expression is applicable in the case where the shear connections and the hold-
down are considered to be only effective along their respective resistance directions 
(i.e. horizontal shear and vertical tensile resistance, respectively). If bi-directional be-
haviour of shear-connections is assumed in the analysis, a tensile-shear interacting 
strength domain should be considered in the calculation of strength capacity of the 
shearwall (e.g. D’Arenzo et al. 2021; Franco et al. 2021). 

For multi-panel shearwalls, and in the case where the vertical joints are assumed to be 
energy dissipative, the rocking strength capacity of the shearwall, 𝑀𝑟,𝑖,𝑗, can be calcu-

lated as the minimum value of the rocking strength related to either the hold-down or 
the vertical joints, as presented by Casagrande et al. (2018). Conversely, when vertical 
joints are considered to be non-dissipative, 𝑀𝑟,𝑖,𝑗  can be obtained as the rocking 

strength related to the hold-down only. In this case, the vertical joints are designed to 
behave elastically in accordance with the requirements outlined in Equation 3.  

3.2 Requirements for Level 3 ductility class 

In this level, the vertical joints are expected to yield first (see Table 2), and their shear 
strength capacity, 𝐹𝑟,𝑣, is required to be equal to or greater than the corresponding 

action, 𝐹𝑓,𝑣, obtained from the seismic analysis, using the appropriate RdRo value, as 

outlined in Equation 8. 

𝐹𝑟,𝑣 ≥ 𝐹𝑓,𝑣   (8) 

The non-dissipative components are designed using the same approach presented for 
Level 2 ductility class, using the expression presented in Equation 3. Differently from 
Level 2 ductility class, a coupled-panel rocking behaviour is required in order to opti-
mize the energy dissipation in the building. The over-capacity coefficient for storey j, 
𝛺𝑗, can be calculated according to Equation 6, with the exception that the term asso-

ciated with the rocking strength is related to the coupled-panel rocking behaviour, 
where all vertical joints as well as the hold-down are expected to yield using expres-
sions reported in Equation 9 and 10. These equations are developed for a shearwall 
composed of 𝑚 panels with length 𝑏, covering cases where uni- and bi-directional be-
haviour of shear connection, respectively, is assumed (Casagrande et al. 2019; Masroor 
et al. 2022).  

𝑀𝑟,𝑖,𝑗 = 𝑏 ∙ [𝑇𝑟,ℎ𝑑 + 𝐹𝑟,𝑣 ∙ (𝑚 − 1) ∙ 𝑛 +
𝑤∙𝑏∙𝑚

2
]   (9) 

𝑀𝑟,𝑖,𝑗 = 𝑏 ∙ [𝑇𝑟,ℎ𝑑 ∙ (1 + 𝛼 ∙ 𝜑 ∙ 𝑚) + 𝐹𝑟,𝑣 ∙ (𝑚 − 1) ∙ 𝑛 +
𝑤∙𝑏∙𝑚

2
]   (10) 

where 𝑇𝑟,ℎ𝑑 is the tensile strength of the hold-down, 𝑛 is the number of connections 

in a vertical joint, 𝑤 is the total gravity load, 𝜑 and 𝛼 account for the angle brackets in 
each panel, as outlined in Equations 11 and 12: 
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𝜑 =
𝑘𝑎,𝑧

𝑘ℎ𝑑
   (11) 

𝛼 = ∑ (
𝑟

𝑛𝑎+1
)

2𝑛𝑎
𝑟=1 =

𝑛𝑎∙(2∙𝑛𝑎+1)

6∙(𝑛𝑎+1)
   (12) 

where, 𝑘𝑎,𝑧 and 𝑘ℎ𝑑 are the elastic vertical-tensile stiffnesses of the shear connection 

and the hold-down, and 𝑛𝑎 is the number of shear connections in each panel, as shown 
in Figure 4. 

 
Figure 4: Geometrical dimensions and stiffness of connections of multi-panel CLT shearwall model 

In order to ensure a uniform energy dissipation throughout the entire height of the 
building for a Level 3 ductility class, the ratio between the over-capacity coefficient at 
storey 𝑗 (for 𝑗 ≥ 2) and that at storey 𝑗 − 1 should be limited to a range, defined by 
values of 𝜀1 and 𝜀2, as outlined in Equation 13. This approach extends the requirement 
found in the Canadian design standard (CSA O86) for light-frame wood shearwalls, 
which is limited to first and second storey, to include all stories in the building. The 
range for 𝜀 provided in the CSA O86 (2019) is 0.9 to 1.2. 

𝜀1 ≤
𝛺𝑗

𝛺𝑗−1
≤ 𝜀2   (13) 

Ensuring rocking behaviour in the plastic region and promoting rocking over sliding 
behaviour are paramount in this ductility level. When a uni-directional behaviour of 
shear connections is assumed, the same approach adopted for the Level 2 ductility 
class can be used, as outlined in Equation 7, where 𝑀𝑟,𝑖,𝑗  is calculated according to 

Equation 9. In the case where bi-direction behaviour of shear connections is consid-
ered, the tensile-shear interaction of shear connection has to be taken into account. 
As an alternative to Equation 7, the expression presented by Masroor et al. (2022) and 
reported in Equation 14 can be used to prioritize rocking behaviour over sliding. 

(

𝑛𝑎
𝑛𝑎+1

∙𝜑∙𝛾𝑅𝑦∙𝑇𝑟,ℎ𝑑

𝐹𝑟,𝑎,𝑧
)

2

+ (
𝑀𝑟,𝑖,𝑗

𝑀𝑓,𝑖,𝑗
∙

𝐹𝑓,𝑎,𝑖,𝑗

𝐹𝑟,𝑎,𝑥
)

2

≤ 1    (14) 
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where 𝐹𝑟,𝑎,𝑥 and 𝐹𝑟,𝑎,𝑧 are the horizontal shear and vertical tensile strength of each shear 
connection, respectively, 𝐹𝑓,𝑎,𝑖,𝑗 is the horizontal shear load acting on the shear connec-
tion at the j-th storey obtained from the seismic analysis, and 𝑀𝑟,𝑖,𝑗 is the respective 

rocking strength calculated according to Equation 10, taking into account the contri-
bution of shear connections to the rocking strength capacity. 

In order to achieve coupled-panel behaviour in the plastic region, where all vertical 
joints yield before the hold-down, a hierarchy of yielding is established between the 
hold-down and the vertical joints. When shear connections are assumed not to con-
tribute to the rocking strength of the shearwall (i.e. uni-directional behaviour), the re-
quirement presented by Casagrande et al. (2019) for a multi-panel shearwall is re-
ported in Equation 15. 

𝑇𝑟,ℎ𝑑 ≥ 𝛾𝑅𝑥 ∙ 𝐹𝑟,𝑣 ∙
𝑘ℎ𝑑

𝑘𝑣𝑗
       𝑖𝑓 𝑘ℎ𝑑 ≥ 𝑛 ∙ 𝑘𝑣𝑗  

𝑇𝑟,ℎ𝑑 ≥ max (𝛾𝑅𝑥 ∙ 𝐹𝑟,𝑣 ∙
𝑘ℎ𝑑

𝑘𝑣𝑗
; 𝛾𝑅𝑥 ∙ 𝑛 ∙ 𝐹𝑟,𝑣 − 𝑤 ∙ 𝑏)   𝑖𝑓 𝑘ℎ𝑑 < 𝑛 ∙ 𝑘𝑣𝑗          (15) 

where 𝑘𝑣𝑗 is the elastic stiffness of a single connection in the vertical joints. 

When bi-directional behaviour of shear-connections is assumed, the conditions to en-
sure that all vertical joints yield before the hold-down are reported in Equations 16 and 
17, according to Masroor et al. (2022). 

 
𝑘ℎ𝑑

𝑛∙𝑘𝑣𝑗
≥

1−
𝑀∙̃(3∙𝑚−2)

𝑚2

(1+𝜑∙𝜌𝑎)−
𝑀∙̃[𝑚∙(1+𝜑∙𝜌𝑎)−2∙(1+𝛼∙𝜑∙𝑚)]

𝑚2

    (16) 

𝑇𝑟,ℎ𝑑 ≥ 𝛾
𝑅𝑥

∙ 𝐹𝑟,𝑣 ∙
𝑘ℎ𝑑

𝑘𝑣𝑗
     (17) 

Where 

 𝜌𝑎 = ∑
𝑟

𝑛𝑎+1

𝑛𝑎
𝑟=1 =

𝑛𝑎

2
    (18) 

 �̃� =
𝑤∙𝑚2∙𝑏2

𝑀𝑓,𝑖,𝑗

    (19) 

3.3  

Adopting the proposed procedure to the CSA O86 Standard 

An alternative method to the over-strength factor, 𝛾𝑅𝑑, is currently included in the 
Canadian CSAO86 Standard, where the non-dissipative elements are required to re-
main elastic when the dissipative elements reach the 95th percentile of their strength 
distribution, 𝐹𝑟,95𝑡ℎ,𝐷. Equation 20 outlines the fundamental relationship between 

non-dissipative and dissipative elements, and relates the procedure using the over-
strength factor to that using the 95th percentile the strength distribution of dissipative 
elements. 

𝐹𝑟,𝑁𝐷 ≥ 𝛾𝑅𝑑 ∙ 𝐹𝑟,𝐷 = 𝐹𝑟,95𝑡ℎ,𝐷   (20) 
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To ensure consistency with the approach adopted in CSAO86, the methodology involv-
ing the over-strength factors (𝛾𝑅𝑑, 𝛾𝑅𝑥, 𝛾𝑅𝑦) is replaced with those containing values 

related to the 95th, xth or yth percentile strength of the dissipative connections. 

The shear and rocking strength of the i-th shearwall at the j-th storey associated with 
the 95th percentile strength of primary dissipative connection are defined as  𝑉𝑟,95𝑡ℎ,𝑗  

and 𝑀𝑟,95𝑡ℎ,𝑖,𝑗, respectively. Similarly, 𝑀𝑟,𝑦𝑡ℎ,𝑖,𝑗  is defined as the rocking strength asso-

ciated with the 𝑦𝑡ℎ percentile strength of primary dissipative connections. The govern-
ing equations provided in the previous subsections are presented in Table 3 in a man-
ner that is consistent with the Canadian design approach.   

Table 3. Expressions rewritten to be consistent with the Canadian approach 

European approach Canadian approach 

Equation 3 𝐹𝑟,𝑁𝐷 ≥ 𝛼�̃� ∙ 𝐹𝑓,𝑁𝐷 +𝐹𝑔,𝑁𝐷 

Equation 5 
𝛺𝑗 =

𝑉
𝑟,95𝑡ℎ,𝑗

 

𝑉𝑓,𝑗
≥ 1  

Equation 6 
𝛺𝑗 =

∑ |𝑀
𝑟,95𝑡ℎ,𝑖,𝑗

|𝑁
𝑖=1

∑ |𝑀𝑓,𝑖,𝑗|𝑁
𝑖=1

  

Equation 7 
𝐹𝑟,𝑎,𝑖,𝑗 ≥

|𝑀
𝑟,𝑦𝑡ℎ,𝑖,𝑗

|

|𝑀𝑓,𝑖,𝑗|
∙ 𝐹𝑓,𝑎,𝑖,𝑗   

Equation  9 𝑀𝑟,95𝑡ℎ,𝑖,𝑗 = 𝑏 ∙ [𝑇𝑟,𝑥𝑡ℎ,ℎ𝑑 + 𝐹𝑟,95𝑡ℎ,𝑣 ∙ (𝑚 − 1) ∙ 𝑛 +
𝑤∙𝑏∙𝑚

2
]  

𝑀𝑟,𝑦𝑡ℎ,𝑖,𝑗 = 𝑏 ∙ [𝑇𝑟,𝑥𝑡ℎ,ℎ𝑑 + 𝐹𝑟,𝑦𝑡ℎ,𝑣 ∙ (𝑚 − 1) ∙ 𝑛 +
𝑤∙𝑏∙𝑚

2
]  

Equation 10 𝑀𝑟,95𝑡ℎ,𝑖,𝑗 = 𝑏 ∙ [𝑇𝑟,𝑥𝑡ℎ,ℎ𝑑 ∙ (1 + 𝛼 ∙ 𝜑 ∙ 𝑚) + 𝐹𝑟,95𝑡ℎ,𝑣 ∙ (𝑚 − 1) ∙ 𝑛 +
𝑤∙𝑏∙𝑚

2
]  

𝑀𝑟,𝑦𝑡ℎ,𝑖,𝑗 = 𝑏 ∙ [𝑇𝑟,𝑥𝑡ℎ,ℎ𝑑 ∙ (1 + 𝛼 ∙ 𝜑 ∙ 𝑚) + 𝐹𝑟,𝑦𝑡ℎ,𝑣 ∙ (𝑚 − 1) ∙ 𝑛 +
𝑤∙𝑏∙𝑚

2
]  

 Equation 14 
(

𝑛𝑎
𝑛𝑎+1

∙𝜑∙𝑇
𝑟,𝑦𝑡ℎ,ℎ𝑑

𝐹𝑟,𝑎,𝑧
)

2

+ (
𝑀𝑟,𝑖,𝑗

𝑀𝑓,𝑖,𝑗
∙

𝐹𝑓,𝑎,𝑖,𝑗

𝐹𝑟,𝑎,𝑥
)

2

≤ 1   

Equation 15 𝑇𝑟,ℎ𝑑 ≥ 𝐹𝑟,𝑥𝑡ℎ,𝑣 ∙
𝑘ℎ𝑑

𝑘𝑣𝑗
       𝑖𝑓 𝑘ℎ𝑑 ≥ 𝑛 ∙ 𝑘𝑣𝑗     

𝑇𝑟,ℎ𝑑 ≥ max (𝐹𝑟,𝑥𝑡ℎ,𝑣 ∙
𝑘ℎ𝑑

𝑘𝑣𝑗
; 𝑛 ∙ 𝐹𝑟,𝑥𝑡ℎ,𝑣 − 𝑤 ∙ 𝑏)   𝑖𝑓 𝑘ℎ𝑑 < 𝑛 ∙ 𝑘𝑣𝑗    

Equation 17 𝑇𝑟,ℎ𝑑 ≥ 𝐹𝑟,𝑥𝑡ℎ,𝑣 ∙
𝑘ℎ𝑑

𝑘𝑣𝑗
  

   

4. Conclusions 
It has long been recognized that the principle of capacity-based design can be ade-
quately used to promote ductile failure mechanisms and to prevent brittle failure 
modes. A methodology involving a proposed analytical procedure for the applicability 
of the capacity-based design approach at wall- and building levels is proposed. The 
proposal is applicable to multi-storey CLT buildings and includes the bi-directional con-
tribution of angle brackets in rocking.  

Based on a thorough review of existing and proposed design provisions, the proposed 
procedure defines three different levels of ductility classes, including expressions en-
suring the protection of non-dissipative components as well as a methodology that 

INTER / 54 - 15 - 1

401



establishes a hierarchy of yielding amongst dissipative connections as well as between 
dissipative connections and connections with limited ductility. In essence the proposal 
ensures that rocking behaviour is attained and sliding is limited by designating hold-
down and vertical joints as energy dissipative while assigning shear-connections as lim-
ited ductility connections. Three different over-strength factors are proposed to pro-
tect non-dissipative components, ensure a sequence of yielding amongst dissipative 
connections, and protect shear-connections while limiting sliding failure. A general 
concept is proposed to help evaluate the values the over-strength factors.  
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Appendix - Summary of the analytical procedure 
 

 
Level 2 Ductility Class 
 

Single-panel shearwall 
 

Step  Equation 

#1 Design hold-down (2) 

#2 Design shear connections (7) 

#3 Calculate rocking strength 𝑀𝑟,𝑖,𝑗* From literature 

#4 Calculate the over-capacity coefficient 𝛺𝑗   at all storeys  (6) 

#5 Calculate the scale factor 𝛼�̃� (4) 

#6 Design non-dissipative components (3) 
*contribution of shear-connection may be taken into account 
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Multi-panel shearwall 

Vertical joints are assumed to be dissipative 

Step  Equation 

#1 Design dissipative connections (i.e. hold-down and vertical joints) (2) 

#2 Design shear-connections (7) 

#3  Calculate rocking strength 𝑀𝑟,𝑖,𝑗 * of each shearwall From literature 

#4 Calculate the over-capacity coefficient 𝛺𝑗 at all storeys  (6) 

#5 Calculate the scale factor 𝛼�̃� (4) 

#6 Design of non-dissipative components (3) 
* The rocking strength is calculated as the minimum value of the rocking strength where the weakest component is 
either hold-down or vertical joints (Casagrande et al., 2018) 

 

Vertical joints are assumed to be non-dissipative 

Step  Equation 

#1 Design dissipative connections (i.e. hold-down) (2) 

#2 Design shear connections (7) 

#3 Calculate rocking strength 𝑀𝑟,𝑖,𝑗
* of each shearwall From literature 

#4 Calculate the over-capacity coefficient 𝛺𝑗 at all storeys  (6) 

#5 Calculate the scale factor 𝛼�̃� (4) 

#6 Design vertical joints (3) 

#7 Design non-dissipative components (3) 
* The rocking strength is calculated as the value of the rocking strength where the weakest components is the 
hold-down (Casagrande et al., 2018) 

 

Level 3  Ductility Class 
 

Multi-panel shearwall 
Uni-directional behavior of shear-connections 

Step  Equation 

#1 Design vertical joints  (8) 

#2 Design hold-down (15) 

#3  Calculate rocking strength 𝑀𝑟,𝑖,𝑗 (CP behavior) of each shearwall (9) 

#4 Design of shear-connections (7) 

#5 Calculate the over-capacity coefficient 𝛺𝑗 at all storeys  (6) 

#6 Check the ratios between the over-capacity coefficients 𝛺𝑗 along the height of the 

building 

(13) 

#7 Calculate the scale factor 𝛼�̃� (4) 

#8 Design non-dissipative components (3) 
 

Bi-directional behavior of shear-connections 

Step  Equation 

#1 Design vertical joints  (8) 

#2 Design hold-down (16) and (17) 

#3 Calculate rocking strength 𝑀𝑟,𝑖,𝑗 (CP behavior) of each shearwall (10) 

#4 Design of shear-connections (14) 

#5 Calculate the over-capacity coefficient at all storeys  (6) 

#6 Check the ratios between the over-capacity coefficients along the height of the 
building 

(13) 

#7 Calculate the scale factor, 𝛼�̃�, (4) 

#8 Design of non-dissipative components (3) 
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DISCUSSION 

The papers was presented by D Casagrande 

J Brown commented that considering building level and hierarchy of ductility class, 
overstrength of connection might be overly penalizing.  He asked if one would put in 
an overstrength factor cap.  D Casagrande replied that a cap is considered for ductility 
level 2 and the cap for ductility level 3 should not be applied.  

J Brown asked about diaphragm and whether it would be considered as the capacity 
of whole system.  D Casagrande replied that it is important and should be considered.  
How to provide a simple equation is difficult.  G Doudak commented that the influence 
of the diaphragm was not incorporated in the model.  The behaviour of the 
diaphragm was lumped as non‐dissipative element in the paper. 

T Tannert asked if the vertical joint resistance needs overstrength factors.  D 
Casagrande replied no as vertical joints should be as close as possible to the design 
limit.  T Tannert asked about the coupled uplift and shear resistance of shear 
connectors and the uplift resistance might limit the rocking action when overstrength 
factors are adopted.  D Casagrande said that their contribution into the rocking 
strength of the system was accounted for with the assumption that the shear 
connectors did not yield.T Tannert commented that if all the connectors were 
assumed to have similar yielding mechanism, would this approach work with using 
different types of connectors having different yield mechanism in a building.  D 
Casagrande replied that this approach should be applied to traditional connection 
systems and should use similar connections in a building. 

R Jockwer asked how to choose overstrength factor percentile for other dissipative 
connections and limited ductility connections.  D Casagrande replied that these should 
be less than the 95 percentile for the non‐dissipative case but these cases are left 
open for now for further consideration.  Running probabilistic analysis on the failure of 
buildings is needed.O Sisman asked how to consider joint of perpendicular walls and 
would they be considered as dissipative or non‐dissipative cases.  He commented that 
introduction of level 2 and level 3 might be difficult for young practicing engineers to 
learn.  He suggested that combining levels 2 and 3 into a single level would be easier 
and should be considered.  D Casagrande said combining levels 2 and 3 into a single 
level could be considered.  D Casagrande also replied that the connection of 
perpendicular wall should be considered as non‐dissipative connection.  More studies 
on brittle failure mode vs more ductile failure mode should be considered. 

M Fragiacomo commented that the proposal would go into the evaluation process 
soon so receiving timely feedback and suggestions would be important.  Eurocode sets 
the three ductility classes and they cannot be changed.  Properties of steel and its 
scatter would be a concern for overstrength factor.  One might need to provide upper 
limit to their yield strength in future standard. 
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1 Introduction 
In the draft of the Eurocode 5‐1‐2 revision (2020), the charred depth of cross‐lami‐
nated timber (CLT) is modelled using a simplified model, which takes into account 
two different scenarios: linear charring when the bond line integrity is maintained 
and stepwise bilinear charring when the bond line integrity is not maintained. It 
means that fall‐off of charred CLT layers is considered when the bond line integrity is 
not maintained during fire exposure. Numerical simulations based on Finite Element 
(FE) heat transfer models are usually conducted based on the temperature‐depend‐
ent thermal properties for wood and the char layer according to the current Euro‐
code 5‐1‐2 (2004). König & Walleij (1999, 2000) proposed thermal properties for ini‐
tially unprotected and protected timber members. In combination with ENV 1995‐1‐2 
(1997), they formed the basis for the thermal properties of the current Eurocode 5‐1‐
2 (2004). However, it is questionable if these can be used for CLT plates showing mul‐
tiple fall‐offs of charred layers. 

In the frame of an ongoing research project, the fire behaviour and fire resistance of 
CLT rib panels is studied with experimental and numerical analyses. The floor system 
consists of CLT plates rigidly bonded to glued‐laminated timber ribs by means of 
screw‐press gluing. Two different types of cross‐section are studied as shown in Fig‐
ure 1. The experimental results of a series of full‐scale fire tests showed more than 
90 and 120 min of fire resistance and confirmed the assumption of fall‐off of single or 
multiple charred CLT layers. 
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Figure 1. Cross‐section types of CLT rib panel: a) T‐section; b) box‐section. 

This paper focuses on the numerical FE simulations of the charring behaviour of the 
CLT plates exposed to ISO‐standard fire on one side, taking into account multiple fall‐
offs of charred CLT layers. First, numerical simulations of the four tested cross‐sec‐
tions are compared to the experimental results. The temperature‐dependent thermal 
properties are used according to Eurocode 5‐1‐2 (2004) and a fall‐off temperature of 
300°C is defined. The thermal simulations predict a significantly earlier fall‐off of the 
charred CLT layers compared to the experimental results. Next, a new set of thermal 
properties for CLT is presented valid after the first fall‐off. The set was calibrated to 
the experimental result of one tested cross‐section. The validation is made by the 
other three tested cross‐sections. At the end, thermal simulations of further experi‐
mental results of CLT plates are compared to numerical results using the thermal 
properties according to Eurocode 5‐1‐2 (2004) as well as in combination with the 
new set of thermal properties, defined as revision.  

2 Investigations within the framework of the 
project ‘CLT rib panels’ 

2.1 Experimental investigations 

Four full‐scale fire resistance tests on CLT rib panel cross‐sections were performed as 
presented in Figure 2 (A, B, C, and D). Of each cross‐section type, one has been de‐
signed as initially protected cross‐section. The tests were performed according to EN 
1363‐1 (2012) and EN 1365‐2 (2014). The horizontal furnace had a length of 5.20 m 
and a width of 3.00 m. The specimens were simply supported and had three ribs with 
a flange width per rib of 0.933 m. In the test setup, a constant statical load was ap‐
plied uniformly via evenly distributed loading points, whereby the moment in the 
middle of the span corresponded to the target bending moment of the design.  

The furnace was controlled with plate thermometers to follow the ISO standard time‐
temperature curve according to ISO 834‐1 (1999). According to Fahrni et al. (2018), 
inlaid thermocouples of type K‐w‐e‐0.5/2.2/in‐pa measured temperatures parallel to 
the isotherms, between and on top of gypsum plasterboards and CLT layers. They 
were inserted at quarter points over the length during the production and assembly 
of the CLT rib panels. 

CLT panel

Rigid glue line

Screw
(Screw‐press gluing)

Glulam rib

CLT panel

Rigid glue line

CLT panel

Screw
(Screw‐press gluing)

Glulam rib

b)a) 
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Figure 2. CLT rib panel cross‐sections, in [mm]: a) T‐section (A); b) T‐section initially protected 
(B); c) Box‐section (C); d) Box‐section initially protected (D). 

Failure times of the fire protection systems tf,test were defined as the first local fall‐
offs of gypsum plasterboards parts. In the case of initially protected test specimens B 
and D, the start time of charring tch,test was defined when the average temperature on 
the fire‐exposed side of the CLT plate reached 300°C. Sudden increases of the tem‐
perature measurements to the furnace temperature indicated fall‐offs of charred CLT 
layers. The fall‐off times of charred CLT layers t300°C were defined as the average tem‐
perature of 300°C between the CLT layers. After termination of the test, the test 
specimens were lifted from the furnace and extinguished. However, duration of the 
process lasted around 25 min. 

2.2 Numerical investigations 

Advanced design methods were applied for the discussion of the development and 
distribution of the temperatures within the cross‐sections. For this objective, heat 
transfer analyses using 2D FE models were performed as so‐called thermal simula‐
tions modelling the cross‐section of a T‐section or box‐section. The vertical symmetry 
in the middle of the cross section was exploited by modelling it as an adiabatic sur‐
face. Convective and radiative thermal interactions were defined for the outer timber 
surfaces with the coefficient of convection taken as 25 W/(m2K) on heated surfaces 
and 4 W/(m2K) on un‐heated surfaces and emissivity as 0.8 for timber and gypsum 
plasterboards (EN 1991‐1‐2). The standard fire exposure was applied at the bottom 
edge. The top edge was exposed to a constant temperature of 20°C. The simulated 
sections were discretised into rectangular elements. The sizes of the elements varied 
between 4x4 mm2 and 5x5 mm2. The time steps were kept at maximum 5 seconds.  
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The Python programming language (Python Software Foundation 2015) was used to 
generate the FE heat transfer models based on general properties of the cross‐sec‐
tion (layup of CLT, dimension and clear distance of ribs as well as thickness and 
amount of gypsum plasterboards). The thermal simulations were conducted using 
SAFIR®, a nonlinear FE software for modelling structures in fire (Franssen & Gernay 
2017). As criterion for fall‐off of gypsum plasterboards, the fall‐off times observed in 
the fire tests tf,test were used to remove the elements defined as gypsum plaster‐
boards in the FE model. Fall‐offs of charred CLT layers were defined as time steps of 
the thermal simulation when the average temperature between CLT layers exceeded 
300°C. In a further simulation step, the FE model was re‐created without the fallen‐
off layer and the calculation was continued until the next CLT layer has fallen off. 

The heat transfer analyses depend on temperature‐dependent thermal properties 
(thermal conductivity, specific heat capacity and density) defined for CLT, glulam and 
gypsum plasterboards. The thermal properties were used for CLT and glulam accord‐
ing to Eurocode 5‐1‐2 (2004) and for gypsum plasterboards according to FSITB 
(2010). The moisture content of CLT plates and glulam ribs was measured as 10%. 
The mean density of the CLT plates was assumed as 465 kg/m3 according to Stora 
Enso production. The mean density of the ribs certificated as quality of GL 24h was 
assumed as 420 kg/m3 according to EN 14080 (2013). For the gypsum plasterboards, 
the mean density was chosen as 800 kg/m3 according to EN 520 (2009). 

The heat transfer is influenced by the void cavities. For radiation inside the void cav‐
ity, the emissivity of the materials enclosing the void was considered. For convection 
inside the void cavity, the coefficient of convection on unexposed surfaces was used, 
regardless of the temperature of the air in the void. Air movement within the cavity 
was not considered (Franssen & Gernay 2019).  

The screw heads ability to conduct heat was a concern in the case of box‐sections. 
The fire tests showed that the higher heat conduction through the screw head re‐
mained local and did not extend to the screw tip. The fire behaviour of the cross‐sec‐
tion itself remained unaffected. As a result, the screw influence was neglected in the 
thermal simulations. 

2.3 Comparison of experimental and numerical results based on Eurocode 5 

Figure 3 shows the measured temperatures per cross‐section as single and mean val‐
ues of the thermocouples between the layers until test termination. Furthermore, 
the mean temperatures over the length of the CLT and gypsum plasterboard layers 
were taken from the numerical simulations based on the current Eurocode 5‐1‐2 
(2004). The thermal simulations predict a significantly earlier fall‐off of the charred 
CLT layers compared to the experimental results. The error increases with the num‐
ber of fall‐offs of both gypsum plasterboard and of charred CLT layers. The number of 
fall‐offs would have been overestimated by up to three CLT layers. 
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Table 1 provides the experimental, analytical and numerical charring rates of the CLT 
plates until the last experimental fall‐off of charred CLT layers before test termina‐
tion. The analytical results were calculated according to Eurocode 5‐1‐2 revision 
(2020). The charred depths of the CLT plates were estimated according to the simpli‐
fied design method including fall‐off of charred CLT layers. After fall‐off of gypsum 
plasterboard or of a charred CLT layer, the charring rate β0 for solid wood of 
0.65 mm/min is doubled to 1.30 mm/min until the charred layer reaches a thickness 
of 25 mm. Then, the charring rate decreases again to the basic value of the charring 
rate β0. In the case of initial protection, encapsulated phases (no charring) and pro‐
tected charring phases (decreased charring rate) were defined by the estimated start 
times of charring tch,EC5 and the estimated fall‐off times of gypsum plasterboards tf,EC5. 

The fall‐offs of gypsum plasterboards are well predicted according to Eurocode 5‐1‐2 
revision (2020). The simplified design method including fall‐off of charred CLT layers 
leads to safe results for the charring rate in the CLT plates. However, the numerical 
charring rates are not only higher than the experimental but also higher than the an‐
alytical charring rates, giving an incorrect prediction of the fire behaviour of the CLT 
plates. As advanced design method, the thermal simulations should lead to less con‐
servative predictions than the simplified design method and should be able to predict 
the actual behaviour. The exception is the initially unprotected cross‐section A with 
only one fall‐off of a charred CLT layer, showing a charring rate close to the charring 
rate β0 for solid wood of 0.65 mm/min. 

Table 1. Start times of charring tch, failure times of the fire protection system tf, and charring rates of 
the CLT plates βCLT = dchar/(t300°C‐tch) of experimental, analytical and numerical results. 

Test  
specimen 

Type  
of cross‐
section 

tch,test 

[min] 

tf,test 

[min] 

tch,EC5 

[min] 

tf,EC5 

[min] 

tch,sim 

[min] 

tf,sim 

[min] 

Charring 
progress 
until  

fall‐off of 

βCLT,test 

[mm/ 

min] 

βCLT,EC5 

[mm/ 

min] 

βCLT,sim 

[mm/ 

min] 

A  T‐section  Initially unprotected  1st layer  0.63  0.65  0.64 

B  T‐section  55  55  49  58  55  55  1st layer  0.67  0.82  1.16 

C 
Box‐sec‐
tion 

Initially unprotected  4th layer  0.84  1.02  1.23 

D 
Box‐sec‐
tion 

20  30  24  28  20  30  3rd layer  0.89  1.07  1.42 

 

3 New set of temperature‐dependent thermal 
properties 

3.1 Calibration and validation 

The fall‐off temperature of the charred CLT layers was defined as 300°C for the ther‐
mal simulations. The definition agreed well with the experimental results, where the 
temperatures started to increase between 200 and 300°C. As a result, the definition 
of the fall‐off temperature was not used for adjustment in the calibration. 
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Figure 3. Experimental and numerical temperatures based on the current Eurocode 5‐1‐2 (2004) 
(until test termination): a) A; b) B; c) C; d) D. 
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König & Walleij (1999) have proposed temperature‐dependent thermal properties for 
initially unprotected and protected timber members as basis for the current Euro‐
code 5‐1‐2 (2004). The thermal properties were calibrated to test results of initially 
unprotected linear timber members. Calibrated thermal properties were called “ef‐
fective”. To fit the test results of initially protected members, they had to adjust the 
thermal simulations. In this paper, these thermal properties were re‐calibrated to 
take into account the post‐fall‐off behaviour of timber. After removing fallen‐off lay‐
ers in the FE model, the time‐temperature dependence of the thermal properties 
must be different, since the relationship between time and temperature differs com‐
pared to the ISO‐standard time‐temperature curve. It was aimed at reducing the con‐
ductive heat transfer after fall‐off of both ‐ the fire protection system or a charred 
CLT layer ‐ by revising the thermal properties of the current Eurocode 5‐1‐2 (2004). 
This should be achieved by an evolution of the given Eurocode 5‐1‐2 values rather 
than a revolution. A conventional calibration was conducted minimizing the error of 
the fall‐off time of the first charred CLT layer in the case of cross‐section B between 
experimental result t300°C,test and numerical result t300°C,sim (see Figure 3).  

The best fit is presented in Figure 4 and Table 2. Changes in the given Eurocode 5‐1‐2 
(2004) values were based on literature and physical knowledge. The new set of ther‐
mal properties is based on two changes: 

 An endothermic reaction heat was included during pyrolysis. 
 The effect of thermal insulation by the char layer was increased. 

In the literature, a controversial discussion was found whether the pyrolysis can be 
considered as endothermic or exothermic (Fredlund 1988, Roberts 1971, Mehaffey et 
al. 1994). König & Walleij (1999) concluded after their calibration that the reaction 
heat during pyrolysis could be neglected. In this paper, an endothermic reaction heat 
was included between 200 and 350°C as triangular distribution for the specific heat 
capacity following Frangi (2001) and Schleifer (2009). For the activation of the pyroly‐
sis, an endothermic reaction heat qpyr of 370 kJ/kg was considered according to Rob‐
erts (1971). This reaction heat corresponds to the triangular area under the curve of 
the specific heat capacity between 200 and 350°C. 

As second step, the thermal insulation of the char layer was increased. The literature 
was searched for lower thermal conductivities for temperatures above 350°C. After 
comparison of Janssens (1994), Mehaffey et al. (1994) and Thomas (1997), the distri‐
bution of the thermal conductivity was adapted between 350°C and 1200°C accord‐
ing to the value of 0.18 W/(mK) at 800°C of Janssens (1994).  

3.2 Comparison of experimental and numerical results based on the revision 

Thermal simulations of all cross‐sections were performed using the new set of ther‐
mal properties for CLT after fall‐off of the fire protection system (cross‐sections B and 
D) or fall‐off of the first charred CLT layer (cross‐sections A and C).  
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Figure 4. New set of thermal properties for CLT valid after the first fall‐off: a) Thermal conductivity; 
b) Specific heat capacity; c) Density to dry density ratio. 

Table 2. New set of thermal properties for CLT valid after the first fall‐off: Specific heat capacity; 
Thermal conductivity; Density to dry density ration (revised values are highlighted in bold). 

Temperature  Thermal conductivity  Specific heat capacity  Density to dry density ratio 

θ λ90,θ,revised  cθ,revised  ρθ/ρdry 

[°C]  [W∙m‐1∙K‐1]  [kJ∙kg‐1∙K‐1]  [‐] 

20  0.120  1.53  1.10 

99  0.133  1.77  1.10 

100  0.133  13.60  1.10 

120  0.137  13.50  1.00 

121  0.137  2.12  1.00 

200  0.150  2.00  1.00 

250  0.123  4.91  0.93 

275  0.110  6.36  0.85 

300  0.097  4.91  0.76 

350  0.07  0.85  0.52 

400  0.082  1.00  0.38 

500  0.107  1.20  0.33 

600  0.131  1.40  0.28 

800  0.180  1.65  0.26 

1200  1.50  1.65  0.00 

 

In this paper, this combination of thermal properties of the current Eurocode 5‐1‐2 
(2004) and the new set is called the revision. Figure 6 compares on the right side the 
experimental temperatures between the layers per cross‐section with the numerical 
temperatures based on the revision. It shows graphically the reduced or even elimi‐
nated error between experimental and numerical results. The number of fall‐offs 
would not have been overestimated. Figure 6 illustrates on the left side the charred 
depths in the CLT plates from start time of charring until test termination. Table 3 
provides the experimental, analytical and numerical charring rates of the CLT plates 
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until last experimental fall‐off of charred CLT layers. The experimental and analytical 
results remain unchanged compared to Table 1. The numerical charring rates are 
now in a reasonable range, giving a safe prediction of the charring behaviour of the 
CLT plates without being overly conservative. 

Table 3. Start times of charring tch, failure times of the fire protection system tf, and charring rates of 
the CLT plates βCLT = dchar/(t300°C‐tch) of experimental, analytical and numerical results (values based 
on the revision are highlighted in bold). 

Test  
specimen 

Type  
of cross‐
section 

tch,test 

[min] 

tf,test 

[min] 

tch,EC5 

[min] 

tf,EC5 

[min] 

tch,sim 

[min] 

tf,sim 

[min] 

Charring 
progress 
in CLT 

βCLT,test 

[mm/ 

min] 

βCLT,EC5 

[mm/ 

min] 

βCLT,sim 

[mm/ 

min] 

A  T‐section  Initially unprotected  1st layer  0.63  0.65  0.64 

B  T‐section  55  55  49  58  55  55  1st layer  0.67  0.82  0.69 

C 
Box‐sec‐
tion 

Initially unprotected  4th layer  0.84  1.02  0.90 

D 
Box‐sec‐
tion 

20  30  24  28  20  30  3rd layer  0.89  1.07  0.93 

 

Figure 5 shows the errors per CLT layer of each cross‐section. The error between ex‐
perimental and numerical results of cross‐section B could thus be corrected from 25 
to 3 min. The error of cross‐section A remained unchanged, as there was no further 
fall‐off of charred CLT layers. Likewise, the error of the first layer of cross‐section C 
remained unchanged, since the revised properties apply only after the first fall‐off. 
However, the errors of the following layers of cross‐sections C and D were reduced 
significantly or could even be eliminated. The error of the second layer of cross‐sec‐
tion C is still comparatively high. Here, fall‐off occurred in the test at very low tem‐
peratures (< 100°C) and the charring progressed in a relatively short time (see Figure 
6), which is difficult to interpret.  

 
Figure 5. Error between experimental and numerical fall‐off times of charred layers per cross‐
section (until test termination) comparing : a) Based on Eurocode 5‐1‐2 (2004); b) Based on the 
revision. 
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Figure 6. Experimental and numerical temperatures based on the revision and the corresponding 
charred depths in the CLT plates incl. analytical results based on the current Eurocode 5‐1‐2 (2004) 
(until test termination): a) A; b) B; c) C; d) D. 
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4 Comparison of experimental with numerical 
results of a database 

Further experimental results of initially unprotected CLT slabs were collected into a 
database. They were exposed to standard fire and showed more than one fall‐off. Ta‐
ble 4 summarizes the 20 fire tests of the database. Thermal simulations were con‐
ducted using the thermal properties according to Eurocode 5‐1‐2 (2004) as well as 
the revision. The sizes of the elements were defined as 1x1 mm2 with a CLT width of 
10 mm. The time steps were kept at 1 second. 

 
Figure 7. Comparison of experimental and numerical charring rates of the database: 
 a) Based on Eurocode 5‐1‐2 (2004); b) Based on the revision. 

Figure 7 presents the numerical results of the charring rates of the single CLT plates 
in comparison with the experimental charring rates. The difference between numeri‐
cal and experimental charring rates is expressed by the root mean square error 
(RMSE). The revision fits three times better the experimental data (RMSE = 
0.09 mm/min) than the current Eurocode 5‐1‐2 (2004) (RMSE = 0.31 mm/min). The 
comparison based on the revision shows a relationship between experimental and 
numerical charring rates on the safe side or within an error corridor of 10%. Figure 7 
distinguishes between different layer thicknesses (10 – 40 mm) and number of fall‐
offs of charred CLT layers (2 – 5 fall‐offs). The latter can also be associated with 
longer fire exposure times. Bigger layer thicknesses and less fall‐offs lead to results 
close to the charring rate β0 for solid wood of 0.65 mm/min. Smaller layer thicknesses 
and multiple fall‐offs result in higher charring rates up to 1.1 mm/min. 

5 Conclusion 
The temperature‐dependent thermal properties according to the current Eurocode 
5‐1‐2 (2004) were not calibrated to model the post‐fall‐off behaviour of timber. This 
paper proposes a new set of thermal properties for CLT exposed to standard fire 
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from one side to take into account the post‐fall‐off behaviour. It is valid after the first 
fall‐off of the fire protection system or a charred CLT layer. The combination of Euro‐
code 5‐1‐2 (2004) and the new set is called the revision. The revision was validated 
for CLT layers of thicknesses between 10 and 40 mm. The authors propose to con‐
sider the introduction of the new set of thermal properties into the Eurocode 5 revi‐
sion. 
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DISCUSSION 

The papers was presented by  M Kleinhenz 

S Winter commented the study only looked for the resistance with minimum 
insulation.  He questioned why 300 °C as failure criterion was used and that seemed 
to be high for PU adhesives.  He also asked physical explanations for the thermal 
properties considered.  M Kleinhenz said that in this INTER paper only resistance was 
considered and not EI and would deal with other issues in future work.  The 300 °C 
was chosen based on previous furnace test results (observation of fall off) and will 
confirm with own small scale fire tests when equipment becomes available.  M 
Kleinhenz replied about the physical explanation as C� having two peaks.  The first 
peak corresponded with water going out.  As energy was needed for pyrolysis to turn 
the timber into charcoal, it makes physical sense to have the second peak.  S Winter 
commented that water wave / moisture movement condensation might be the 
physical reason. 

G Montgomery questioned why one laminar without cross layer was considered in 
slide 7.  M Kleinhenz said the member was assumed to be able to still take a load but 
this might not be realistic.  G Montgomery asked whether this could be seen in the fire 
test.  M Kleinhenz said it was not possible to see this with the flaring up.  G 
Montgomery said it would be more likely to fall off when the second layer fell off. 

G Montgomery asked why specimen C with no drywall layer was more variable.  M 
Kleinhenz said more small scale fire tests would be done for these boxes.  G 
Montgomery received confirmation that the loading applied were typical live and 
dead loads. 

G Montgomery asked if Eurocode accounts for the fall off from the glue bond.  M 
Kleinhenz replied that it would be included in future Eurocode with step model. 

S Aicher commented on the case of CLT and GLT working as a T Beam with or without 
insulation.  He said the main problem would be the bond between the GLT beam and 
the CLT plate where temperature dependency of the PU adhesive would play a major 
role.  The 300 °C would not be appropriate for the PU adhesive where 180 °C to 230 °C 
would be more appropriate.  M Kleinhenz agreed about the lower temperature in 
general but the 300 °C adopted in the project would be correct.  The glueline was not 
considered in design as rigid connections under fire.  Image results showed that at 
300 °C the glueline would still be intact.  S Aicher said that the size of the beam is 
important here in term of fire performance of the bondline.  He also said that ETA of 
these T Beam products does not allow rigid connection consideration.  A Frangi added 
that the width of the beam was very important here and 300 °C was well established 
based on falling off observed in tests.  

B J Yeh commented that in N. America char layer falling off issues was tightened by 
adhesive requirements.  He asked how to verify assumptions at the moment of char 
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layer falling off.  M Kleinhenz said the model assumed that all elements reaching 
300°C were omitted and the model agreed well with results.  B J Yeh asked what 
temperature would be assumed at the fresh layer at the moment of falling off.  M 
Kleinhenz said an instantaneous temperature jump was assumed.  

G Ravenhorst received confirmation that there was one test per cross section.  He 
asked about result repeatability with only one test.  M Kleinhenz said the model 
agreed well with results except one case and would like to redo this configuration 
when equipment becomes available.   
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1 Introduction 
1.1 Background: Calibration of the present Eurocode 5-1-2 

The introduction of the Eurocodes in the 1990ies was not only a harmonization of 
structural design codes1 in Europe, but also a transition from “allowable stress de-
sign” (ASD) to the semi-probabilistic “load and resistance factor design” (LRFD). This 
meant that “safety” is provided by the application of partial (safety) factors and the 
use of a fractile value for properties with a significant scatter such as the strength and 
the loads. It was proposed that for the strength of any material the 5% fractile is ap-
plied. At the same time, the code format of Eurocode 5-1-2 should result in compara-
ble designs as the previous timber codes, which was achieved by calibrating the par-
tial factor for the strength. However, as it resulted in a value below one, which sub-
jectively does not imply “safety”, it was decided to keep the partial factor at one, like 
for all other materials’ strength in fire. In turn, its fractile was increased from 5% to 
20%, which had roughly the same effect (König, 2005). However, this change of the 
fractile was recently questioned since it deviates from all other materials and shall 
thus be reconsidered in the current revision of the Eurocodes.  

1.2 Relative code calibration 

With the choice to calibrate the new code to result in comparable designs as the pre-
vious codes, the standardization committee considered the present safety level at 

1 “code”: the word “code” is understood as synonym to “standard”. For consistency with the “code calibration” literature and the 
Eurocode, the word “code” is used instead of “standard”. 
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that time as sufficient. This safety level can quantitatively be expressed in terms of 
the mean reliability index of structures designed after the previous code. Such a code 
calibration is called “relative”, since its target is derived in relation to another code 
(Fahrni et al. 2020). It contrasts “absolute” code calibrations, where the targeted reli-
ability index is derived from cost optimizations and/or taken from a code (e.g. Euro-
code (2002) Table B.2).  

In contrast to the calibration of the present Eurocode 5-1-2 (2004), the calibrations 
presented here for the investigation of the 20% fractile are not only relative, but also 
based on reliability analysis. Thus, they do not only try to match the previous reliabil-
ity level on average, but also minimize the reliability scatter among the reference 
structures, which represent the scope of the code format. An absolute calibration on 
the basis of the target reliability index given in the Eurocode (EN 1990, 2002) would 
have the drawback that unavoidable biases (Massini, 2019) in the reliability models 
would significantly bias the calibration results. In a relative code calibration, the tar-
get reliability index is calculated using the same (biased) reliability models as are used 
in the the calibration. Thus, the biases roughly cancel out (Fahrni et al. 2019, Fahrni 
2021).  

1.3 Outline 

The herein presented reliability analyses and code calibrations are done for timber 
exposed to standard fire. This means a significant bias to the reliability index, because 
it will not represent the reliability for the real fire situation, but for a certain standard 
fire exposure. Since the presented calibration is relative, this bias is unproblematic.  

A similar code calibration was already presented at INTER 2019 (Fahrni et al., 2019). It 
has already been shown that lowering the fractile to the typical 5% while maintaining 
the mean reliability level will significantly increase the reliability scatter among the 
reference structures. In Fahrni et al. (2019), the effective cross-section method (ECM, 
e.g. Schmid et al. 2015 (as “reduced cross-section method”)) was used as the reliabil-
ity model for resistance by replacing the strength and the charring rate by probabilis-
tic distributions. By using the same model in the code format and in the reliability 
model, model biases are not captured in the calibration. For the final calibrations pre-
sented herein, the reliability model should be as accurate as possible and conse-
quently be able to capture biases in the ECM.  

Finite-element simulations are considered an accurate basis for the subsequent deri-
vation of a reliability model (Chapter 2). The finite-element simulations cannot di-
rectly be used as a reliability model due to its computational effort. During one relia-
bility analysis, the reliability model is evaluated several times. Since one code calibra-
tion consists of several reliability analysis for each reference structure, a reliability 
model ideally is just an analytical formula. For this reason, analytical models for the 
fire resistance of timber beams exposed to standard fire were fitted to the finite-ele-
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ment simulations. For beams exposed on the sides and the underside, a new analyti-
cal resistance model was developed and fitted: the corner rounding model (CRM) 
(Chapter 4).  

Since the finite-element simulations were done on the basis of the material proper-
ties given in Eurocode, it provides the chance to compare the “advanced design 
method” with the “simplified design method”, in particular the ECM (Chapter 3). 
Based on this comparison, it was decided to increase the zero-strength layer (ZSL) in 
the final draft of Eurocode 5-1-2 (2021).  

The final code calibrations are shown in Chapter 5. 

 

2 Simulations 
The finite-element simulations were done with Abaqus Standard 2019, following the 
requirements and recommendations given in the present Eurocodes 1-1-2 (2002) and 
5-1-2 (2004). This included the temperature dependent material properties for the 
density, heat capacity and conductivity, and the strength and stiffness reduction fac-
tors given in the present Eurocode 5-1-2 (2004) (König & Walleij 2000, ENV 1995-1-2 
1994). A density of 420 kg/m3 and a moisture content of 12% were used.  

The simulations should cover the full range of reference structures considered in the 
code calibration. Due to the high effort for finite-element simulations, it was decided 
to consider only beam structures in the code calibration. Two different exposures 
were considered: (1) on the underside and the sides and (2) on the underside only. 
With only the bottom exposed, beam structures have similarities to solid timber pan-
els (STP) and cross-laminated timber (CLT).  

Six beam widths (every 50 mm from 100 to 350 mm) with three aspect ratios (width 
to height) each were simulated with standard fire exposures of 30, 60, 90 and 120 
minutes for three-sided exposure. Only structures where the fire situation realistically 
gets decisive were taken into account, i.e. structures where the section modulus in 
fire 𝑊𝑓𝑖 is between 10% and 50% of the section modulus at ambient temperature 

𝑊𝑝𝑒𝑟𝑚 . In total 31 simulations were considered for three exposed sides (Table 1).  

Nine different beam heights (every 25 mm from 50 to 250 mm) for one-sided expo-
sure were simulated. Fire durations of 30, 60, 90 and 120 minutes were analyzed. 16 
configurations were within the range of considered resistance ratios (Table 2).  

The ultimate bending resistance was simulated in an uncoupled analysis: First, the 
temperature development in the beams over time was simulated. In the second step, 
the beams are “tested” in a four point bending setup past the ultimate load (Fig-
ure 1). The length of the beams was chosen as six times its height. The loads were ap-
plied over the full width and a length of 50 mm at every third of the beam length. The 
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fire exposure did not consist of the outermost quarters, to allow for a load applica-
tion in compression from below. Since the setup is double-symmetrical, only one 
quarter had to be modeled.  

 

Figure 1: Setup of the 4-point bending simulations. Symmetries (thick lines) were exploited so that 
only one quarter (shaded) had to be modeled. Sides and the underside exposed to fire in the middle 
section. Load application and support at every third of the length and distributed over an area. 

 

Figure 2: Left: exemplary load displacement curve indicating all increments as crosses. Right: stress 
state on the symmetry planes at the ultimate load (indicated as a circle on the left). Failed elements 
were removed. 

The material was modeled as linear elastic and perfectly brittle (in tension). In com-
pression, neither failure nor plasticity was modeled. If the considered four point 
bending setup was simulated without the fire exposure, the first element failure in 
the tension zone would occur when the maximum bending capacity was reached. 
Considering the elevated temperatures in the tension zone, this is not valid anymore, 
since the loads of the first failing elements can typically be taken by other, colder, el-
ements. In addition, not necessarily the outermost elements fail first (Figure 2), which 
is a consequence of the difference in the strength and stiffness reduction factor. For 
this reason, it is important that the finite-element simulation works post the first fail-
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ing elements. To avoid convergence problems, a user subroutine (USDFLD) was exe-
cuted between every increment. It (1) deactivates elements when they were stressed 
beyond their strength and (2) chooses the next increment wisely, to have large incre-
ments where no failure occurs and minimal increments at failure to minimize the 
overestimation of the ultimate load (Fahrni 2021).  

Table 1: Effective section modulus 𝑊𝑠𝑖𝑚 for each simulated beam exposed on the underside and the 
sides. Additionally, the relative resistance in fire and the deviations of the section modulus according 
to Eurocode 5-1-2 (2004) and (2021) and the calibrated corner rounding model (CRM) are given.  

b h t 𝑊𝑠𝑖𝑚 

𝑊𝑓𝑖

𝑊𝑝𝑒𝑟𝑚
 

𝑑𝑒𝑣2004 𝑑𝑒𝑣2021 𝑑𝑒𝑣𝐶𝑅𝑀,𝑐𝑎𝑙 

[mm] [mm] [min] [103 mm3]     

100 200 30 163 24.5% -32.9% -10.8% -0.2% 

100 300 30 428 28.5% -26.8% -7.1% -0.2% 

100 400 30 808 30.3% -25.7% -6.8% -1.5% 

150 300 30 1076 47.8% -7.7% 1.3% 4.1% 

150 300 60 405 18.0% -34.7% -16.3% -1.5% 

150 450 60 1094 21.6% -27.4% -11.0% 0.1% 

150 600 60 2073 23.0% -26.9% -11.1% -1.3% 

200 400 60 1886 35.4% -11.0% -2.7% 2.9% 

200 400 90 919 17.2% -18.6% -4.8% -0.2% 

200 600 60 4610 38.4% -11.9% -4.2% 0.4% 

200 600 90 2411 20.1% -16.5% -3.7% -1.0% 

200 800 60 8508 39.9% -12.7% -5.2% -1.1% 

200 800 90 4591 21.5% -16.1% -3.6% -1.9% 

250 500 60 4900 47.0% -5.2% 0.3% 3.7% 

250 500 90 3163 30.4% -7.2% 0.1% 1.7% 

250 500 120 1806 17.3% -5.0% 5.7% -0.5% 

250 750 60 11687 49.9% -6.5% -1.4% 1.4% 

250 750 90 7867 33.6% -7.8% -1.0% 0.0% 

250 750 120 4735 20.2% -3.9% 6.1% -0.8% 

250 1000 90 14628 35.1% -8.4% -1.8% -1.2% 

250 1000 120 9018 21.6% -3.8% 5.9% -1.3% 

300 600 90 7296 40.5% -2.7% 2.3% 3.1% 

300 600 120 5056 28.1% -0.8% 5.5% 1.4% 

300 900 90 17679 43.7% -3.9% 0.7% 1.2% 

300 900 120 12692 31.3% -1.4% 4.5% 0.2% 

300 1200 90 32489 45.1% -4.8% -0.3% 0.0% 

300 1200 120 23703 32.9% -2.0% 3.7% -0.7% 

350 700 90 13824 48.4% -0.5% 3.3% 3.8% 

350 700 120 10549 36.9% 1.6% 6.0% 2.9% 

350 1050 120 25830 40.2% 0.3% 4.5% 1.3% 

350 1400 120 47694 41.7% -0.6% 3.4% 0.3% 
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Table 2: Effective section modulus 𝑊𝑠𝑖𝑚 for each simulated beam exposed on the underside. Addi-
tionally, the relative resistance in fire and the deviations of the section modulus according to Euro-
code 5-1-2 (2004) and (2021) and the calibrated effective cross-section method (ECM) are given. 

h t 𝑊𝑠𝑖𝑚 

𝑊𝑓𝑖

𝑊𝑝𝑒𝑟𝑚
 

𝑑𝑒𝑣2004 𝑑𝑒𝑣2021 𝑑𝑒𝑣𝐸𝐶𝑀,𝑐𝑎𝑙 

[mm] [min] [mm3/mm’]     

50 30 60 14.4% -53.1% -0.1% 0.3% 

75 30 315 33.6% -24.5% -2.5% -2.3% 

100 30 816 49.0% -10.3% 2.8% 2.9% 

100 60 363 21.8% -33.7% -5.7% -1.9% 

125 60 862 33.1% -20.6% -3.0% -0.5% 

150 60 1654 44.1% -9.0% 3.2% 4.9% 

125 90 456 17.5% -29.5% 1.1% -4.4% 

150 90 1022 27.2% -16.5% 3.3% -0.3% 

175 90 1809 35.4% -10.5% 4.2% 1.5% 

200 90 2886 43.3% -4.5% 6.9% 4.8% 

225 90 4210 49.9% -0.7% 8.5% 6.8% 

150 120 598 15.9% -17.8% 12.6% -3.9% 

175 120 1231 24.1% -9.7% 11.2% -0.3% 

Figure 2 shows an exemplary stress displacement plot and the stress state at the ulti-
mate load. Table 1 and Table 2 present the setups and results of the considered 
structures. Since the actual moment resistance is linearly dependent on the strength, 
the results are provided in terms of the effective section modulus Wsim instead of the 
moment.  

 

3 Comparison between simplified and advanced 
design methods 

Since the material model in the finite-element simulations is linear elastic and does 
not involve plasticity, it is equivalent to the material model applied in resistance cal-
culations on the basis of the ECM. The main difference between the advanced 
method (FE) and the simplified design method (ECM) is the modelling of the charring 
and strength/stiffness reduction. The results from FE can be considered more accu-
rate e.g. because they consider the rounded corners due to charring from multiple 
sides appropriately. Thus, it is interesting to compare the resistance from the analyti-
cal model (ECM) Ranalytical with the accurate resistance Rsim from finite-element simula-
tions. It is useful to describe the deviation of the ECM from the finite-element simula-
tion in relative terms. Positive deviations are conservative: 

dev = (Rsim- Ranalytical)/Rsim (1) 

Figure 3 (a) shows the relative deviations of the resistances with the ECM imple-
mented in the present Eurocode 5-1-2 (𝛽 = 0.65 mm/min for underside exposed and 
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𝛽 = 0.7 mm/min for side and underside exposed, 𝑑0 = 7°mm) as a function of the 
fire resistance. All deviations are also presented in Table 1 and Table 2. As can be 
seen, the fire resistances are overestimated the most for fire durations of 30 min. 
With increasing fire resistance, the overestimation reduces. The resistance overesti-
mations are up to 53% and thus actually not tolerable. To reduce this time-depend-
ent discrepancy between the simplified and the advanced design methods it is pro-
posed to increase the ZSL 𝑑0 to 10 mm (Eurocode 5-1-2, 2021). Since this affects the 
shorter fire resistances more than longer ones, the time dependent deviation is sig-
nificantly reduced (Figure 3 (b)). Additionally, the charring rate of beams exposed 
only on the underside was increased to 𝛽 = 0.7 mm/min, same as for multi-sided ex-
posure.  

      

 (a) EN 1995-1-2:2004 (b) EN 1995-1-2:2021 (Final Draft) 

Figure 3: Comparison between the parametrisations of the ECM in respect of their relative resistance 
deviations from 3D FE simulations. Negative values indicate overestimations of the resistance of the 
ECM; see Formula (1).  

The discrepancy between the simplified and the advanced method in the present Eu-
rocode 5-1-2 (2004) is likely caused to a significant degree by different temperature 
dependent reduction factors for strength and stiffness: The properties for the ad-
vanced calculation method in Eurocode 5-1-2 are mainly based on König & Walleij 
(2000), which derived the reduction factors by calibrating them to large-scale stand-
ard fire tests. However, the ZSL of 7 mm was chosen based on Schaffer et al. (1986) 
(actually 0.3 in = 7.6 mm), who derived it applying lower temperature dependent 
strength reductions. Those reduction factors were derived from small, defect-free 
samples from various species. However, the main author himself stated that “consid-
erable recent research indicates that temperature and moisture change response of 
defect-free wood differs significantly from that of lumber and timbers containing 
knots, checks, and slope-of-grain defects” (Schaffer 1984, p.5). Thus, the proposed 
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increase of the ZSL can be considered as a harmonization between the simplified and 
advanced design method on the basis of the most accurate available properties.  

The back calculation of the ZSL from tests is delicate since several uncertain proper-
ties have to be assumed. Schmid et al. 2014 reviewed many fire resistance tests and 
back calculated the ZSL as accurate as possible, also giving a qualitative certainty of 
the result. It could be seen that (1) the scatter among tests is large (from -6 mm to 
40 mm) and (2) the average of the most certain results is roughly 12 mm for bending.  

A neat test series to derive ZSLs is presented in Lange et al. (2014). They calculated a 
ZSL of 15 mm based on tests, where the properties used in the back calculation were 
known more accurately than probably in any other publication.  

Considering the test evidence, the proposed increase of the ZSL from 7 mm to 10 mm 
for bending is not necessarily conservative yet and certainly justified.  

 

4 Analytical resistance models 
4.1 Corner rounding model 

The analytical resistance model used in the reliability analysis must be able to repro-
duce the resistance from the finite-element simulations, i.e. the accurate resistance 
of the beam at a given time. For beams exposed on the underside and the sides, it is 
essential to consider the rounding of the corners appropriately, which has a more 
pronounced effect for smaller beams than for larger ones. For this reason, the analyt-
ical corner rounding model (CRM) was developed (Fahrni, 2021). In addition to the 
effective charring depth 𝑑𝑒𝑓, which is defined analogous to the ECM in Eurocode 5, it 

introduces the corner rounding radius. Two phases are differentiated (Figure 4):  

 

Figure 4: Corner rounding model for charring from three sides (grey). The diagonally shaded areas 
are in conceptual relation with each other. The dashed line shows the idealistic rectangular 
remaining cross-section according to the ECM. 
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In phase 1, the corner radius is given by the multiplication of the effective charring 
depth with the factor 𝑘𝑟: 

𝑟1 = 𝑘𝑟 ⋅ 𝑑𝑒𝑓  (2) 

The area considered as charred due to the corner rounding can be conceptually seen 
as the compensation for the rectangular corner area, which is “charred from two 
sides” (Figure 4). A value of 𝑘𝑟 ≈ 2.16 would imply that both areas are identical. 
However, the calibrated 𝑘𝑟 values are significantly lower (see Table 3) and thus the 
area 𝐴𝑢 is uncompensated: 

𝐴𝑢 = 2 ⋅ 𝑑𝑒𝑓 (1 − 𝑘𝑟
2 (1 −

𝜋

4
))  (3) 

Phase 1 is applicable until the two adjacent quarter-circles touch each other. In the 
subsequent phase 2, the radius is given by: 

𝑟2 =
𝑏𝑒𝑓

2
  (4) 

To make sure that the uncompensated area continues to follow equation 3, the char-
ring depth 𝑑𝑒𝑓,2 on the fully rounded side is given by: 

𝑑𝑒𝑓,2 =
𝑟2

2𝜋

2
+𝑏𝑑𝑒𝑓−𝐴𝑢

𝑏−2⋅𝑑𝑒𝑓
− 𝑟2  (5) 

Further details on the corner rounding model and the analytical formula to calculate 
the section modulus are presented in Fahrni (2021). 

The charring rate, the ZSL and the corner rounding factor 𝑘𝑟 were calibrated sepa-
rately for each fire resistance. The charring rates are considered as they result from 
one-dimensional heat transfer finite-element simulations based on the properties in 
Eurocode 5-1-2 (Table 3). The 300°C isotherm was considered to represent the char-
ring depth. The ZSL and 𝑘𝑟 were then calibrated to represent the section modulus of 
the simulated beams (Table 1) as close as possible. The deviations between the CRM 
and the simulations are also shown in Table 1. The standard deviation of the relative 
error over all four fitted fire resistances is 1.8% (Fahrni 2021). Thus, the CRM is con-
sidered to represent the resistance appropriately and the remaining error is covered 
by the general model error term in the reliability analysis.  

Table 3: Charring rate matching the charring depth of the finite-element simulations and calibrated 
properties of the effective cross-section method (ECM) for underside exposed beams and the corner 
rounding model (CRM) for beams with three-sided exposure.  

  ECM CRM 

𝑡 𝛽 𝑑0 𝑘𝑟 𝑑0 

[min] [mm/min] [mm] [-] [mm] 

30 0.738 8.9 0.61 9 

60 0.688 11.6 0.41 11.9 

90 0.654 12.7 0.32 13.9 

120 0.629 13.5 0.26 15.9 
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4.2 Effective cross-section method 

For beams exposed on the underside only, the analytical resistance model for the re-
liability analysis bases on the ECM. However, the time-dependent and accurate char-
ring rates (Table 3) are used and the ZSL is calibrated to represent the resistance 
from the corresponding finite-element simulations. The calibrated ZSL are shown in 
Table 3 and the deviations from the simulations are presented in Table 2.  

The standard deviation of the relative error over all four fitted fire resistances for 
beams exposed on the underside is 3.7% (Fahrni 2021). The main cause for the 
slightly larger error compared to the CRM is that only one property is calibrated in 
the ECM compared to two in the CRM, providing less potential for optimization.  

 

5 Reliability comparison 
5.1 Reference structures and reliability models 

From a reliability point of view, the present and the proposed code formats should 
not actually be compared based on resistances (as done in chapter 3), but based on 
the resulting scatter in the reliability indices of reference structures representing the 
scope of the code. In the calibrations presented herein, the reference structures con-
sist of beams of varying length (3 to 20 m), aspect ratio (height/width from 2 to 6), 
fire exposure (one/three-sided), fire resistance (30/60/90/12 min), permanent load 
(1 to 4 kN/m2) and variable load (dwelling, office). The reliability indices for the fire 
design situation and for the permanent design situation were calculated for totally 
960 reference structures. 504 structures, where the reliability index in the fire design 
situation was smaller (i.e. decisive) were then considered in the code calibration.  

The following six properties were modelled as random properties in the code calibra-
tion: permanent load, variable load, variable load model uncertainty, resistance, re-
sistance model uncertainty, charring rate. The details and the background of all the 
properties are given in Fahrni (2021).  

5.2 Code formats 

5.2.1 Introduction 

Three different code formats were analysed and/or calibrated: The present Euro-
code 5-1-2 (2004), the final draft of Eurocode 5-1-2 (FD, 2021) and a modification of 
the final draft (FD mod), where the differentiation of the charring rate for one-sided 
or multi-sided exposure is reintroduced (0.65 mm/min and 0.70 mm/min).  

The comparison between the different analysed and calibrated code formats is done 
in terms of the error term, summing the differences between the mean/target relia-
bility index 𝛽𝑡 and the reliability index 𝛽𝑖 of each reference structure:  

𝐸 = ∑
(𝛽𝑖−𝛽𝑡)2

𝛽𝑡
2  (6) 
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In the calibrations, the error term is minimized by adapting the respective partial fac-
tors and eventually the ZSL.  

All analysed code formats including the predefined and calibrated properties and the 
resulting error term are shown in Table 4. A comparison of the resulting reliability 
scatters is shown in terms of box plots in Figure 6. The detail, i.e. all the single reliabil-
ity indices separated by the variable load, the exposure and the fire resistance are 
shown in Figure 5.  

Table 4: Setup and results of the analysed code formats based on present Eurocode 5-1-2 (2004), the 
final draft (FD) and the modified final draft (FD mod). Values in parentheses are not calibrated, but 
predefined. Mean/target reliability (𝛽𝑡), fractile of the strength in fire (𝜑𝑀), partial factor of the 
strength in fire (𝛾𝑀) and the charring rate (𝛾𝛽), zero-strength layer (𝑑0), error term (𝐸) and the error 
term relative to the present calibration (𝐸𝑟𝑒𝑙). 

 Basis 𝛽𝑡  φ𝑀 𝛾𝑀 𝛾𝛽 𝑑0 𝐸 𝐸𝑟𝑒𝑙 

1 2004 3.65 (20%) (1) (1) (7) 0.239 (1) 

2 2004 3.73 (5%) (1) (1) (7) 0.624 2.61 

3 FD 3.76 (20%) (1) (1) (10) 0.402 1.68 

4 FD 3.76 
(20%) 
49% 

0.89 
(1) 

1.04 (10) 0.236 0.99 

5 FD 3.76 
(20%) 
57% 

0.86 
(1) 

1.01 12.4 0.161 0.67 

6 FD mod 3.74 (20%) (1) (1) (10) 0.198 0.83 

7 FD mod 3.74 
(20%) 
40% 

0.92 
(1) 

1.03 (10) 0.111 0.46 

8 FD mod 3.74 
(20%) 
46% 

0.90 
(1) 

1.01 11.6 0.084 0.35 

 

5.3 Present Eurocode 5-1-2 (2004) 

The code format in the present Eurocode 5-1-2 (2004) uses the 20% fractile and a 
partial factor equal to one for the strength in fire and has no partial factor applied on 
the charring rate (equivalent to a factor one, Table 4). The charring rate for one-sided 
charring is 0.65 mm/min and 0.7 mm/min for multi-sided charring. Applying the code 
format to the reference structures, the resulting mean reliability is 3.65 and the error 
term is 0.239 (code format 1, Table 4).  

If it were decided to decrease the fractile to 5% (as with all other materials) and keep 
the rest the same, the mean reliability index would increase to 3.73 (code format 2, 
Table 4). At the same time, the error term would increase significantly to 0.624.  

From Figure 6 it can be seen that dwelling and office structures have comparable reli-
ability indices. With increasing fire resistance, the reliability index increases. Struc-
tures only exposed on the underside have a higher reliability than structures exposed 
on multiple sides.  
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Figure 5: Reliability indices of each reference structure in each analyzed code format, separated by 
the fire resistance time. Key: black=underside exposed, grey: underside + sides exposed, o=dwellings, 
+=offices.  

 

1: 2004 2: 2004, Φ𝑀 = 5% 

3: FD 4: FD, 𝛾𝑀 = 0.89, 𝛾𝛽 = 1.04 

5: FD, 𝛾𝑀 = 0.86, 𝛾𝛽 = 1.01,  

    𝑑0 = 12.4  
6: FD mod 

7: FD mod, 𝛾𝑀 = 0.92,  
    𝛾𝛽 = 1.03  

8: FD mod, 𝛾𝑀 = 0.90,  
    𝛾𝛽 = 1.01, 𝑑0 = 11.6 
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Figure 6: Reliability index box plots of all analyzed code formats (Table 4), indicating the scatter of 
the reliability index over all considered reference structures. The box represents the reliability indices 
between the 25% and the 75% quantile, the center line indicates the median, the whiskers indicate 
the full span (min to max) of the reliability index and the star denotes the mean reliability index.  

 

5.4 Eurocode 5-1-2, final draft (FD) 

The code format in the final draft of Eurocode 5-1-2 (2021, code format 3) differs 
from the present Eurocode 5-1-2 (2004) in terms of the ZSL (10 mm instead of 7 mm) 
and the charring rate. The latter is given as 0.65*1.08=0.702 mm/min for any kind of 
exposure. Since the reliability index for structures exposed on the underside only was 
already higher than for multi-sided exposure in the present code format, the differ-
ence increased further (Figure 5, 1 vs 3). This also results in a significantly increased 
error term of 0.402, which is 68% higher than the present code format (Table 4). The 
mean reliability index increased to 3.76.  

The charring rate implies a significant uncertainty for the reliability of a structure, 
thus applying a partial factor 𝛾𝛽 (or fractile value) to it would be appropriate. The par-

tial factors on the strength 𝛾𝑀 and on the charring rate 𝛾𝛽 can then be calibrated 

(code format 4) with the target being the mean reliability index of the final draft 
(3.76). The resulting error term is minimized to roughly the error term of the present 
Eurocode 5-1-2 (0.236) with 𝛾𝑀 = 0.89 and 𝛾𝛽 = 1.04 (Table 4). The partial factor of 

0.89 on the strength together with the 20% fractile is equivalent to a partial factor of 
one with the 49% fractile. It is no surprise that the partial factor on the charring rate 
increases, since the applied safety (partial factor and fractile) did not yet correspond 
to the charring rate’s contribution to the overall uncertainty. The strength partial fac-
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tor in turn must decrease to keep the mean reliability level the same. From the relia-
bility indices of each structure (Figure 5) it can be seen that the difference between 
the exposures is reduced, which is caused by the fact that, for structures exposed on 
the underside only, the changed 𝛾𝛽 increases the safety less than the 𝛾𝑀 reduces it. 

In contrast, for structures exposed on multiple sides, the changed partial factors lead 
to an overall increase of the reliability index.  

If additionally the ZSL is calibrated (code format 5, Table 4), the error term decreases 
to 0.161. The ZSL is increased to 12.4 mm, while both partial factors decrease a little 
(𝛾𝑀 = 0.86, 𝛾𝛽 = 1.01). This leads to an increased reliability index for structures with 

30 min fire resistance and the difference between the two exposures is slightly re-
duced as well. 

5.5 Eurocode 5-1-2, final draft modified (FD mod)  

As shown before, the harmonization of the charring rates among the two exposures 
increases the differences in the reliability indices of both exposures. It would thus be 
meaningful to revert this change and apply the charring rates as in the present Euro-
code 5-1-2 (2004). This was done in the code formats 6-8 (FD mod, Table 4). With 
partial factors equal to one (code format 6), the mean reliability level is reduced 
slightly to 3.74, while the error term reduces significantly from 0.402 to 0.198, being 
17% below the error term of the present Eurocode 5-1-2 (2004). With this code for-
mat, structures exposed on the underside only still have a higher reliability index than 
structures exposed on three sides.  

This is eliminated when both partial factors are calibrated (code format 7, Table 4) 
keeping the mean reliability on the level of the code format 6: 𝛾𝑀 = 0.92, 𝛾𝛽 = 1.03. 

The error term again significantly lowers to 0.111.  

The homogeneity of the code format, i.e. the error term, can be further improved by 
additionally calibrating the ZSL (code format 8, Table 4). As in the code format in the 
final draft of Eurocode 5-1-2 (2021), the ZSL increases, while both partial factors de-
crease: 𝛾𝑀 = 0.90, 𝛾𝛽 = 1.01, 𝑑0 = 11.6 mm. The error term is reduced to 0.084. 

 

6 Conclusion 
Harmonization between the simplified and advanced design methods makes it neces-
sary that the zero strength layer (ZSL) is increased. From a purely deterministic point 
of view, i.e. by comparing the resistance between both methods, the proposed ZSL 
increase from 7 to 10 mm in the final draft of the Eurocode 5-1-2 (2021) is meaning-
ful. Considering the probabilistic code calibrations, it can be seen that a further in-
crease of the ZSL to about 12 mm would result in an even more homogenous reliabil-
ity level and, thus, a better calibrated code.  
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Unfortunately, the proposed harmonization of the charring rates to 0.7 mm/min for 
any exposure (Eurocode 5-1-2, 2021) increases the inhomogeneity of the reliability 
indices and results in an error term that is 68% higher than the error in the present 
code format (Eurocode 5-1-2, 2004). It is thus suggested to keep the differentiation 
of the charring rates for different exposures. Such a code format (0.65 mm/min for 
underside exposed, 0.7 mm/min for multiple sides exposed, ZSL of 10 mm) would be 
13% better in terms of the error term compared to the present Eurocode 5-1-2 
(2004).  

The increase of the ZSL increases the mean reliability level slightly more than a 
change from 20% to 5% in the present Eurocode 5-1-2 (2004) would, with and with-
out the harmonized charring model.  

A further improvement of the code format would be possible by introducing a partial 
factor on the charring rate and/or lowering its fractile. Since the present mean relia-
bility level is deemed sufficient, the increase in safety on the charring rate could be 
compensated by a further increase of the strength fractile. However, such a funda-
mental change (1) has implications to many formulas in the code apart of the bend-
ing resistance, (2) might be difficult to communicate to practitioners and (3) the frac-
tile for the strength would deviate even more from other materials than today. Thus, 
it is suggested that only the ZSL is changed in the basic resistance model, but neither 
the strength, nor the charring rates. 
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DISCUSSION 

The papers was presented by A Frangi 

F Lam commented about the calculation of �i for the reliability analysis where the 
cross sectional geometry of the residual cross section would be used together with the 
original beam strength distribution to characterize the random resistance.  He 
received confirmation that the parameters needed to establish the residual cross 
sectional geometry were not considered as stochastic.  A Frangi said that it did not 
matter because this was a code calibration process against a past approach. 

P Parma commented that only beam datasets were used for the calibration and asked 
if the conclusion would change if one considered columns.  A Frangi replied that they 
would not expect any difference with columns as this was a code calibration process.  
There were discussions that it would be interesting to extend the dataset to other 
elements and load conditions.  Also stability issues could be important. 

F Hochreiner and A Frangi discussed the use of zero strength layer as calibration 
parameter with only one value.  G Hochreiner commented that calculation of internal 
forces was based on original cross section but stress evaluation was based on residual 
cross section therefore there would be inconsistencies. 
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4  Peer review of papers for the INTER 
Proceedings 
 

Experts involved:  

 

The reviews are undertaken by long standing members of the INTER group which is a 

community of experts in the field of timber engineering. 

 

Procedure of peer review 

 

 Submission of manuscripts: all members of the INTER group attending the 
meeting receive the manuscripts of the papers at least four weeks before the 
meeting. Everyone is invited to read and review the manuscripts especially in 
their respective fields of competence and interest.  
 

 Presentation of the paper during the meeting by the author  
 

 Comments and recommendations of the experts, discussion of the paper 
 

 Comments, discussion and recommendations of the experts are documented 
in the minutes of the meeting and are printed on the front page of each paper.  
 

 Final acceptance of the paper for the proceedings with 
 
 no changes 
 minor changes 
 major changes  
 or reject 
 

 Revised papers are to be sent to the editor of the proceedings and the 
chairman of the INTER group 
 

 Editor and chairman check, whether the requested changes have been carried 
out.  
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